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SUMMARY

Propellers can enable a significant reduction in energy use of future aircraft by offering
a higher propulsive efficiency than turbofan engines. However, the integration of pro-
pellers with the airframe is complicated by aerodynamic and aeroacoustic interactions,
which can lead to performance and noise penalties. Yet, by optimally integrating the
propellers with the airframe, these installation penalties can be minimized or even con-
verted into significant performance benefits. Recent interest in hybrid-electric and fully-
electric propulsion has made propeller–airframe integration even more relevant because
of the close coupling between multiple propellers and the airframe typical of aircraft
with such propulsion technologies. A key example of a potentially beneficial integra-
tion approach is the tip-mounted propeller. Wingtip-mounted configurations provide
efficiency benefits due to tip-vortex attenuation, while pylon-mounted and horizontal-
tailplane-mounted configurations avoid issues such as cabin noise and ground clear-
ance. This thesis provides an experimental analysis of the aerodynamic and aeroacoustic
interactions and potential performance-enhancement strategies for tip-mounted pro-
pellers, focusing on the wingtip-mounted and pylon-mounted configurations.

An experimental approach was taken to allow for rapid analysis of the interaction ef-
fects and their sensitivity to several dominant variables, and to generate data sets which
can be used to validate future numerical simulations. Measurements were taken with
three test setups in open-jet and closed-section low-speed wind tunnels, featuring two
single-rotating propeller models installed in close proximity to different wing and pylon
models. Various measurement techniques were applied to quantify the impact of the
interaction effects on the flowfield, the propeller performance and noise emissions, and
the wing or pylon loading. Compared to typical cruise flight conditions of propeller air-
craft, the experiments were performed at relatively low Mach and Reynolds numbers.
Even though this may have led to offsets in a number of quantitative conclusions, all
dominant physical phenomena will have been captured in the experiments.

The performance of propulsion systems with tip-mounted propellers is strongly af-
fected by the interaction between the propellers and the tip vortex of their support, both
for tractor-propeller and pusher-propeller configurations. Detailed measurements for
the tractor configuration showed that wingtip-mounted propellers with inboard-up ro-
tation decrease wing induced drag by attenuating the wingtip vortex by the swirl in the
propeller slipstream. In a direct comparison with a conventional propeller–wing lay-
out, the wingtip-mounted configuration showed a drag benefit of around 15% at a thrust
coefficient of 0.12 and a wing lift coefficient of 0.5. This aerodynamic benefit increased
upon increasing the propeller thrust setting and the wing lift coefficient. For pusher pro-
pellers, the circumferential velocity components induced by the tip vortex modify the
effective advance ratio of the propeller. Preliminary measurements with a pylon model
at nonzero angle of attack showed that this improves the propeller performance when
the sense of rotation of the propeller is opposite to that of the tip vortex.
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SUMMARY

The tip-vortex interaction causes asymmetric aerodynamic loading for vehicles with
co-rotating tractor propellers. In such case, swirl-recovery vanes (SRVs) can be applied to
recover the propeller-induced swirl before it interacts with the wing, thereby mitigating
the potential performance penalty. Measurements with an isolated propeller–SRV com-
bination confirmed the potential of SRVs to reduce the swirl in the propeller slipstream.
However, the propulsive performance of these SRVs was limited by stall on the inboard
part of the vanes. Preliminary investigations with an installed tip-mounted tractor pro-
peller showed that the reduction in swirl in the slipstream can decrease the difference
in aerodynamic loading for the cases with inboard-up and outboard-up propeller rota-
tion. This confirms that SRVs can be applied to alleviate the asymmetric loading in case
of a co-rotating propeller configuration. In addition to the effects on the time-averaged
performance, the unsteady interactions between the propeller and the SRVs introduce
additional noise sources due to unsteady propeller-blade and SRV loading. The resulting
increase in tonal noise was manifested mostly by a significant amplification of the lev-
els of the higher harmonics. This especially affected the system noise emissions at low
propeller thrust setting, with a noise penalty of up to 7 dB. At higher thrust settings, the
tonal noise penalty was lower at 3−5 dB.

For tractor-propeller configurations, harmonic loading occurs on the downstream
aerodynamic surface due to the unsteady interaction with the propeller slipstream. This
may result in vibrations which are transmitted to the fuselage, and can be perceived in-
side the cabin as structure-borne noise. The measurements showed that the pressure
fluctuations on the downstream aerodynamic surface are dominated by the propeller-
blade tip vortices, which cause a periodic pressure response with strong harmonics. The
amplitude of the pressure fluctuations increases with increasing thrust setting, while the
unsteady lift coefficient features a nonmonotonic dependency on the thrust setting. The
lowest integrated unsteady loads were obtained for cases with approximately integer ra-
tios between the surface’s chord length and the wavelength of the perturbation associ-
ated with the propeller-blade tip vortices. This implies that structure-borne noise may
be reduced by matching the downstream chord length with an integer multiple of the
axial separation between the propeller tip vortices.

A flow-permeable leading edge provides an alternative, passive means to alleviate
the unsteady loading. Experiments were performed to quantify the potential benefits of
such an approach compared to the solid baseline configuration. The geometry of the
considered flow-permeable leading edges was not optimized; instead, the designs were
based on previous work available in the literature. Measurements with particle-image
velocimetry showed that the flow through the flow-permeable leading edge increases
the boundary-layer thickness on the suction side of the pylon. This caused higher drag
due to viscous dissipation, and reduced lift at angles of attack above 6 deg. The increased
boundary-layer thickness and flow through the cavity enhanced the viscous interaction
with the cores of the propeller tip vortices, reducing the velocity fluctuations near the
pylon surface by up to 35%. Consequently, lower tonal noise emissions from the pylon
were measured in the far field, suggesting the desired reduction in surface pressure fluc-
tuations by application of the flow-permeable leading edge.
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SUMMARY

Pusher propellers suffer from a dominant interaction between the blades and the
wake of the upstream wing or pylon. An analysis of the pylon-mounted configuration
showed that the wake encounter leads to periodic impulsive blade-loading fluctuations.
These cause unsteady-loading noise, resulting in a measured tonal noise penalty of up
to 24 dB. The unsteady-loading noise peaked in the upstream direction and became in-
creasingly relevant with decreasing propeller thrust setting because of the associated
reduction of the steady blade loads. In contrast, the integrated propeller performance
was not significantly altered by the pylon-wake encounter.

Pylon-blowing systems can be applied as active control technique to minimize the
noise penalty caused by the wake encounter. Particle-image-velocimetry measurements
between a pylon and a propeller confirmed the efficacy of a trailing-edge blowing system
to reduce the momentum deficit in the pylon wake. Consequently, the application of the
blowing system alleviated the pylon-installation effects at the source. At an interme-
diate thrust setting, the root mean square of the blade-loading fluctuations due to the
wake encounter was reduced by up to 60%, resulting in noise emissions approximately
equal to those recorded for the isolated propeller. At a lower thrust setting, on the other
hand, a noise penalty remained due to the velocity deficit which persisted on both sides
of the blowing jet. This can be solved by using a chordwise blowing system, which pro-
vides higher wake uniformity than the trailing-edge blowing system, while also enabling
effective wake filling at nonzero angle of attack.

The results presented in this thesis emphasize the sensitivity of the aerodynamic and
aeroacoustic performance of installed tip-mounted propeller propulsion systems to in-
teractions between the propeller and the airframe. It is shown that significant integration
benefits can be obtained by exploiting the beneficial interactions, while both active and
passive control techniques are available to mitigate the adverse interactions. The knowl-
edge gained from the research study discussed in this thesis can be used to advantage in
the design of future highly efficient aircraft.
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SAMENVATTING

Het hogere voortstuwingsrendement van propellers ten opzichte van turbofans maakt
het mogelijk om het energieverbruik van toekomstige vliegtuigen significant te vermin-
deren. Echter, de integratie van propellers met de rest van het vliegtuig wordt gecom-
pliceerd door aerodynamische en aero-akoestische interacties, welke tot prestatie- en
geluidsproblemen kunnen leiden. Door de propellers optimaal te integreren met de rest
van het vliegtuig kunnen deze negatieve installatie-effecten geminimaliseerd worden, of
zelfs omgezet worden in een aanzienlijke verbetering van de prestaties. De recente in-
teresse in hybride en volledig elektrische voortstuwing heeft de integratie van propellers
nog relevanter gemaakt vanwege de nauwe koppeling tussen de propellers en de rest
van het vliegtuig die typisch is bij toepassing van dergelijke voortstuwingstechnieken.
Een belangrijk voorbeeld van een potentiële voordelige integratieaanpak is het installe-
ren van de propeller aan de tip van de vleugel, een pylon, of het horizontale staartvlak.
Vleugeltip-geïnstalleerde configuraties bieden efficiëntievoordelen door de gunstige in-
teractie tussen de slipstroom van de propeller en de tipwervel van de vleugel, terwijl
configuraties met de propellers geïnstalleerd aan een pylon of het horizontale staartvlak
problemen vermijden ten aanzien van cabinegeluid en bodemvrijheid. Dit proefschrift
presenteert een experimentele analyse van de belangrijkste interacties en mogelijke stra-
tegieën voor prestatieverbeteringen voor propellers geïnstalleerd aan de tip van een py-
lon of de vleugel.

Het werk is gebaseerd op windtunnel experimenten, omdat deze snelle analyses mo-
gelijk maken van de interacties en hun gevoeligheid ten aanzien van verschillende do-
minante variabelen, en tevens gegevenssets opleveren die gebruikt kunnen worden om
toekomstige numerieke analyses te valideren. De metingen werden gedaan met drie ver-
schillende opstellingen in open-straal en gesloten lage-snelheids windtunnels, waarbij
gebruik werd gemaakt van twee propellermodellen geïnstalleerd in de nabijheid van ver-
schillende vleugel- en pylonmodellen. Diverse meettechnieken werden toegepast om de
invloed van de interacties op het stromingsveld, de prestaties en geluidsemissies van de
propeller, en de belasting van de vleugel of pylon te kwantificeren. Ten opzichte van
typische vliegcondities tijdens de kruisvlucht van propellervliegtuigen werden de expe-
rimenten uitgevoerd bij relatief lage Mach- en Reynoldsgetallen. Hoewel dit tot afwijkin-
gen geleid zou kunnen hebben in een aantal kwantitatieve conclusies, zullen alle over-
heersende fysische verschijnselen in het experiment opgetreden zijn.

De prestatie van voortstuwingssystemen met aan de tip geïnstalleerde propellers
wordt sterk beïnvloed door de interactie tussen de propeller en de tipwervel van zijn
ophanging, zowel voor trek- als duwconfiguraties. Uitvoerige metingen gericht op de
trekconfiguratie toonden aan dat aan de vleugeltip geïnstalleerde propellers de geïndu-
ceerde weerstand van de vleugel verminderen doordat de tipwervel verzwakt wordt door
de draaiing in de slipstroom van de propeller. In een direct vergelijk met een conventi-
onele propeller–vleugel configuratie vertoonde de aan de vleugeltip geïnstalleerde pro-
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SAMENVATTING

peller een weerstandsvermindering van ongeveer 15% bij een voortstuwingscoëfficiënt
van 0.12 en een liftcoëfficiënt van de vleugel van 0.5. Dit aerodynamische voordeel nam
toe met toenames van de voortstuwingscoëfficiënt van de propeller en de liftcoëfficiënt
van de vleugel. Voor propellers in duwconfiguratie veranderen de snelheidscomponen-
ten in de omtrekrichting, geïnduceerd door de tipwervel, de effectieve voortgangscoëffi-
ciënt van de propeller. Initiële metingen met een pylonmodel onder invalshoek toonden
aan dat dit de propellerprestaties verbetert indien de draairichting van de propeller te-
genovergesteld is aan die van de tipwervel.

De tipwervelinteractie leidt tot een asymmetrische aerodynamische belasting voor
vliegtuigen met co-roterende propellers in trekconfiguratie. In zulke gevallen kunnen
‘swirl-recovery vanes’ (SRV’s) toegepast worden om de draaiing in de slipstroom te ver-
minderen voordat deze een interactie kan aangaan met de vleugel. Op deze wijze kan
de mogelijke verstoring van de prestaties voorkomen worden. Metingen met een geïso-
leerde propeller–SRV combinatie bevestigden het potentieel van SRV’s om de draaiing
in de propellerslipstroom te verminderen. Echter, de voortstuwingsprestaties van deze
SRV’s werden beperkt door overtrek op hun binnenste gedeelte. Een initiële studie met
een aan de tip van een pylon geïnstalleerde propeller in trekconfiguratie bevestigde het
potentieel van SRV’s om het verschil in aerodynamische belasting tussen de gevallen
met ‘inboard-up’ en ‘outboard-up’ rotatie van de propeller te verkleinen en derhalve de
asymmetrie in krachten in het geval van een vliegtuig met co-roterende propellers te
verminderen. Naast de effecten op de tijdgemiddelde prestaties introduceren de tijdaf-
hankelijke interacties tussen de propeller en de SRV’s geluidsbronnen ten gevolge van de
tijdafhankelijke belasting op de propellerbladen en de SRV’s. De resulterende toename
in tonaal geluid manifesteerde zich voornamelijk als een significante versterking van de
niveaus van de hogere harmonischen. Dit beïnvloedde de geluidsemissies vooral bij een
lage stuwkrachtinstelling van de propeller, waarvoor een geluidstoename van tot 7 dB
gemeten werd. Bij hogere stuwkrachtinstellingen van de propeller was de toename in
tonaal geluid kleiner met 3−5 dB.

Voor propellers geïnstalleerd in een trekconfiguratie ontstaat een harmonische be-
lasting op stroomafwaarts gelegen aerodynamische oppervlakten door de tijdafhanke-
lijke interactie met de slipstroom van de propeller. Dit kan leiden tot vibraties, welke
worden doorgevoerd naar de romp en als structuurgedragen geluid kunnen worden er-
varen in de cabine. De metingen hebben bevestigd dat de drukfluctuaties op in de slip-
stroom gelegen oppervlakten overheerst worden door de tipwervels van de propellerbla-
den, die zorgen voor een periodieke drukrespons met sterke harmonischen. De ampli-
tude van de drukfluctuaties neemt toe met toenemende stuwkrachtinstelling, terwijl de
tijdafhankelijke liftcoëfficiënt een niet-monotoon verband vertoont met de stuwkracht-
instelling van de propeller. De kleinste tijdafhankelijke integrale belastingen werden
gemeten in gevallen waarvoor de verhouding tussen de koordelengte en de golflengte
van de verstoring door de tipwervels van de propeller gelijk was aan een geheel getal.
Dit houdt in dat verminderingen van structuurgedragen geluid behaald zouden kunnen
worden door het afstemmen van de stroomafwaarts gelegen koordelengte op een geheel
veelvoud van de afstand in stromingsrichting tussen de tipwervels van de propeller.

Een alternatieve passieve manier om de tijdafhankelijke belasting te verminderen is
door de vleugel of pylon uit te rusten met een voorrand die de stroming deels doorlaat.
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Experimenten werden uitgevoerd om de voordelen van een dergelijke aanpak te kwanti-
ficeren ten opzichte van een niet-doorlaatbare referentieconfiguratie. De geometrie van
de permeabele voorranden was niet geoptimaliseerd; in plaats daarvan waren de ont-
werpen gebaseerd op eerder werk beschreven in de literatuur. Metingen met ‘particle-
image velocimetry’ toonden aan dat de stroming door de permeabele voorrand de dikte
van de grenslaag op de zuigzijde van de pylon vergrootte. Dit resulteerde in een hogere
weerstand door viskeuze dissipatie en een lagere draagkracht bij invalshoeken groter
dan 6 graden. De toegenomen grenslaagdikte en de stroming door de holte vergroot-
ten de viskeuze interactie met de tipwervelkernen, waardoor de snelheidsfluctuaties in
de nabijheid van het oppervlakte van de pylon afnamen met maximaal 35%. Dienten-
gevolge werden lagere tonale geluidsemissies gemeten in het verre veld, hetgeen sugge-
reert dat de toepassing van de permeabele voorrand de gewenste afname in drukfluctu-
aties op het oppervlakte opleverde.

Propellers in duwconfiguratie ondervinden een dominante interactie tussen de bla-
den en het zog van de stroomopwaarts gelegen vleugel of pylon, hetgeen resulteert in een
niet-uniforme instroming naar de propeller. Een analyse van de pylon-geïnstalleerde
configuratie toonde aan dat de zog-interactie tot een periodieke impulsieve belasting
leidt, als gevolg waarvan een tonale geluidstoename van maximaal 24 dB gemeten werd.
De geluidstoename was het sterkst in stroomopwaartse richting en werd in toenemende
mate relevant met afnemende stuwkrachtinstelling van de propeller door de bijbeho-
rende afname van de tijdgemiddelde bladbelasting. In tegenstelling hiertoe werden de
geïntegreerde propellerprestaties niet significant veranderd door de zog-interactie.

Een aanblaassysteem in de pylon biedt een actieve controletechniek om de geluids-
toename door de zog-interactie te minimaliseren. Metingen met ‘particle-image veloci-
metry’ tussen een pylon en een propeller toonden de effectiviteit aan van een in de ach-
terrand geïntegreerd aanblaassysteem voor het verminderen van het impulsverlies in het
zog van de pylon. De toepassing van het aanblaassysteem verminderde de effecten van
de installatie van de pylon derhalve aan de bron. Bij een gematigde stuwkrachtinstel-
ling van de propeller werd het kwadratisch gemiddelde van de bladbelastingfluctuaties
ten gevolge van de zog-interactie verminderd met maximaal 60%, hetgeen resulteerde in
geluidsemissies die ongeveer gelijk waren aan die van de geïsoleerde propeller. Bij een
lagere stuwkrachtinstelling daarentegen restte een geluidstoename door het snelheids-
defect dat overbleef aan beide kanten van de geblazen straal. Dit kan opgelost worden
door een aanblaassysteem te gebruiken met de uitstroomopeningen geïntegreerd langs
de koorde van het profiel. Dit zal tot een hogere uniformiteit van het zog leiden dan
met het in de achterrand geïntegreerde aanblaassysteem, terwijl het ook de mogelijk-
heid biedt om het zog effectief te vullen onder invalshoek.

De resultaten besproken in dit proefschrift benadrukken de gevoeligheid van de ae-
rodynamische en aero-akoestische prestaties van aan de tip geïnstalleerde propeller-
voortstuwingssystemen voor interacties tussen de propeller en de rest van het vliegtuig.
Significante integratievoordelen kunnen behaald worden door de gunstige interacties
uit te buiten via een integraal ontwerpproces, terwijl zowel actieve als passieve tech-
nieken beschikbaar zijn om de invloed van nadelige interacties te beperken. De kennis
vergaard tijdens het onderzoek besproken in dit proefschrift kan benut worden voor het
ontwerp van toekomstige zeer efficiënte vliegtuigen.
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NOMENCLATURE

VARIABLES

a = speed of sound, m/s
A = integral wake velocity deficit (Eq. A.3)
Aout = outflow area of pylon blowing system, m2

AR = b2/S, aspect ratio
b = 2s, span, m
binsert = pylon span affected by flow-permeable insert, m
bw = wake semiwidth, m
B = propeller blade count
BPF = nB , blade-passage frequency, Hz
c = chord length, m
cd = d/q∞c, section drag coefficient
cdp = dp/q∞c, section pressure-drag coefficient
cl = l/q∞c, section lift coefficient
cṁ = ṁ/(ρ∞V∞Aout), blowing coefficient (Chapter 11)
cn = n/qeffc, section normal-force coefficient
cn = time-averaged section normal-force coefficient
c ′n = unsteady section normal-force coefficient
c ′nSRV

= unsteady SRV section normal-force coefficient
cnwake = section normal-force coefficient at maximum impact of wake en-

counter
cq = q/q∞c, section torque coefficient
ct = t/q∞c, section thrust coefficient
ctSRV = tSRV/ρ∞n2D3, sectional SRV thrust coefficient
CD = D/q∞S, drag coefficient
CDmin = minimum drag coefficient
CL = L/q∞S, lift coefficient
C ′

L = unsteady lift coefficient
CLCDmin

= lift coefficient at minimum drag coefficient

C ′
Lrms

= rms of unsteady lift coefficient (Eq. 7.2)
CLα = lift-curve slope, 1/deg
Cp = (p −p∞)/q∞, static-pressure coefficient
C ′

p = p ′/q∞, unsteady pressure coefficient
C̃ ′

p = Fourier coefficients of unsteady pressure coefficient
C ′

padv
= unsteady pressure coefficient on advancing side of the pylon

C ′
pretr

= unsteady pressure coefficient on retreating side of the pylon
C ′

prms
= rms of unsteady pressure coefficient
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C ′
prms

= spatial average of rms of unsteady pressure coefficient (Eq. 7.1)
Cpt = (pt −p∞)/q∞, total-pressure coefficient
CP = P/ρ∞n3D5, propeller power coefficient
CQ = Q/ρ∞n2D5, propeller torque coefficient
CT = T /ρ∞n2D4, propeller thrust coefficient
CTSRV = TSRV/ρ∞n2D4, SRV thrust coefficient
Cµ = 2hslotV

2
j /cV 2∞, blowing coefficient (Appendix A)

C∗
µ = optimal blowing coefficient (Appendix A)

d = drag force per unit span, N/m
dp = pressure-drag force per unit span, N/m
dA = infinitesimal area element, m2

dΓ = shed circulation due to spanwise lift gradient, m2/s
D = drag force, N

= propeller diameter, m
Da = effective diameter of microphone array, m
Dhole = hole diameter in flow-permeable surface, m
e = span-efficiency parameter
f = frequency, Hz
FSRV = resultant force on SRV, N
hslot = slot height, m
J = V∞/nD , propeller advance ratio
k = wave number
l = lift force per unit span, N/m
L = lift force, N
ṁ = mass flow, kg/s
M = V /a, Mach number
n = normal force per unit span, N/m

= propeller rotational speed, Hz
nBPF = number of tones used to compute cumulative tonal noise level
p = acoustic pressure, Pa

= static pressure, Pa
∇p = pressure gradient, Pa/m
p ′ = unsteady pressure, Pa
patm = atmospheric pressure, Pa
pi ·BPF = acoustic pressure of tone at i times the blade-passage frequency, Pa
pt = p +q , total pressure, Pa
P = propeller power, W
q = ρV 2/2, dynamic pressure, Pa

= torque contribution per unit span, N/m
Q = propeller torque, Nm
r = radial coordinate, m
rmic = distance from propeller center to microphone, m
R = propeller radius, m
Rhub = hub radius, m
Rnac = nacelle radius, m
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RSRV = SRV radius, m
Rec = V c/ν, Reynolds number based on chord length
ReD = V∞D/ν, Reynolds number based on propeller diameter
s = wing semispan, m
S = Sears function (Eq. 2.7)

= wing reference area, m2

SO = f /n, shaft order
SPL = sound-pressure level, dB
t = thrust contribution per unit span, N/m

= time, s
tcavity = cavity depth underneath flow-permeable surface, m
tSRV = sectional SRV thrust, N/m
T = thrust, N
TSRV = SRV thrust, N
V = velocity, m/s
|V| = velocity magnitude, m/s
Va = axial velocity, m/s
Vdisk = effective velocity at propeller disk (from actuator-disk theory), m/s
Vj = jet velocity, m/s
Vn = normal velocity, m/s
Vt = tangential velocity, m/s
wk = Fourier component of periodic upwash velocity, m/s
W = W-criterion (Eq. A.2)
W ∗ = W-criterion at best available blowing parameters
x = chordwise coordinate, m
X ,Y , Z = streamwise, spanwise, vertical coordinate, m
Xslot = chordwise location of blowing slot, m
X ∗

slot = best available chordwise location of blowing slot, m
y+ = normal spacing at first cell adjacent to airfoil surface
Yn = wall-normal coordinate, m
Zmax = spanwise coordinate of upper integration limit in Eqs. 7.1 and 7.2, m
Zmin = spanwise coordinate of lower integration limit in Eqs. 7.1 and 7.2, m
α = angle of attack, deg
β = angle of sideslip, deg

= blade pitch angle, deg
Γ = circulation strength, m2/s
δ = boundary-layer thickness, m
δf = flap deflection angle, deg
∆clk

= 2πwk S/Veff, Fourier component of unsteady lift coefficient
∆CD = (CDPxxCy −CDs )/CDs , relative drag increase due to application of flow-

permeable insert PxxCy
∆CDt = CDt −CDc , difference in drag coefficient due to tip-mounted configu-

ration
∆C ′

p = difference between unsteady pressure coefficients on retreating and
advancing sides of the pylon
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∆Cpt = C P-on
pt

−C P-off
pt

, rise in total-pressure coefficient due to propeller

∆Cpt = circumferentially averaged rise in total-pressure coefficient due to
propeller

∆Ėkrot = change in rotational kinetic energy flow due to the propulsion system,
J/s (Eq. 9.1)

∆Ėktot = change in total kinetic energy flow due to the propulsion system, J/s
(Eq. 9.2)

∆Jα = change in effective advance ratio due to interaction with pylon tip
vortex

∆R = microphone-array resolution, m (Eq. 4.2)
∆SPL = SPLs − SPLPxxCy , reduction in sound pressure level due to applica-

tion of flow-permeable insert PxxCy , dB
∆T = propeller thrust modification, N
∆V = change in velocity with respect to baseline, m/s
|∆V| = magnitude of propeller-induced velocity, m/s
∆|V| = |V|PxxCy − |V|s, change in velocity magnitude due to flow-permeable

insert PxxCy , m/s
∆Va = induced axial velocity, m/s
∆Vt = induced tangential velocity, m/s
∆Xp = distance from propeller plane to wing/pylon leading edge, m
∆Xpyl = distance from pylon trailing edge, m
∆α = angle-of-attack perturbation, deg
∆η = ηSRVs-on −ηSRVs-off, change in propulsive efficiency due to SRVs
εV = uncertainty velocity component from PIV, m/s
η = JCT /CP , propeller efficiency
ηp = 2/(2+∆V /V∞), propulsive efficiency
ηSRVs-off = propulsive efficiency without swirl-recovery vanes installed
ηSRVs-on = propulsive efficiency with swirl-recovery vanes installed
θ = advance angle of blade section, deg

= axial (geometric) directivity angle, deg
= tan−1(Vt/Va), swirl angle, deg

θe = axial emission angle, deg
λ = wavelength, m
ν = kinematic viscosity, m2/s
ρ = air density, kg/m3

σ = kπnc/Veff, reduced frequency
σp = porosity factor
σi ·BPF

SPL = standard deviation of measured sound-pressure levels at i times the
blade-passage frequency, dB

ΣSPL = cumulative tonal noise level, dB (Eq. 9.3)
φ = blade angular position, deg

= circumferential directivity angle, deg
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1
INTRODUCTION

W HEN Orville Wright took off in 1903, he relied on propellers to generate the thrust
required for the first ever successful powered, heavier-than-air, controlled flight.

In the decades following this historic moment, all powered aircraft were equipped with
propeller propulsion systems. The propellers were driven by piston engines, which lim-
ited the airplane performance in terms of service ceiling and flight velocity. It was only
at the end of World War II that a radically new aircraft propulsion system was intro-
duced to overcome these drawbacks: the jet engine. Providing the opportunity to reach
higher flight velocities than with propellers, the jet engine has been the propulsion type
of choice for most passenger aircraft ever since. This is reflected in modern airliners,
which are predominantly equipped with turbofan engines.

Following the introduction of the jet engine, the development of propellers slowed
down for several decades, until NASA resumed propeller research activities in the 1970s.
Driven by the 1973 oil crisis and the resulting imminent need for more fuel-efficient
aircraft, the Advanced Turboprop Project (ATP) [1] was started to explore the potential
benefits of advanced propellers for passenger-transport aircraft. The very high effective
bypass ratio of propellers promised a significant propulsive-efficiency gain compared
to turbofan engines. This can be understood from the combination of Eqs. 1.1 and 1.2,
which describe the system thrust T (ignoring the potential contribution due to pressure)
and propulsive efficiency ηp as a function of mass flow ṁ and velocity increment ∆V :

T = ṁ∆V , (1.1)

ηp = 2

2+∆V /V∞
. (1.2)

By increasing the bypass ratio, the mass flow can be increased, and thus the same thrust
can be obtained with a smaller velocity increment (Eq. 1.1). This directly leads to a higher
propulsive efficiency (Eq. 1.2), an inherent benefit of propeller propulsion systems.

The advanced-propeller concept proposed by NASA and partners, named propfan,
was unveiled in 1975 [2], one year before the official start of ATP. Extensive research
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was then performed on the aerodynamics and aeroacoustics of both single-rotating and
contra-rotating propeller designs, ultimately leading to full-scale flight tests with contra-
rotating open rotors (CRORs) on McDonnell Douglas and Boeing aircraft (Fig. 1.1) [3].
However, despite promising test results [4], the decrease in fuel prices toward the end of
the 1980s reduced the commercial appeal of the propfan, and the ATP was terminated
in 1987 [5]. In parallel with the activities by NASA, propeller-related research had started
in Europe at Airbus in the early 1980s [6]. This continued throughout the 1990s, with
as most notable activities the EU-funded research projects SNAAP, GEMINI, GEMINI
II, and APIAN, focusing especially on propeller–airframe interactions for wing-mounted
propeller configurations.

Figure 1.1: Boeing 727 testbed equipped with contra-rotating open rotor (GE-36 unducted fan) developed
during NASA’s Advanced Turboprop Project.*

Concerns about the growing impact of air travel on global warming and an increasing
pressure on airlines’ profit margins have once more revived interest in propeller tech-
nology since the mid-2000s. Efficient propulsion systems are required to achieve a step
change in the performance of future aircraft designs, which will have to address both of
the above concerns. Advanced propellers provide a potential solution to this challenge
by offering a higher propulsive efficiency than turbofan engines, as discussed before.
However, the use of propellers also has several disadvantages. Historically, the two main
drawbacks have been the limitation of the aircraft’s cruise speed and the relatively high
noise emissions, while additional challenges arise due to aspects like ground clearance,
certification issues related to blade failure, and the need for a complex and heavy blade
pitch-control system [2, 6, 7].

Improved blade designs and manufacturing processes have lifted the constraint on
the maximum attainable flight velocity with propellers, which used to be a significant
drawback for applications on larger transport aircraft [2]. An example of an aircraft fea-
turing the resulting advanced, highly swept blades is the Airbus A400M (Fig. 1.2), a mil-
itary airlifter capable of reaching a cruise Mach number of 0.72. By allowing higher disk

*© Boeing, licensed use
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1loadings with minimal swirl losses, contra-rotating propeller systems can be used to fur-
ther increase attainable flight speeds to Mach numbers around 0.8 [8]. However, this
benefit comes at the cost of adverse aerodynamic and aeroacoustic interaction effects
and increased complexity.

Figure 1.2: Advanced propellers installed on the Airbus A400M.

The noise problem of isolated propellers has been addressed by extensive research
studies in the United States [3, 8, 9] and Europe [10, 11], especially focusing on CRORs.
Improved computer hardware and simulation techniques have enabled simultaneous
consideration of aerodynamic and aeroacoustic performance during the blade design
process [10]. As a result, the CROR’s high propulsive efficiency can nowadays be achieved
while maintaining margins to noise certification standards [8, 9]. This was confirmed by
analyses at airplane design level [12, 13]. When compared to an equivalent-technology-
level geared turbofan, estimated fuel-burn reductions of approximately 10− 20% were
computed, with sufficient noise margin relative to current certification standards.

The main challenge that remains to be overcome for propellers to make a widespread
comeback on passenger aircraft is the optimal integration of the propellers with the air-
frame [3]. Propeller–airframe interactions modify the aircraft performance and noise
emissions, which so far has not been sufficiently taken into account in the design pro-
cess. For tractor propellers, aerodynamic surfaces immersed in the propeller slipstream
experience unsteady loading, which may lead to vibrations and associated cabin noise.
For pusher propellers, the inflow to the propeller is perturbed by the wake of the up-
stream support, leading to unsteady blade loads and increased noise emissions. Follow-
ing previous work on semi-installed configurations (e.g. Refs. [14–17]), recent experi-
ments have considered the aerodynamic and aeroacoustic performance of both pusher
and tractor propellers on model-scale aircraft [18, 19]. Although such experiments have
provided increased insight into the impact of airframe-installation effects on propeller
performance and noise emissions, detailed investigations of the physical mechanisms
behind several of the interaction phenomena are still missing.

5



1

1. INTRODUCTION

Previous studies have identified tip-mounted propellers as a potential way to min-
imize the airframe-integration problems. Two types of aft-mounted propeller configu-
rations have been proposed, with the propellers installed at the tip of either dedicated
support pylons or the horizontal tailplane [6, 20, 21]. The advantages of such layouts
are the ‘clean’ wing, potentially increased ground clearance, and reduced cabin-noise
levels due to the larger distance from the propellers to the passenger seats compared
to conventional wing-mounted propeller configurations. Despite several successful test
flights with concepts featuring pylon-mounted propellers (Figs. 1.1 and 1.3), until now
such aircraft configurations have not been commercialized. At present, research on the
tailplane-mounted layout is ongoing through the EU-funded Clean Sky 2 Regional Air-
craft Innovative Aircraft Demonstrator Platform, again focusing on the aerodynamic and
aeroacoustic integration challenges.

a) NAL Saras PT1N† b) Cessna ATPTB‡ c) Embraer CBA-123 Vector§

Figure 1.3: Examples of experimental aircraft with pylon-mounted propellers.

Recent interest in hybrid-electric [22] and fully-electric [23] propulsion has made
propeller–airframe integration even more relevant because of the close coupling be-
tween multiple propellers and the airframe typical of aircraft featuring these propulsion
technologies. The use of electric motors increases design flexibility by practically elim-
inating potential penalties of downscaling the motors [23]. This enables novel config-
urations involving for example distributed propellers, for which successful propulsion–
airframe integration is crucial.

The increased design freedom offered by electrification of the propulsion system also
allows to revisit an abandoned concept: the wingtip-mounted propeller. For such a con-
figuration, the system efficiency can be enhanced significantly due to a favorable inter-
action between the propeller slipstream and the wingtip vortex [24–26]. This was al-
ready known in the 1940s, when the Vought V-173 (Fig. 1.4a) and subsequently Vought
XF5U were developed and flight tested as part of a U.S. Navy fighter aircraft program
started during World War II. However, development was canceled in 1947 because of
the introduction of the jet engine. Ever since, the use of wingtip-mounted propellers
has been prevented by aeroelastic problems, high wing mass imposed by inertia loads,
and insufficient control power to overcome a one-engine-inoperative condition. The
wingtip-mounted propeller configuration also occurs for tiltrotor aircraft in cruise mode
[27]. However, the relatively low disk loadings typical of such vehicles combined with the
complicated, multi-objective rotor design reduces the potential aerodynamic benefits.

†Credits: National Aerospace Laboratories (NAL)
‡Credits: http://cessnateur.blogspot.com/
§© Bill Blanchard, used with permission
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1.1. THESIS OBJECTIVE

1The emergence of electric propulsion makes the wingtip-mounted propeller a feasi-
ble design option for future aircraft. By downscaling the motors and propellers, the ma-
jor drawbacks of the wingtip-mounted configuration can be overcome. The NASA X-57
Maxwell [28, 29] (Fig. 1.4b), currently under development, is a prime example of a mod-
ern vehicle with wingtip-mounted propellers. In order to maximize the performance
benefits offered by wingtip-mounted propellers, the aerodynamic and aeroacoustic in-
teractions between the propellers and the airframe need to be understood in detail.

a) Vought V-173.¶ b) Artist impression of NASA’s X57 Maxwell.||

Figure 1.4: Examples of experimental aircraft with wingtip-mounted propellers.

1.1. THESIS OBJECTIVE
Existing research on propeller–airframe interactions has mostly considered the conven-
tional layout with the propellers installed on the inboard part of the wing, while the
interactions specific to the tip-mounted configuration have not received sufficient at-
tention. A detailed understanding of the relevant interaction effects is crucial to identify
performance-enhancement strategies, which could be applied to maximize the installed
performance of tip-mounted propellers. In addition, comprehensive experimental data
are needed to validate both low-order and high-order computational tools, which are
necessary for future design and analysis of tip-mounted propellers. The objective of
this thesis is to supply this crucial missing information, as summarized in the central
research question:

What are the key aerodynamic and aeroacoustic interaction effects for tip-
mounted propeller configurations, and how can the performance of such con-
figurations be enhanced?

To answer the first part of this research question, in-depth investigations are presented
to explain and quantify three dominant interaction effects, focusing on the following
subquestions:

1. What is the physical mechanism driving the efficiency increase observed for wing-
tip-mounted propellers in tractor configuration, and how does it relate to the pro-
peller and wing operating conditions?

¶Credits: U.S. Navy
||Credits: NASA Graphic / NASA Langley / Advanced Concepts Lab, AMA, Inc.
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2. What is the physical mechanism driving the unsteady loading on a surface im-
mersed in the slipstream of a tractor propeller, and how does it relate to the pro-
peller operating conditions and the spacing between propeller and downstream
surface?

3. What is the physical mechanism driving the noise penalty for propellers in pusher
configuration, and how does it relate to the propeller operating conditions?

Having discussed the physical mechanisms behind the interaction effects, the potential
of three performance-enhancement strategies is discussed based on the following sub-
questions:

4. To what extent can swirl-recovery vanes increase the efficiency of an isolated pro-
peller without prohibitive noise penalty, and can these vanes be used to elimi-
nate the asymmetry in aerodynamic loading for a vehicle configuration with co-
rotating propellers in tractor configuration?

5. To what extent can a flow-permeable leading edge alleviate the unsteady load-
ing caused by slipstream impingement for propellers in tractor configuration, and
what is the associated impact on the lift and drag performance?

6. To what extent can pylon trailing-edge blowing alleviate the noise penalty due to
the wake encounter for propellers in pusher configuration?

1.2. THESIS APPROACH
In order to answer the questions defined in Section 1.1, experiments were performed us-
ing typical wingtip-mounted and pylon-mounted propeller configurations. The results
also apply to horizontal-tailplane-mounted propellers, although in that case additional
effects may occur due to interactions with control surfaces; these are not considered in
this thesis.

Three key interaction effects were studied:

1. Wingtip-vortex attenuation and swirl recovery
2. Propeller-slipstream impingement (on a pylon)
3. Pylon-wake encounter (by a propeller)

For each of these interaction effects, a suitable performance-enhancement strategy was
investigated through the application of:

1. Swirl-recovery vanes
2. Flow-permeability at the pylon leading edge
3. Pylon trailing-edge blowing

Throughout the thesis, both the tractor-propeller and pusher-propeller configurations
are considered. No attempt was made to directly compare the two, since such a compar-
ison would only be fair if an optimized setup were devised for both configurations. This
was outside of the scope of work; instead, the tractor and pusher configurations were
studied separately. The resulting insight into the interaction effects and performance-
enhancement strategies relevant to both configurations can be used by others to make
an informed decision on the use of either configuration.
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1.3. THESIS LIMITATIONS

1An experimental approach was taken for two reasons. First, it allows for rapid pa-
rameter sweeps, making it possible to study the sensitivity of the interaction effects to
several key variables. If a numerical approach had been selected, such sensitivity analy-
ses would have been prohibited by the large computational cost of simulating the inher-
ently unsteady interaction phenomena investigated in this thesis. Second, insufficient
reference data were available in the literature to properly validate a fully computational
effort without performing in-house experiments. Therefore, the decision was made to
focus on these experiments instead. The resulting data sets can be used to validate future
high-order and low-order numerical methods, which are useful for obtaining additional
insight into physical phenomena and for performing design studies.

1.3. THESIS LIMITATIONS
Because the experiments were performed at model scale in low-speed unpressurized
wind tunnels, the Mach and Reynolds numbers were relatively low when compared to
those representative of typical cruise flight conditions of propeller aircraft. As a result,
the data will have been affected by for example laminar-flow effects (partly mitigated
by applying trip strips), relatively large boundary-layer thicknesses, and an absence of
compressibility effects. Since several of the key propeller–airframe interactions are a di-
rect result of viscous effects (interaction of a wingtip vortex with a propeller slipstream,
impingement of blade wakes and tip vortices on a downstream surface, encounter of a
pylon wake by a downstream propeller), the low Reynolds number may have led to off-
sets in a quantitative sense. However, in most cases the change in propeller or airframe
response due to the interactions can be considered primarily as a potential-flow effect,
induced by the changes in velocity and pressure in the vortical regions which cause the
interaction effects. Therefore, the dominant physical phenomena caused by the inter-
actions will be present also at the lower Reynolds numbers typical of the experiments.
Moreover, for the viscous interactions the low Reynolds number condition is somewhat
mitigated by the low Mach number, since the ratio of pressure and viscous forces scales
with Re/M 2.

For typical propeller aircraft, significant compressibility effects are mostly confined
to the propeller blade-tip region and surfaces washed by the propeller slipstream. In
such regions, supersonic conditions may exist, leading to the formation of shock waves
and associated aerodynamic and aeroacoustic effects. Since the experiments discussed
in this thesis were performed at low Mach numbers only (M∞ < 0.2, Mtip < 0.6), these ef-
fects could not be simulated. Therefore, in terms of compressibility effects, the analyses
are mostly representative of the takeoff and approach phases of the flight, for which the
freestream Mach number is relatively low.

To focus the research scope and align the project with available experimental appara-
tus, only single-rotating propellers were considered. Considering the interest in contra-
rotating systems for high-speed propeller applications, this limitation might seem to re-
duce the applicability of the work performed. However, the physical background of the
propeller–airframe interactions is comparable for single-rotating and contra-rotating
propellers. Increased understanding of the effects for single-rotating propellers can thus
also be applied in the analysis and design of contra-rotating propellers.
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1.4. THESIS OUTLINE
This thesis consist of six parts, as illustrated in Fig. 1.5. In Part I, the background of the
problem is discussed. Following the present introduction, Chapter 2 summarizes the
most relevant aerodynamic and aeroacoustic propeller–wing interaction effects, with a
special focus on tip-mounted configurations. The discussion will be based on existing
studies published in the literature, and will confirm the knowledge gaps identified above.

Ch. 1
Introduction

Ch. 2
Overview of Propeller–Wing Inter-

actions for Tip-Mounted Propellers

Part I:
Background

Ch. 3
Tractor-Propeller
Setup for Time-
Averaged Effects

Ch. 4
Tractor-Propeller

Setup for Un-
steady Effects

Ch. 5
Pusher-

Propeller Setup

Part II:
Experimental

Methods

Ch. 6
Wingtip-Vortex

Attenuation and
Swirl Recovery

Ch. 7
Propeller-
Slipstream

Impingement

Ch. 8
Pylon-Wake
Encounter

Part III:
Interaction-

Effects Analysis

Ch. 9
Swirl-Recovery

Vanes

Ch. 10
Flow-Permeability

at the Pylon
Leading Edge

Ch. 11
Pylon Trailing-
Edge Blowing

Part IV:
Performance-
Enhancement

Strategies

Ch. 12
Conclusions and Recommendations

Part V:
Conclusion

App. A
Pylon Chord-
wise Blowing

Part VI:
Appendices

Figure 1.5: Thesis outline.

Part II then describes the experimental methods applied to obtain the results dis-
cussed in the thesis. The setup used to study the time-averaged interaction effects for
tractor propellers is introduced in Chapter 3, followed by a description of the setup used
to measure the unsteady interaction effects for tractor propellers in Chapter 4. Subse-
quently, the pusher-propeller setup is treated in Chapter 5. Along with a description of
the models, the wind-tunnel facilities and measurement techniques used with each of
the setups are also detailed.
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1Having defined the methods, Part III analyzes three key interaction effects for tip-
mounted propellers. Chapter 6 treats the beneficial tip-vortex-attenuation and swirl-
recovery mechanisms for the tractor-propeller configuration, while the unsteady effects
of propeller-slipstream impingement are discussed in Chapter 7. Subsequently, Chapter
8 describes the wake-encounter phenomena characteristic of pusher propellers.

For each of the interaction effects studied in Part III, a promising performance-en-
hancement strategy is considered in Part IV. Chapter 9 investigates the aerodynamic
benefits and aeroacoustic penalties of swirl-recovery vanes. Subsequently, Chapter 10
treats the impact of a pylon with flow-permeable leading edge on the unsteady loading
caused by propeller-slipstream impingement. Thereafter, the potential of pylon trailing-
edge blowing to alleviate wake-encounter phenomena is assessed in Chapter 11.

Following the detailed discussions of the results, Part V presents the conclusions of
the work in Chapter 12. Apart from the main observations drawn from the analysis of
the interaction effects and potential performance-enhancement strategies, also recom-
mendations for future work are given.

Finally, Part VI contains the appendices, of which the numerical investigation of py-
lon chordwise blowing provided in Appendix A is the most notable.
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2
OVERVIEW OF PROPELLER–WING

INTERACTIONS FOR TIP-MOUNTED

PROPELLERS

Propeller–wing interactions have been a popular topic of research for almost a century
now. This chapter provides background on the aerodynamic and aeroacoustic interaction
effects for installed propellers, with a focus on tip-mounted configurations. First, Section
2.1 discusses the propulsive and acoustic performance of the isolated propeller. Then, typ-
ical propeller–wing interaction effects are treated in Section 2.2, including consideration
of the pylon-mounted configuration. Finally, Section 2.3 discusses potential strategies to
enhance the performance of installed tip-mounted propellers, either by exploiting the ben-
eficial interactions between the propeller and wing or pylon, or by mitigating the adverse
interaction effects that also occur. The chapter’s analyses are based on the literature, and
serve as starting point for the in-depth investigations of the key interaction effects and
potential performance-enhancement strategies presented in Parts III and IV of this thesis.

2.1. ISOLATED PROPELLER PERFORMANCE
Before elaborating on the key propeller–wing interactions for tip-mounted propellers,
first the characteristics of the isolated propeller are discussed. Extensive literature is
available on both the propulsive [30] and acoustic [31] performance of the isolated pro-
peller. Below, only a brief overview is provided of both topics.

2.1.1. PROPULSIVE PERFORMANCE
The propeller should provide the thrust required to fly the aircraft, ideally at the lowest
possible input power, i.e. the lowest torque. Both thrust and torque are a result of the
lift and drag forces acting on the blades. These forces are generated because of the angle
of attack experienced by the blade sections, caused by the velocity components due to
translation (Va), rotation (Vt), and induced effects (∆Va, ∆Vt), as illustrated in Fig. 2.1.
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V = V∞

V = Ωr

ΔV
ΔVt
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a

Figure 2.1: Velocity diagram and resulting force components of a propeller blade section at radial position r .

PERFORMANCE CHARACTERISTICS

The angle of attack of the blade sections is governed by the local blade pitch angle β and
the ratio between the axial and rotational velocity components, commonly defined by
the advance ratio J :

J = V∞
nD

. (2.1)

At a given blade pitch setting, the advance ratio can be used as an independent vari-
able to define the propeller performance characteristics. These are often expressed by
the combination of three nondimensionalized parameters: the thrust coefficient CT , the
power coefficient CP (or torque coefficient CQ ), and the propeller efficiency η:

CT = T

ρ∞n2D4 , (2.2)

CP = P

ρ∞n3D5 (= 2πCQ ), (2.3)

η= J
CT

CP
. (2.4)

Figure 2.2 depicts typical propeller performance data as a function of the advance ratio,
as measured with the 6-bladed propeller model described in Ref. [32] and the rotating-
shaft-balance discussed in Ref. [33]. In this case, the advance ratio was varied by chang-
ing the propeller’s rotational speed at a constant freestream velocity, and the blade pitch
angle was fixed. As shown in Fig. 2.2a, the propeller loading increases with decreasing
advance ratio, with a maximum efficiency occurring at a unique advance-ratio setting.
At high loading conditions, boundary-layer growth on the blades and eventually separa-
tion cause a flattening of the thrust and power response.

Together with the radial loading distribution, the similarity parameters described by
Eqs. 2.2 through 2.4 define the propeller response. Therefore, similarity is obtained be-
tween experiments at model scale and full-scale conditions in flight if these parameters
are matched. However, this is challenging since the propeller performance is sensitive
to the Reynolds number [34, 35], especially in the case of small models at relatively low
freestream velocities. This is illustrated by Fig. 2.2b for the propeller efficiency. With
increasing Reynolds number, blade lift increases and blade drag decreases due to the as-
sociated reduction in boundary-layer thickness. As a result, the thrust increases more
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2

rapidly than the torque, and the propeller efficiency goes up with increasing Reynolds
number. For this propeller model, the performance is especially sensitive to the Rey-
nolds number for approximately Re0.7R

c < 1.5·105. Note that this is less than the typically
considered critical value of Re0.7R

c < 5 ·105 [34].
Even though the Reynolds-number effects may modify the absolute propeller load-

ing, the general characteristics of the propeller response remain the same, and thus the
phenomena related to interactions between the wing and the propeller slipstream will
not change. The same conclusion holds for compressibility effects related to the effective
Mach number of the blades, up to conditions at which shock waves start to form. For the
low-speed experiments discussed in this thesis, such conditions will not have occurred.

0.4 0.6 0.8 1.0 1.2 1.4
0.00

0.04

0.08

0.12

0.16

0.20

0.24

0.28

0.32

0.36

Th
ru

st
, p

ow
er

 c
oe

ff
ic

ie
nt

 C
  ,

 C
 

T
P

Advance ratio J 

0.0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

CT
CP
η

a) Propeller performance at ReD = 774,000

Pr
op

el
le

r e
ff

ic
ie

nc
y 
η 

0.4 0.6 0.8 1.0 1.2 1.4
0.0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

Advance ratio J 

Re   = 270k (39k < Re      < 103k)D
Re   = 404k (59k < Re      < 154k)D
Re   = 534k (79k < Re      < 205k)D
Re   = 657k (98k < Re      < 257k)D
Re   = 774k (118k < Re      < 308k)D

c
c

c
c

c

0.7R
0.7R

0.7R
0.7R

0.7R

b) Effect of Reynolds number on propeller efficiency

Figure 2.2: Example performance results measured with the six-bladed propeller described in Ref. [32]
at β0.7R = 30 deg (ReD =V∞D/ν, Re0.7R

c =V 0.7R
eff c0.7R /ν).

When operating at a nonzero angle of incidence to the incoming flow, the propeller
response is modified due to the variation in effective rotational velocity experienced by
the blades throughout the rotation. At positive angle of attack, for example, the effec-
tive rotational velocity increases for the downgoing blade and decreases for the upgoing
blade [36]. As a result, a circumferential variation occurs in blade angle of attack and ef-
fective velocity, leading to a cyclic variation in blade loading. Apart from modifying the
propeller thrust and torque, this also leads to in-plane forces [37], which may affect the
stability and trim characteristics of the aircraft. The loading on each blade will display a
sinusoidal-like variation, with a frequency equal to the rotational speed of the propeller.
This is illustrated by Fig. 2.3, which displays the effect of incidence angle on the blade
normal force at 65% of the radius for the propeller model discussed in Chapter 5. For
this uninstalled case, the results at positive and negative incidence angle are equivalent,
only shifted by a phase offset of 180 deg. Furthermore, since in this case the measure-
ment setup was mounted vertically, the incidence angle was set by yawing the setup.
At positive incidence angle, the blade loading increased in the upper part of the disk

15



2

2. OVERVIEW OF PROPELLER–WING INTERACTIONS FOR TIP-MOUNTED PROPELLERS

(φ ≈ 0 deg) due to the local increase in effective rotational velocity, while the opposite
occurred at negative incidence angle. The measurements taken under symmetric inflow
conditions also showed a slight one-per-revolution oscillation. This was an artifact of
the test setup, attributed to a flow perturbation introduced by in-flow measurement in-
frastructure which led to an inflow angularity of approximately 0.2 deg. The change in
dynamic pressure and angle of attack experienced by the blades is slightly asymmetric
between the two sides of the disk. As a result, the time-averaged propeller forces are
also affected. At high incidence angles and low propeller thrust settings, an increase in
propeller thrust can occur (see for example Section 6.1).
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Figure 2.3: Nonuniform blade loading due to asymmetric inflow, as measured with the setup described in
Chapter 5 (CT = 0.51).

SLIPSTREAM CHARACTERISTICS

The thrust and torque produced by the propeller are associated with an increase in axial
and tangential velocity in the propeller slipstream compared to freestream conditions.
Furthermore, each blade sheds a vortical wake, making the slipstream unsteady in the
stationary frame. Both effects are illustrated in Fig. 2.4 (obtained from measurements),
and can have a strong impact on the loading distribution of downstream aerodynamic
surfaces for installed tractor-propeller configurations, as discussed in Section 2.2.1 and
Chapters 6 and 7. A comprehensive discussion of propeller slipstream characteristics
has been provided in Ref. [36]; here, only a few important features are treated.

When considering a time average, the slipstream of the isolated propeller at zero an-
gle of incidence is axisymmetric, hence constant in the circumferential direction. The
propeller-induced velocities vary in the radial and axial (streamwise) directions though,
as shown in Fig. 2.5. At a given streamwise location, the axial velocity displays a peak
around the radial station at 75% of the propeller radius, corresponding to the spanwise
location of maximum loading on the blades. On the inboard part of the blade, the load-
ing is less and thus the downstream axial velocity is lower, while at the slipstream edge
the induced velocity quickly tends to zero. For the example data shown in Fig. 2.5, sep-
aration occurred on the most inboard part of the blade, causing a local reduction of the
axial velocity compared to the freestream conditions. The axial velocity in the slipstream
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develops in the downstream direction due to the increasing length of the vortex system
which induces the velocity increment. Consequently, the distance between the propeller
plane and a downstream surface will affect the interaction effects.
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Figure 2.4: Flow topology in a propeller slipstream, as measured with the setup
described in Chapter 5 (CT = 0.36).
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Because of the finite number of blades, the propeller slipstream is unsteady in the
stationary frame, as can be seen in Fig. 2.4 and in the lower half of Fig. 2.5. The blade
wakes and tip vortices introduce strong velocity and pressure gradients into the flow-
field, which persist up to several times the propeller diameter downstream of the pro-
peller. This has a dominant impact on the aerodynamic interactions for installed tractor-
propeller configurations, as discussed in Section 2.2.1 and Chapter 7.

Apart from the increase in axial velocity, the propeller also induces a tangential ve-
locity component, often referred to as swirl. Since the tangential velocity does not add to
the axial momentum in the slipstream, its generation can be considered as a loss mech-
anism. Contra-rotating propeller configurations use a second blade row to recover the
swirl introduced by the first blade row, thereby enhancing propulsive efficiency [38]. To
quantify the amount of swirl in a propeller slipstream, the ratio of tangential to axial
velocity in the slipstream is often expressed in terms of the swirl angle:

θ = tan−1
(

Vt

Va

)
. (2.5)

The characteristics of the slipstream depend uniquely on the similarity parameters
defined by Eqs. 2.1 through 2.4, and the loading distribution on the propeller blades.
Therefore, a slipstream representative of full-scale conditions can be produced in an
experiment by selecting the right combination of thrust coefficient, power coefficient,
advance ratio, and blade planform geometry.

2.1.2. ACOUSTIC PERFORMANCE
Unlike turbofan engines, propellers do not feature a casing around the blades which can
attenuate noise through shielding and the application of acoustic liners. Furthermore,
the large propeller diameters lead to relatively high tip speeds, causing an increase in
amplitude of the sound emissions at the source. Therefore, it is important to understand
the various noise sources associated with the propeller to minimize its sound emissions.
Figure 2.6 provides a schematic overview of the most relevant noise sources for a pro-
peller with two blade rows. Rotor-alone sources are indicated in the top half of the figure,
while interaction sources are displayed in the bottom half. The case with two blade rows
is considered here, since Chapter 9 discusses the acoustic performance of a propeller
with a downstream row of swirl-recovery vanes. For a single-rotating propeller, only the
rotor-alone sources are present. Figure 2.6 includes both tonal and broadband noise
sources; the noise emissions of propellers are dominated by the tonal components, with
broadband sources only becoming relevant at high frequency [39]. The various tonal and
broadband noise sources are discussed in more detail below.

The noise of a conventional propeller propulsion system is not only due to the pro-
peller(s), but also due to the turboshaft engine (compressor noise, turbine noise, jet
noise); this thesis only considers the propeller-related sources. In the design study dis-
cussed in Ref. [12], jet noise was found practically negligible compared to the noise of
the (contra-rotating) propellers, while compressor and turbine noise only contributed to
the overall sound pressure level at low propeller thrust settings (approach conditions).
For electric engines, the noise contribution due to the engine will be even smaller.

As for the aerodynamic performance of the propeller, the acoustic performance will
exhibit scaling effects. A direct comparison between acoustic results for full-scale and

18



2.1. ISOLATED PROPELLER PERFORMANCE

2
V∞

Blade-wake/tip-vortex impingement (T+B)

Potential-field interaction (T)

Jet noise (B)Turbine noise 
(T+B)

Compressor
noise (T+B)

Trailing-edge noise (B)Turbulence-ingestion noise (B)

Thickness noise (T), steady-loading noise (T),
unsteady-loading noise (T), quadrupole noise (T)

Interaction
sources

Rotor-alone
sources

Figure 2.6: Overview of tonal (T) and broadband (B) noise sources for an isolated propeller with two blade
rows, with the dominant tonal-noise sources by the blades indicated in black. For a single-rotating propeller,

only the rotor-alone sources remain.

1/4-scale models of the same propeller geometry is provided in Ref. [40]. It was shown
that good agreement can be reached between model-scale and full-scale results if the tip
Mach number is matched.

TONAL NOISE SOURCES

The propeller’s tonal noise emissions are due to rotor-alone and interaction sources.
Rotor-alone sources are emitted from each blade row of the propeller system and there-
fore represent all noise sources for a single-rotating propeller, while interaction sources
only arise for propeller configurations with a second blade row (rotating or stationary).
The rotor-alone tones occur at multiples of the blade-passage frequency of the respec-
tive rotor, with the fundamental tone dominating the sound emissions. Four sources of
rotor-alone noise can be distinguished [31]:

• Thickness noise is the result of the periodic displacement of air due to the volume
of the propeller blades. The amplitude of this noise source scales with the blade
volume, while it is especially relevant at higher tip speeds. Thin and swept blades
should be used under such conditions to minimize thickness noise.

• Steady-loading noise is caused by the pressure disturbances introduced into the
medium by the pressure fields associated with the loading on the propeller blades.
This source is dominant at lower tip speeds, and its amplitude can be reduced by
decreasing the blade loading, for example by increasing the number of blades or
the propeller diameter.

• Unsteady-loading noise occurs at nonzero angle of incidence due to the associ-
ated circumferential variation of the blade loading (Section 2.1.1). This source
leads to constructive and destructive interference with the steady-loading noise,
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thereby introducing a circumferential variation into the sound emissions. For in-
stalled propellers, interactions with the airframe will lead to additional sources of
unsteady blade loading, and thus increased unsteady-loading noise.

• Quadrupole noise sources account for possible transonic effects on the thickness
and steady-loading noise. This is especially relevant for unswept blades operating
at a high tip speed.

For propeller systems with two blade rows, interaction noise occurs next to the rotor-
alone noise. The interaction tones occur at linear combinations of the blade-passage
frequencies of the front and rear rotors, and are especially relevant at low-speed con-
ditions when the rotor-alone noise sources are relatively weak. Compared to the rotor-
alone tones, the interaction noise is caused by more impulsive pressure fluctuations,
and thus features a richer spectral content. Two main interaction noise sources can be
identified [31]:

• Potential-flowfield interaction noise is due to unsteady blade loading caused by
the modification of the potential flowfield experienced by the front blade row, as
a result of the blockage and upwash from the rear rotor. This source is most easily
mitigated by increasing the spacing between the two blade rows.

• Blade-wake and tip-vortex impingement noise originates from the downstream
blade row due to the periodic unsteady interaction with the passing blade wakes
and tip vortices from the front blade row. A common approach to reduce the noise
associated with the blade-vortex interaction is to crop the second blade row.

BROADBAND NOISE SOURCES

Broadband sources account for a secondary contribution to propeller noise. Since the
tonal noise sources are known to be dominant [39], in this thesis only very limited at-
tention is given to the broadband noise emissions. For completeness, the three possible
broadband noise sources [31] are introduced here:

• Turbulence-ingestion noise is caused by inflow turbulence interacting with the
leading edges of the blades. The resulting random blade-loading fluctuations are
experienced as a broadband noise source, which only becomes relevant under
conditions with high inflow turbulence.

• Trailing-edge noise is generated near the trailing edge of the blades due to scat-
tering of the turbulent boundary layer.

• Blade-wake and tip-vortex impingement noise not only consists of a (dominant)
tonal component, but also features a broadband contribution. The interaction
between the rear blade row and the unsteady wakes and tip vortices of the first
blade row also causes random load fluctuations, and thus broadband noise.

2.2. PROPELLER–WING INTERACTION EFFECTS
Already in 1921, Ludwig Prandtl published the results of a pioneering wind-tunnel ex-
periment that highlighted the effect of the close coupling between propeller and wing
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on the aerodynamic performance of both components [41]. Ever since, the interactions
between propellers and the airframe have been a popular topic of research. This section
provides an overview of the most relevant propeller–wing interaction effects, with a fo-
cus on tip-mounted propeller configurations. The discussion is based on the literature,
and motivates the need for the detailed investigations presented in Part III of this thesis.

Figure 2.7 gives an overview of the dominant interaction effects for tip-mounted pro-
pellers from aerodynamic and aeroacoustic points of view. Sections 2.2.1 and 2.2.2 dis-
cuss these effects separately for the tractor and pusher configurations.

Slipstream wash (P±)
Swirl recovery (P+)
Slipstream impingement (N–)

Blockage and upwash (N–)

Tip-vortex attenuation (P+)

V∞

Dominant effect on performance (P), noise and vibrations (N):
(+) Beneficial, (–) Adverse, (±) Mixed

a) Tractor configuration

Wake encounter (N–)

Tip-vortex recovery (P+)

Propeller suction (P±)

V∞

b) Pusher configuration

Figure 2.7: Overview of key interaction effects for tip-mounted propellers. Downstream-pointing arrows
indicate downstream effect, upstream-pointing arrows indicate upstream effect.

2.2.1. TRACTOR-PROPELLER CONFIGURATION
In a tractor configuration, the propeller is positioned upstream of its support. Table 2.1
lists the main interaction effects for this configuration, together with their consequences
and the resulting relevance for the aerodynamic and aeroacoustic vehicle performance.
In the subsequent descriptions of the interaction effects, the wingtip-mounted config-
uration is taken as an example. The effects for pylon-mounted propellers are largely
similar, with the exception of the tip-vortex-attenuation mechanism which for this case
is less relevant due to the lower lift coefficient in the design condition.

Table 2.1: Overview of key interaction effects for tip-mounted propellers in tractor configuration.

Interaction effect Consequence Relevance
Slipstream wash Lift augmentation Performance increase

Scrubbing drag Performance decrease
Separation delay (low Re) Performance increase

Swirl recovery Induced-drag reduction Performance increase
Tip-vortex attenuation Induced-drag reduction Performance increase
Slipstream impingement Unsteady wing loading Vibrations
Blockage and upwash Unsteady propeller loading Noise increase
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SLIPSTREAM WASH, SWIRL RECOVERY, AND TIP-VORTEX ATTENUATION

The increased dynamic pressure and swirl in the propeller slipstream modify the load-
ing distribution on the downstream surface (wing, pylon, etc.). Figure 2.8 illustrates the
change in local angle of attack and dynamic pressure experienced by a wing in a tip-
mounted configuration due to the interaction with the incoming propeller slipstream.
Note that the resulting effects for tip-mounted propellers are largely comparable to those
occurring for conventional configurations with the propellers mounted on the inboard
part of the wing; the conventional configuration has been discussed extensively in the
literature [36, 42–44].

IIIIII

Vt Vt

α↑,q↑ α↓,q↑ α↑,q∞

↑ = increase of parameter w.r.t. freestream
↓ = decrease of parameter w.r.t. freestream

a) Inboard-up rotation

IIIIII

Vt Vt

α↓,q↑ α↑,q↑ α↓,q∞

b) Outboard-up rotation

Figure 2.8: Sketch of wing-inflow modification due to the propeller.

The increased dynamic pressure and swirl in the slipstream modify the lift and drag
distributions over the entire wing, with the strongest effects occurring on the part of the
wing immersed in the propeller slipstream. With inboard-up rotation, the wing expe-
riences upwash and higher dynamic pressure in the spanwise part washed by the slip-
stream (region II in Fig. 2.8), thereby enhancing the lift compared to the propeller-off
case. The resulting spanwise lift gradient near the slipstream edge causes vorticity to be
shed, which leads to an upwash also on the inboard part of the wing (region I in Fig. 2.8).
This is illustrated in Fig. 2.9a. For the case with outboard-up rotation, the direction of
the propeller swirl is reversed, causing downwash on the wing. Therefore, for a vehicle
configuration with co-rotating propellers (i.e. inboard-up on one side and outboard-up
on the other), a loading asymmetry will occur. The performance penalty due to swirl
with outboard-up rotation is partially offset by the increased dynamic pressure in the
slipstream; the relative impact of both effects depends on the propeller design and op-
erating conditions.

The shed vorticity associated with the spanwise lift gradient also introduces veloci-
ties in the spanwise direction (Fig. 2.9b and 2.9c), which distort the propeller slipstream
during and after its interaction with the wing [36, 45, 46], resulting in a spanwise shear-
ing of the slipstream. The slipstream moves away from the propeller axis on the advanc-
ing blade side, and toward the propeller axis on the retreating blade side. This occurs for
both the cases with inboard-up and outboard-up rotation, matching the directions of the
spanwise flow depicted in Fig. 2.9b and 2.9c. The spanwise shearing of the slipstream
modifies the local wing performance near the slipstream edge. Although this especially
affects the unsteady lift and drag response [45, 46], also the time-averaged wing loading
is altered. This is discussed in more detail in Chapters 6 and 7.
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Figure 2.9: Sketch explaining the induced velocities due to the spanwise lift gradient at the slipstream edge
caused by the propeller–wing interaction.

The increased dynamic pressure in the propeller slipstream not only augments the
local lift, but also increases the viscous drag over the entire extent of the wing washed
by the propeller slipstream (region II in Fig. 2.8). In case of operation at high freestream
velocities, this drag penalty could be amplified by an increase in compressibility drag.
The rise in local dynamic pressure also leads to an increase of the local Reynolds num-
ber, which can lead to a delay of separation. The latter effect is only relevant for appli-
cations operating at low Reynolds numbers, since in such case the interaction with the
slipstream offers a relatively large increase in local Reynolds number.

Besides the modification of the lift vector’s amplitude, also its orientation changes.
With inboard-up rotation, the lift vector is tilted forward due to the propeller-induced
upwash. This leads to decreased induced drag, a phenomenon known as swirl recovery
[36]. With outboard-up rotation, on the other hand, the induced drag increases if the
wing lift is positive. The effects are amplified with increasing propeller thrust setting due
to the associated increase in propeller-induced swirl angle and dynamic-pressure rise.

The swirl-recovery mechanism discussed above is further amplified for tip-mounted
tractor propellers due to tip-vortex attenuation. When the propeller rotation direction is
opposite to that of the wingtip vortex, the propeller swirl partially cancels the tangential
velocities associated with the wingtip vortex. Already in the 1960s, Snyder [24] showed
that this leads to a decrease in wing drag and an increase in the wing’s maximum lift coef-
ficient and effective aspect ratio. The benefits of the tip-vortex-attenuation mechanism
were later confirmed by both experimental [36] and numerical [25] studies.

At present, the literature lacks comprehensive analyses of the above-mentioned aero-
dynamic interaction effects for wingtip-mounted propellers. Although the potential for
integration benefits has been proven in various independent studies [24, 25, 27, 36], thor-
ough investigations of the effects on the local loading distributions and the flowfield are
missing. Chapter 6 addresses this knowledge gap by providing a detailed aerodynamic
analysis of the tip-mounted configuration, including measurements of integrated and
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local forces and comprehensive flowfield evaluations. Furthermore, the aerodynamic
performance of the wingtip-mounted configuration is compared to a conventional con-
figuration, with the propeller mounted on the inboard part of the wing. The resulting
data set provides insight into the interaction phenomena for conventionally-mounted
and wingtip-mounted propellers, and the mechanisms leading to the performance ben-
efits of wingtip-mounted propellers. The data are suited for code benchmarking because
of the unique combination of local loading information on the wing and velocity and
pressure data in the downstream wake, capturing the interaction between the propeller
slipstream and the wingtip vortex.

PROPELLER-SLIPSTREAM IMPINGEMENT

Apart from the modification of the time-averaged wing loading due to the effects dis-
cussed above, the periodic impingement of the wakes and tip vortices of the propeller
blades (Fig. 2.4) on the wing or pylon also results in a time-varying loading component.
This loading is periodic at the blade-passage frequency and its harmonics, as shown by
the experimental studies by Johnston and Sullivan [45] and Ljunggren et al. [47]. The lo-
cally increased turbulence levels in the slipstream [48] will also lead to periodic laminar-
to-turbulent transition on the downstream element [49, 50], introducing additional load
fluctuations. This secondary phenomenon is not considered in this thesis.

The unsteady loading caused by the impingement of the propeller slipstream on the
wing or pylon results in structural vibrations, which are transmitted to the fuselage [51].
These vibrations may then be perceived as additional noise inside the cabin, reducing
passenger comfort. This phenomenon is known as structure-borne noise, and is illus-
trated in Fig. 2.10. The structure-borne noise mechanism has been extensively inves-
tigated in the 1980s, both experimentally [52–56] and analytically [57–61]. Its relevance
was first outlined by the study of Miller et al. [52], who identified the propeller blade
tip vortices as dominant sources of pressure fluctuations on the wing. The amplitude of
these hydrodynamic pressure fluctuations was found to be about 15 dB higher than the
acoustic pressure measured at the wind-tunnel ceiling, representative of the fuselage
sidewall location [52]. This shows that the unsteady pressures caused by the impinge-
ment of the propeller slipstream on the wing can be an important source of cabin noise.
A secondary source of structure-borne noise can be caused by the unsteady loading on
the propeller blades [51, 61]. However, the contribution due to the propeller-slipstream
impingement on the wing or pylon is considered dominant [51, 53, 58].

The potential impact of the unsteady loads caused by propeller-slipstream impinge-
ment on passenger comfort motivates the need to understand the mechanism by which
the unsteady loads are generated. However, so far limited information is available re-
garding the spatial distribution of the pressure fluctuations. Also, the sensitivity to op-
erating conditions such as thrust setting, propeller–pylon spacing, and angle of attack
has not been treated in detail. Chapter 7 of this thesis presents the results of an experi-
mental study that combined unsteady surface-pressure measurements on a pylon with
visualizations of the surrounding flowfield. In this way, the unsteady interaction effects
caused by the impingement of the propeller slipstream on the pylon are explained and
quantified for a typical pylon-mounted tractor-propeller configuration. The focus of the
chapter is on the aerodynamic forcing function of the structure-borne noise; the struc-
tural response of the pylon to this forcing is not considered.
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Figure 2.10: Sketch explaining the airborne and structure-borne noise paths [54].

BLOCKAGE AND DOWNWASH

The dominant upstream effect for tractor propellers is due to upwash and blockage by a
downstream lifting surface. As a result, the propeller experiences a nonuniform inflow,
which leads to cyclic load fluctuations and potentially an associated noise penalty. This
would especially be relevant for a wingtip-mounted configuration with a relatively small
spacing between the wing and the propeller. Both mechanisms are illustrated in Fig.
2.11. The effect of blockage is to reduce the axial inflow velocity to the propeller in the
region upstream of the wing, resulting in a localized increase in blade loading. The effect
of upwash, on the other hand, is more gradual and is comparable to operation of an
isolated propeller at nonzero angle of attack [62]. It will be shown in Chapter 6 that for
typical propeller–wing spacings and moderate wing loadings, the upstream effect on the
propeller performance is small.
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b) Resulting induced velocities at propeller plane

Figure 2.11: Sketch of blockage and downwash effects on the propeller.

2.2.2. PUSHER-PROPELLER CONFIGURATION
For the pusher configuration, the propeller is positioned downstream of its support (Fig.
1.3). In this case, the key interaction effects are the result of modifications to the pro-
peller inflow. Table 2.2 lists the dominant interaction effects for the pusher configura-
tion, together with their main consequences and the relevance for the aerodynamic and
aeroacoustic performance of the vehicle.
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Table 2.2: Overview of key interaction effects for tip-mounted propellers in pusher configuration.

Interaction effect Consequence Relevance
Wake impingement Unsteady propeller loading Noise increase
Tip-vortex recovery Propeller power reduction Performance increase
Propeller suction Unsteady pylon loading Vibrations

Separation delay Performance increase
Drag penalty (high-speed) Performance decrease

WAKE IMPINGEMENT

Since a pusher propeller is positioned downstream of its support, severe unsteady blade
loading occurs [63]. This is due to the cyclic passage of the blades through the momen-
tum deficit in the wake, illustrated in Fig. 2.12. Figure 2.13 shows that the sudden reduc-
tion in inflow velocity during the wake encounter causes an increase in angle of attack
and a decrease in local dynamic pressure experienced by the blade sections. The result-
ing periodic change in the pressure field is a source of unsteady-loading noise.

V  / V∞a

0.88
0.92
0.96
1.00
1.04

Figure 2.12: Velocity deficit in pylon wake upstream of the propeller, as measured with the setup described in
Chapter 5 (CT = 0.36).

Previous experimental work [16, 17, 64–67] has focused on the aeroacoustic impact
of wake impingement for semi-installed pusher propellers. More recently, acoustic in-
vestigations were reported that extended the scope to complete aircraft configurations
[18, 68]. In all cases, significant tonal noise penalties were measured compared to the
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Figure 2.13: Effect of wake encounter on the velocity diagram at a propeller blade section. Properties in
undisturbed inflow (Fig. 2.1) indicated in gray.

isolated propeller test case. Such noise penalties have been observed for both single-
rotating and contra-rotating propellers; for the latter, the phenomenon is dominated by
the tones emitted by the first blade row [16, 17].

The additional noise due to the wake encounter is a function of the propeller oper-
ating conditions. Block and Gentry [64] showed that the magnitude of the tonal noise
penalty decreases with increasing tip Mach number and disk loading. Magliozzi [66] ob-
served that the noise penalty was larger at zero angle of attack than at nonzero angle of
attack. This was attributed to a flow-straightening effect of the installed pylon. Apart
from the increased amplitude of the noise emissions, the installation of the pylon also
introduces a shift in harmonic content and a change in directivity of the propeller noise
[14]. The interaction noise penalty is especially pronounced away from the propeller
plane, where the noise emissions of the isolated propeller are relatively low [14, 64].

Despite the main source of noise being known, the relation between the pylon-wake
interaction and the propeller performance is still controversial. Amongst the few ex-
isting studies on the topic, Gentry et al. [69] observed a favorable installation effect
on the thrust of a propeller with an upstream pylon and nacelle. This was, however,
attributed to the presence of the nacelle wake, while the effect of the pylon wake was
considered negligible. No blade-loading information was available to support this con-
clusion. Such data were available in the work of Farokhi et al. [63, 70], which showed
that the pylon-wake impingement is experienced by the blades as a periodic, impulsive
increase in blade loading.

Numerical work [71] confirmed previous findings regarding the pylon-wake impact
on the propeller noise emissions, while additionally discussing the effects of the un-
steady blade loads during the wake encounter. Moreover, a combined experimental–
analytical study [72] identified the wake-impingement effect on the propeller noise sig-
natures. Consequently, it is understood that the pylon-wake encounter causes unsteady
blade loads and an increase in noise. However, no experimental study is available that
discusses both simultaneously. Chapter 8 provides such a comprehensive analysis of the
aerodynamic and aeroacoustic interaction effects for pylon-mounted pusher propellers,
based on experimental data measured in a large-scale industrial wind-tunnel facility.
Following a characterization of the nonuniform inflow to the propeller due to the py-
lon wake, the resulting unsteady aerodynamic response of the blades is discussed. The
impact of the pylon-wake encounter on the propeller thrust and torque is then substan-
tiated, after which the aeroacoustic interaction effects are assessed.
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TIP-VORTEX RECOVERY

As discussed in Section 2.2.1, tip-mounted tractor propellers feature enhanced perfor-
mance due to the favorable interaction of the propeller slipstream with the tip vortex
of the wing or pylon. For pusher configurations, the opposite situation occurs, with
the propeller performance being modified by the tip vortex. By positioning the pro-
peller in the vortex field, part of the vortex energy can be recovered, as illustrated by
Fig. 2.14. Experimental work by Patterson and Bartlett [26, 73] has shown that power
reductions of around 25% can be achieved in this way at operating conditions represen-
tative of cruise. At the same time, a 30% reduction in wing induced drag was obtained
due to the favorable modification of the downstream vortex field. The unsteady pro-
peller blade loads were not considered, hence a complete understanding of the vortex
recovery mechanism, including the effects on the propeller noise emissions, remains
unavailable. A preliminary study of the tip-vortex recovery mechanism was performed
with the pylon-mounted setup designed to study the wake-impingement phenomenon
explained above. The results are discussed as part of Chapter 8.
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Figure 2.14: Sketch explaining the tip-vortex recovery mechanism for tip-mounted pusher propellers [26].

PROPELLER SUCTION

For pusher configurations, the upstream interaction effect is due to the suction by the
propeller, which affects the loading on the upstream surface. Numerical simulations of
a pylon-mounted CROR in pusher configuration [11] showed that this not only increases
the mean loads, but also results in unsteady loading over the entire surface of the pylon.
The unsteady loads were dominated by a component at the blade-passage frequency of
the front rotor, while the influence of the aft rotor was only marginal. The modification
of the pylon loading due to the suction by the propeller affects the pylon-wake charac-
teristics, and thus the pylon wake-impingement phenomenon. This is briefly discussed
in Chapter 8. The favorable pressure gradient imposed by the propeller also delays sepa-
ration on the upstream element at higher angles of attack [74]. Furthermore, an increase
in compressibility drag could occur under high-speed conditions.
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2.3. POTENTIAL PERFORMANCE-ENHANCEMENT STRATEGIES
The interaction effects discussed above modify the propulsive and acoustic performance
of the aircraft. Based on the literature, performance-enhancement strategies were iden-
tified which have the potential to mitigate the adverse interactions and maximize the
beneficial ones. A subset of the these performance-enhancement strategies was selected
for further investigations, as described in Part IV of this thesis.

2.3.1. TRACTOR-PROPELLER CONFIGURATION
Table 2.3 provides an overview of potential performance-enhancement strategies for
each of the interaction effects identified in Section 2.2.1. Each of these strategies is de-
scribed below, with a special focus on the two strategies investigated in detail in this
thesis: swirl-recovery vanes and leading-edge treatment with a flow-permeable skin.

Table 2.3: Overview of the potential performance-enhancement strategies for tip-mounted propellers in
tractor configuration.

Interaction effect Enhancement strategy Objective
Slipstream wash Design optimization Increase system efficiency
Swirl recovery & tip- Design optimization Increase system efficiency

vortex attenuation Swirl-recovery vanes Decrease loading asymmetry
Increase propeller efficiency

Slipstream impingement Leading-edge treatment Decrease unsteady loading
Propeller blowing Decrease tip-vortex strength
Design optimization Decrease unsteady loading

Blockage and upwash Propeller–wing Decrease unsteady loading
spacing increase

DESIGN OPTIMIZATION

The beneficial effects due to slipstream wash, swirl recovery, and tip-vortex attenuation
can be maximized by design optimization. This is typically achieved by changing the
wing’s chord and twist distributions, with the objective to minimize the induced drag.
Such an approach has been taken by multiple researchers for the conventional config-
uration [36, 75, 76]. In Ref. [76], induced-drag reductions were reported in the order of
10%. Considering the strong impact of the propeller slipstream on the wing performance
for tip-mounted propellers, it is expected that the potential for shape optimization of the
wing (with nacelle) would be even higher for such a configuration. Ideally, the propeller
design would be optimized simultaneously with the wing design to arrive at the optimal
vehicle performance.

Preliminary investigations were started during the research project discussed in this
thesis to optimize the wing planform of a wingtip-mounted propeller configuration, for
a given propeller design. However, additional work is required to improve the (low-
order) analysis methods necessary to perform such an optimization, especially in terms
of modeling the influence of the tip-mounted nacelle on the overall lift distribution.
Therefore, the results are not included in this thesis, and the potential of wing-design
optimization to improve the performance of tip-mounted propellers is not discussed.
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Apart from maximizing the time-averaged system performance, wing-design opti-
mization could also be useful to reduce the unsteady loading caused by the impinge-
ment of the propeller slipstream. The results of Chapter 7 indicate that unsteady-load
reductions may be obtained by tailoring the local chord to the axial spacing between
the propeller tip vortices. Dedicated follow-up experiments are required to verify this
preliminary conclusion. Therefore, the opportunity to reduce unsteady loading by mod-
ifying the wing design is not discussed in Part IV of this thesis.

SWIRL-RECOVERY VANES

For wingtip-mounted tractor propellers, the effects due to swirl recovery and tip-vortex
attenuation can enhance vehicle performance in case of inboard-up rotation, as dis-
cussed in Section 2.2.1. For pylon-mounted (or horizontal-tailplane-mounted) configu-
rations, on the other hand, the potential benefits due to this favorable interaction are
smaller due to the lower loading on the aerodynamic surface compared to the wing.
Therefore, for such configurations the increased cost of employing counter-rotating pro-
pellers (inboard-up on both sides of the vehicle) might not be justified, and a co-rotating
configuration may be adopted. This will lead to asymmetric loading, causing rolling and
yawing moments that need to be trimmed, thereby increasing drag. To alleviate this ef-
fect, the swirl in the propeller slipstream needs to be reduced. This can be achieved by
installing a second blade row, rotating in the opposite direction of the front rotor. This
contra-rotating configuration has been studied extensively in the literature [10, 77, 78].
Alternatively, stationary swirl-recovery vanes (SRVs) can be used, functioning similarly
to stator vanes in turbomachinery. The benefit of SRVs is that their installation adds less
complexity to the propulsion system when compared to the contra-rotating solution.
Figure 2.15 displays a set of SRVs installed downstream of an isolated propeller model.

Propeller SRVs

Figure 2.15: APIAN propeller model with downstream swirl-recovery vanes, installed in the test setup
described in Chapter 5.

30



2.3. POTENTIAL PERFORMANCE-ENHANCEMENT STRATEGIES

2

Besides their potential to reduce the loading asymmetry on vehicle configurations
with co-rotating propellers, SRVs have an additional benefit. Since the swirl induced by
the propeller does not add to the thrust, its generation constitutes a loss mechanism.
By recovering the swirl, the SRVs generate thrust, thereby enhancing the efficiency of the
propulsion system. To maximize this benefit, the integration of the SRVs with the propul-
sion system is critical. Previous research by NASA confirmed the potential of SRVs to
enhance the propulsive efficiency, with measured efficiency gains of about 2% in cruise
conditions [79]. Numerical analyses using an Euler solver, on the other hand, predicted
a propulsive efficiency increase of approximately 5% for the same configuration and op-
erating conditions [80]. This indicates that viscous drag needs to be taken into account
during both analysis and design of the SRVs. A more recent CFD analysis using a RANS
solver showed increased thrust levels due to application of SRVs [81]. However, in the
same study it was found that the total system efficiency was reduced, stressing the im-
portance of proper SRV design and integration. This was addressed by follow-up work
of the same research groups [32], focusing on the development, application, and exper-
imental validation of a low-fidelity tool for SRV design. In this work, a measured 2.6%
increase in thrust was reported at the design condition for high propeller thrust at low
flight velocity and low Reynolds number. Additional design studies [82] highlighted the
sensitivity of SRV performance to the selection of the vane count, the design point, and
airframe installation effects. Detailed flowfield information of the propeller–SRV config-
uration has not been published in literature though, and the existing numerical studies
do not contain thorough validations with experimental data.

Apart from the modification of the time-averaged propulsive performance, the in-
stallation of the SRVs introduces two unsteady interactions. First, the propeller blade
loading becomes unsteady due to the periodic disturbance experienced by the blades
when passing by in front of the SRVs. Second, the SRV loading is unsteady due to the
periodic fluctuations induced by the impinging propeller blade wakes and tip vortices.
Both effects have been confirmed by transient simulations using a profile transformation
method, hence simulating a single blade passage only [83]. The aerodynamic interaction
mechanisms for the propeller–SRV configuration are largely similar to rotor–stator inter-
actions occurring in turbomachinery, as discussed in for example Refs. [84] and [85].
However, for the propeller–SRV configuration the reduced frequency of the interaction
mechanism is lower, and the axial spacing between the rotating and stationary rows is
larger than for conventional turbomachinery configurations. The unsteady loading on
the propeller and SRVs causes two additional noise sources. However, so far the only
acoustic measurements published for a configuration with SRVs showed a small noise
reduction in the cruise condition when compared to the isolated propeller [86]. This
was attributed to unloading of the propeller, which decreased the steady-loading noise.
Apparently, in this case the reduction in steady-loading noise was sufficient to offset the
interaction noise caused by the unsteady loading on the propeller blades and the SRVs.

The existing evaluations of the performance of SRVs have only focused on integral
aerodynamic parameters, such as thrust and torque. Moreover, the aeroacoustic impact
of the SRVs has only been assessed for high-speed cases, with relatively little detail. As
such, a detailed understanding of the effect of the SRVs on the flowfield, the resulting
unsteady interactions, and the aeroacoustic behavior is still missing. Such understand-
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ing is of crucial importance for the successful design of SRVs which are to deliver the
maximum performance benefit compared to an isolated single-rotating propeller. Fur-
thermore, the installed configuration with SRVs integrated with a tip-mounted propeller
has not been considered. The study discussed in Chapter 9 addresses these concerns by
providing a detailed analysis of the propeller-slipstream flowfield, the propulsive perfor-
mance, and the noise emissions of an isolated propeller with and without SRVs installed.
Subsequently, a preliminary investigation is presented of the aerodynamic performance
of an installed configuration, with a propeller with SRVs mounted at the tip of a pylon.

LEADING-EDGE TREATMENT

The potential structure-borne-noise penalty due to propeller-slipstream impingement
can be mitigated by either modifying the transmission path of the vibrations through
the aircraft structure [55], or directly at the source by decreasing the amplitude of the
unsteady aerodynamic loads. The latter could be achieved by using a wing or pylon with
a flow-permeable leading edge, also referred to as passive porosity. Such an approach
has been studied numerically for unsteady stator loading due to the interaction between
rotor and stator in turbomachinery [87–89], and blade–vortex interaction noise for heli-
copter applications [90]. The work by Tinetti et al. [87–89] predicted reductions in un-
steady loading of up to 21% by application of passive porosity at the leading edge of the
stator. It was shown that mass flow going in and out of the porous medium changed
the effective aerodynamic shape of the outer surface, thereby modifying the pressure
distribution. In a similar way, treating the leading edge of a rotor blade with passive
porosity reduced the amplitude of blade–vortex interaction noise by 30%, as shown by
Lee [90]. An example layout of a flow-permeable surface is shown in Fig. 2.16, which also
illustrates the throughflow mechanism which occurs when the surface is exposed to an
external pressure gradient.

Inner surface

Cavity

V

∆

p
Vn Vn

Perforated skin

Figure 2.16: Notional drawing of the mechanism behind the flow through a permeable surface.

More recently, a combined experimental–analytical study [91] discussed measure-
ments of the potential of porous material for tonal source attenuation in rotor–stator
interactions, with the experimental setup designed to match the reduced frequencies
typical of rotor–rotor interactions for contra-rotating open rotors. Tonal noise reduc-
tions of up to 5 dB were achieved for a stator vane with NACA 0012 airfoil and perforated
leading edge featuring a porosity distribution similar to that considered in the work of
Tinetti et al. [87–89] No measurements were taken of the impact of the perforated leading
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edge on the aerodynamic performance of the vane. Other research on porous materials
has mostly focused on the mitigation of shock-wave–boundary-layer interactions [92],
leading-edge noise in turbulent inflow [93], flap side-edge noise [94], and trailing-edge
noise [95, 96].

The results presented in Refs. [87–91] confirm that passive porosity can alleviate the
unsteady loads due to rotor–stator and blade–vortex interactions. However, so far no
study exists of the potential of passive porosity to alleviate unsteady loading caused by
the impingement of a propeller slipstream on a downstream surface, for which wake-
impingement and vortex-impingement phenomena occur simultaneously. Chapter 10
analyzes the time-averaged and unsteady performance of a pylon with a flow-permeable
leading edge, aimed at alleviating unsteady loading due to propeller-slipstream impinge-
ment. The design of the flow-permeable leading edges was based on the optimal config-
uration identified by Tinetti et al. [87–89] for rotor-wake impingement on stator vanes.
The effects of the flow-permeable leading edges on the time-averaged and unsteady
aerodynamic performance of the pylon were quantified by flowfield measurements, lift
and drag evaluations, and far-field noise acquisitions. The resulting data set provides
unique experimental evidence of the potential of a flow-permeable leading edge to alle-
viate unsteady loading due to both wake impingement and tip-vortex impingement.

PROPELLER BLOWING

An alternative approach to reducing the unsteady loads generated by the impingement
of the propeller slipstream on a downstream element would be to modify the charac-
teristics of the tip vortices of the propeller blades. By accelerating the diffusion of the
tip vortices, their effect on the unsteady loading on the downstream element can be de-
creased. This can be achieved by injecting turbulence into the vortex core [97] or by
spanwise blowing into the vortex core [98–103]. Experiments by Han [100] showed that
a passive blowing system integrated into a rotor blade could lead to a 60% reduction in
the peak swirl-velocity component in the tip vortex compared to the unblown configu-
ration. The associated aerodynamic performance penalty was relatively minor, with an
increase in rotor input power of about 3% with blowing enabled. Similar results have
been reported in Ref. [103] for a propeller blade, with in this case a 33% reduction in the
maximum swirl velocity and a performance penalty of 2%.

The decay of the propeller tip vortex promised by passive blowing should be an effec-
tive performance-enhancement strategy to mitigate unsteady loading on a downstream
element immersed in the propeller slipstream. Time constraints prevented an experi-
ment in which this hypothesis was tested. Therefore, propeller blowing is not further
discussed in this thesis.

PROPELLER–WING SPACING INCREASE

The distortion of the propeller inflow due to blockage and upwash associated with the
downstream wing or pylon is a direct function of the distance from the wing or pylon to
the propeller plane. Therefore, a trivial solution to reduce this effect is to increase the
spacing between the propeller and the wing. Considering the results of Chapter 6, which
show that the upstream effect of the wing on the propeller performance was small for a
typical propeller–wing spacing, the sensitivity of this upstream effect to the propeller–
wing spacing is not further discussed in this thesis.
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2.3.2. PUSHER-PROPELLER CONFIGURATION
Table 2.4 lists potential performance-enhancement strategies for each of the interac-
tion effects for tip-mounted pusher propellers discussed in Section 2.2.2. The identified
strategies are described below, with a special focus on the strategy investigated in detail
in this thesis: wake filling by blowing.

Table 2.4: Overview of the potential performance-enhancement strategies for tip-mounted propellers in
pusher configuration.

Interaction effect Enhancement strategy Objective
Wake impingement Wake filling by blowing Minimize noise penalty

Propeller design optimization Minimize noise penalty
Tip-vortex recovery Propeller design optimization Maximize prop. performance
Propeller suction Propeller-spacing increase Decrease upstream effect

WAKE FILLING BY BLOWING

As discussed in Section 2.2.2, pusher propellers feature unsteady loading and an asso-
ciated noise penalty due to the periodic passage of the blades through the momentum
deficit in the wake of the upstream pylon or wing. Active wake filling by blowing can
be applied to eliminate the momentum deficit in the incoming wake, thereby removing
the physical mechanism driving the adverse installation effects. Figure 2.17 illustrates
two possible blowing approaches: trailing-edge blowing and chordwise blowing. The
trailing-edge blowing approach employs a single outlet in the trailing edge, whereas the
chordwise blowing approach relies on a blowing slot positioned along the chord on both
sides of the pylon or wing. This thesis focuses on the application of blowing to the pylon-
mounted configuration. The results also apply to the wing-mounted configuration, al-
though in that case the energy required by the blowing system would be higher due to
the larger viscous losses on the wing compared to the unloaded pylon.

VjV∞

a) Trailing-edge blowing

Vj

Vj

V∞

b) Chordwise blowing

Figure 2.17: Sketch comparing the trailing-edge and chordwise blowing approaches.

Depending on the layout of the blowing system and the operating conditions, the
velocity profile in the blown wake will have different characteristics. Five generic types
of velocity profiles can be identified, as shown in Fig. 2.18.
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Figure 2.18: Overview of the different types of velocity profiles in the blown pylon wake [104].

• Type A: this velocity profile is characteristic of the unblown case, and is also ob-
tained at low blowing momentum coefficients.

• Type B: at increased blowing coefficients, the blown jets in a chordwise blowing
system start to re-energize the boundary layer. Two velocity overshoots appear
around the wake center. The central velocity deficit is due to the momentum
deficit in the boundary layers developing downstream of the blowing slots. Addi-
tionally, two minima occur near the wake edges due to insufficient mixing between
the boundary layer upstream of the blowing slot and the blown jets.

• Type C: by moving the blowing slots downstream, the central velocity deficit is
eliminated because of reduced boundary-layer growth downstream of the slots.
The remaining minima near the wake edges indicate that a longer distance is re-
quired to accelerate the boundary layers developed upstream of the blowing slot.
This type of velocity profile is typical for the trailing-edge blowing approach.

• Type D: an increased distance available for mixing can be provided by moving the
blowing slots upstream. In this way, the velocity minima near the wake edges can
be eliminated. However, the increased distance from the blowing slots to the trail-
ing edge introduces an increased deficit on the wake centerline if the blowing rate
is insufficiently high.

• Type E: increasing the blowing rate compared to the type-D profile, the central
velocity deficit is turned into a velocity overshoot.

Numerical simulations [105] and several experiments [16–18, 106] have confirmed
the effectiveness of blowing to reduce the unsteady blade loading and resulting noise
penalty for pylon-mounted pusher propellers. However, previous literature has not dis-
cussed direct measurements of the reduction of the installation penalty at the source:
the fluctuating propeller blade loads. As such, a complete analysis of the physical work-
ing principles of pylon blowing based on experimental data is still missing. Chapter 11
focuses on the relation between the modification of the propeller inflow by blowing and
the resulting propeller response, for the trailing-edge blowing approach. Following a
characterization of the pylon-wake flowfields with and without blowing, the effects of
pylon trailing-edge blowing are quantified in terms of the suppression of the unsteady
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propeller blade loads. Subsequently, the corresponding changes to the propeller noise
emissions are evaluated, and related to the changes in the flowfield resulting from the
application of pylon blowing. In this way, a thorough description is provided of the aero-
dynamic and aeroacoustic impact of pylon trailing-edge blowing on the installation ef-
fects occurring for pylon-mounted pusher propellers.

In terms of wake uniformity, the chordwise blowing approach offers performance
superior to that of the trailing-edge blowing approach [107]. For the latter, the shorter
distance between the pylon trailing edge and the propeller leads to wake profiles charac-
terized by a velocity overshoot at the wake centerline with velocity deficits on both sides
(velocity profile type C in Fig. 2.18). The chordwise blowing approach, on the other hand,
provides increased length for mixing, and thinner boundary layers at the blowing slots.
Consequently, the wake can be made more uniform (velocity profile types B and D in Fig.
2.18), as confirmed by experiments [106]. Recent work by Bury et al. [108] successfully
attempted to further improve upon the uniformity of the blown pylon wake by combin-
ing chordwise blowing with an upstream boundary-layer scooping system. In this way,
the pylon wake was made even more uniform, at the cost of additional complexity.

Although previous investigations have confirmed the potential for significant im-
provements in wake uniformity using the chordwise blowing approach, so far no con-
sideration has been given to the optimal positioning of the blowing slots. Also, the per-
formance of pylon blowing has only been evaluated under symmetric inflow conditions,
whereas during takeoff and landing, for example, the pylon–propeller combination will
operate at a nonzero angle of attack. The numerical study discussed in Appendix A ad-
dresses these concerns. The results are focused on the chordwise blowing approach,
while the trailing-edge blowing layout is considered for comparison purposes only. By
analyzing the downstream wake uniformity for a range of blowing slot parameters, the
sensitivity of the pylon wake to the design of the blowing system is illustrated. Moreover,
the robustness of the chordwise blowing approach under asymmetric inflow conditions
is discussed, and a method is presented to estimate the required blowing rates for asym-
metric cases based on reference values obtained for the case with symmetric inflow.

PROPELLER-DESIGN OPTIMIZATION

The disadvantage of the blowing approach discussed above is that it is an active control
technique, which requires energy for operation. An alternative strategy could be to op-
timize the propeller design. This could be done with a low-order analysis tool based on
analytical methods. The periodic velocity perturbation experienced by the blades can be
modeled as a combination of sinusoidal gusts in the direction normal to the airfoil. Fol-
lowing a Fourier decomposition of the periodic gusts, the frequency-domain response
of a blade section can then be modeled using the Sears function S [109–111]:

∆clk
= 2π

wk

Veff
S, (2.6)

with wk the Fourier coefficients of the harmonic gusts and Veff the effective velocity ex-
perienced by the blade section (Fig. 2.13). The incompressible Sears function S is de-
fined by [112, 113]:

S (σ) = J0 (σ)K1 (iσ)+ iJ1 (σ)K0 (iσ)

K0 (iσ)+K1 (iσ)
, (2.7)
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with J0 and J1 the zeroth- and first-order Bessel functions of the first kind, K0 and K1 the
modified zeroth- and first-order Bessel functions of the second kind, and σ the reduced
frequency:

σ= k
πnc

Veff
, (2.8)

with c the local blade chord and n the rotational frequency of the propeller. Figure 2.19
plots the real and imaginary parts of the Sears function versus reduced frequency. Due
to the rotation of the propeller, the local effective Mach number at the outboard sec-
tions typically attains values for which compressibility effects can no longer be ignored.
Therefore, a (low-frequency) compressibility correction can be applied to Eq. 2.7, as
discussed in Ref. [114]. Following a strip-theory approach, Eqs. 2.6 through 2.8 can be
evaluated for each blade section separately, after which the results can be converted into
the time domain using an inverse Fourier transformation.
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Figure 2.19: Real and imaginary parts of the Sears function (Eq. 2.7) versus reduced frequency [112].

Equation 2.6 shows that the unsteady lift is dominated by two factors: the amplitude
of the gust, which is defined by the wake characteristics, and the amplitude of the Sears
function. From Fig. 2.19 it can be seen that the amplitude of the Sears function decreases
with increasing reduced frequency. Therefore, it can be expected from Eq. 2.8 that an
increase of the chord length would be a propeller-design modification which could aid in
reducing the unsteady loads caused by the wake-impingement phenomenon. This could
further be enhanced by exploiting phase lag effects due to blade sweep. Unfortunately,
this hypothesis could not be tested within the time frame of this thesis, and therefore is
not further discussed.

Besides optimizing the propeller design for minimum sensitivity to inflow pertur-
bations, the blade geometry could also be modified to maximize the tip-vortex recov-
ery mechanism. In this way, this beneficial aerodynamic interaction can be exploited
to obtain the maximum aerodynamic benefit. A simple optimization could already be
performed by coupling a computed tip-vortex flowfield to a low-order tool for propeller
analysis, such as a blade element method.

PROPELLER-SPACING INCREASE

Similarly as for the tractor configuration, the upstream interaction effect for pusher pro-
pellers can be mitigated by increasing the spacing between the propeller and the pylon
or wing. This approach is not investigated in this thesis.
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3
TRACTOR-PROPELLER SETUP FOR

TIME-AVERAGED EFFECTS

Chapter 2 identified the aerodynamic and aeroacoustic interaction mechanisms and asso-
ciated performance-enhancement strategies for installed propellers in tractor and pusher
configurations. Specific experimental setups were used to study both configurations. The
current chapter details the setup used to analyze the time-averaged interaction effects for
tractor propellers. The model setup was based on the propeller–wing interference model
(PROWIM) discussed in Ref. [36], converted into a tip-mounted configuration. Therefore,
the setup is referred to as PROWIM-T in the remainder of the thesis. Section 3.1 first gives
an overview of the test setup. Subsequently, the wind-tunnel facility is outlined in Section
3.2, followed by a description of the models in Section 3.3. Then, the measurement tech-
niques are described in Section 3.4, after which Section 3.5 discusses the test conditions.
The PROWIM-T setup was used to acquire results presented in Chapters 6 and 9.

3.1. OVERVIEW OF THE TEST SETUP
The PROWIM-T setup was used to analyze the time-averaged aerodynamic interactions
for tip-mounted tractor propellers. Semi-installed propeller–wing configurations were
simulated by connecting an existing tractor propeller model with nacelle to two differ-
ent wing models. A low-aspect-ratio symmetric wing with integrated flap and pressure
taps (Model I) was used for a detailed investigation of the wingtip-vortex-attenuation
and swirl-recovery phenomena occurring for the wingtip-mounted configuration. The
advantage of this existing wing model, adapted from the one used before by Veldhuis
[36], is that it is equipped with a large number of pressure taps. These enabled local
measurements of the wing loading. Furthermore, the flap allowed to simulate cases with
inboard-up and outboard-up propeller rotation, by using opposite flap deflections with
the same existing propeller model. In the configuration without flap deflection, the wing

Parts of this chapter have been adapted from Refs. [46] and [115], which provide CAD models of the experi-
mental setup.
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(symmetry plane)
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n

Figure 3.1: Front view of the PROWIM-T setup with the short-span symmetric wing model (Model I) installed
in Delft University of Technology’s Low-Turbulence Tunnel.

represented a typical pylon, which was tested with and without swirl-recovery vanes in-
stalled. Figure 3.1 provides a photograph of the PROWIM-T setup with the symmetric
wing model installed in the wind tunnel.

Apart from the symmetric wing (Model I), also a new modular wing with camber was
tested (Model II). This model with higher aspect ratio was used to compare the aerody-
namic performance of the wingtip-mounted configuration and the conventional config-
uration, for which the propeller was mounted on the inboard part of the wing.

3.2. WIND-TUNNEL FACILITY
The experiments were performed in the Low-Turbulence Tunnel at Delft University of
Technology. This low-speed closed-return wind tunnel features a closed-wall test sec-
tion (Fig. 3.1) with a cross-section of 1.80×1.25 m. At the selected freestream velocity
of 40 m/s, the turbulence level is below 0.1% (bandpass filtered between 2 and 5000 Hz).
The models were attached to a 2.055-m long ground board suspended from the test sec-
tion’s ceiling, spanning the entire width of the test section. This ground board represents
the symmetry plane for the experimental arrangement, and reduced the height of the
test section to 0.995 m. The flow on the ground board was made turbulent by a transi-
tion strip, applied at 0.140 m from the board’s leading edge. A turntable was integrated
into the ground board to allow for measurements at nonzero angle of attack.

3.3. MODELS

3.3.1. PROPELLER
The propeller had a diameter of 0.237 m and its four blades were set to a blade pitch
angle (defined between the local chord line and the propeller plane) of 23.9 deg at 75%
of the radius. Considering the small scale of the propeller, it was decided not to apply
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a means to force transition on the blades, since it was expected that the nonzero thick-
ness of a tripping device would have posed too large a disturbance to the local blade
performance. Technical drawings of the propeller geometry and blade cross-sections
at 8 radial stations are given in Figs. 3.2 and 3.3. Additionally, Fig. 3.4 provides the
radial distributions of the blade chord and pitch angle. The propeller was driven by a
5.5 kW three-phase induction motor housed inside an axisymmetric nacelle with a di-
ameter of 0.070 m. The nacelle was connected directly to the wing models described
later. Compared to modern designs, the propeller has a low blade count, a low solidity,
and no sweep. Still, its slipstream introduced the aerodynamic phenomena to the flow-
field relevant to the propeller–wing interaction (see Sections 2.1.1 and 2.2.1). Therefore,
the model was considered adequate for the current investigation. The same propeller
was also used in previous work by Veldhuis [36] and Ragni [116].
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Figure 3.2: Technical drawing of the propeller.

Since the propeller was not instrumented, reference measurements of the isolated
propeller performance were taken with a sting-mounted configuration, as shown in Fig.
3.5. The sting was connected directly to an external balance (discussed in Section 3.4.2),
with the height of the sting selected such that the propeller was positioned in the mid-
dle of the wind tunnel. A test section without ground board had to be used, which was
considered acceptable since in this case the balance measurements did not include the
forces acting on the turntable. A separately supported streamlined sleeve, not connected
to the external balance, was installed around the sting to eliminate measurement error
due to the interaction of the model support with the propeller slipstream. The forces
on the nacelle were included in the thrust measurements. Tare runs were taken with
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Figure 3.3: Technical drawing of the propeller blade cross-sections.
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Figure 3.4: Radial distributions of the propeller blade chord and pitch angle.

a dummy spinner (blades off) and subtracted from the propeller-on data to isolate the
blade forces, neglecting the nacelle interference-drag component caused by the interac-
tion with the propeller slipstream. The axial spacing between the sleeve’s leading edge
and the propeller plane (1.5 times the propeller diameter) was sufficient to prevent an
upstream effect on the propeller performance.

3.3.2. WINGS

MODEL I: SYMMETRIC WING WITH INTEGRATED FLAP

Figure 3.6 provides a photograph of the model configuration with the symmetric wing
(referred to as Model I) installed in the test section, while Figs. 3.7 and 3.8 display the
corresponding technical drawings. The nacelle was connected to a straight, untapered
wing with a chord length of 0.240 m, a span of 0.292 m, a symmetric NACA 642A015
profile, and an integrated 25%-chord plain flap with a flap gap of 1 mm. This low-aspect-
ratio wing with a high ratio of propeller diameter to wingspan was chosen to obtain a
relatively strong interaction between the propeller slipstream and the wing, which aided
in the interpretation of the aerodynamic interaction mechanisms. Transition was forced
using strips with silicon-carbide particles, positioned at X /c = 0.12 on both the upper
and lower sides of the wing. Chordwise rows of static-pressure taps were available at
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Figure 3.5: Photograph of sting-mounted setup,
representing the isolated propeller case.
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Figure 3.6: Photograph of Model I
(symmetric wing with flap).

8 spanwise locations, as discussed in Section 3.4.3. The spacing between the propeller
plane and the wing leading edge was fixed at 44% of the propeller diameter.

The flap was used to simulate the cases with the propeller slipstream rotating in the
same and opposite directions of the wingtip vortex (outboard-up and inboard-up pro-
peller rotation) with a single propeller model. This was achieved by running the tests at
positive and negative flap deflection angles (±10 deg). The results obtained at the neg-
ative flap deflection angle were inverted during postprocessing by changing the sign of
the angle of attack and the lift coefficient to represent the outboard-up rotating case:

αOU =−αIU,

CLOU =−CLIU ,

CDOU (CLOU ) =CDIU (−CLIU ).

(3.1)

Additionally, the case with zero flap deflection represented a typical pylon configuration.
Since the flap only covered the spanwise extent from Y /ss = 0.163 to Y /ss = 0.729,

the lift distribution will have differed somewhat from that on a wing with equal planform
but having a cambered airfoil profile. The vorticity shed from the flap side edges causes
a reduction in circulation of the wingtip vortex for the case with flap deflection. This
may have slightly reduced the magnitude of the interaction effects compared to a more
representative cambered wing without flap. However, comparisons with a short-span
version of the modular cambered wing model discussed below showed that the general
trends for the inboard-up rotation case were the same as measured with the model with
flap, at all considered propeller operating conditions. Therefore, it was concluded that
the model with flap was adequate to study the aerodynamic phenomena relevant to the
wingtip-mounted propeller configuration.
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Figure 3.7: Overview technical drawing of Model I (symmetric wing with flap) installed in the wind tunnel.
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Figure 3.8: Detailed technical drawings of Model I (symmetric wing with flap).
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MODEL II: MODULAR CAMBERED WING

Figure 3.9 displays photographs of the modular cambered wing (referred to as Model II)
in the conventional and wingtip-mounted configurations, of which technical drawings
are provided in Figs. 3.10 and 3.11. The straight and untapered wing consisted of two
spanwise segments, which could be installed such that the nacelle was positioned in
between both segments (conventional configuration) or at the tip of the two segments
combined (wingtip-mounted configuration). The wing chord length was the same as
for Model I (0.240 m), while a modified NACA 642A615 profile was chosen to achieve a
lift coefficient of around CL = 0.3 at α= 0 deg. For manufacturing reasons, the trailing-
edge thickness was increased to 8.3 ·10−4 times the chord. This resulted in a slight bulge
in the aft part of the profile (around X /c = 0.9), which may have promoted separation.
Transition was fixed using strips with the same silicon-carbide particles as applied for
Model I, in this case installed at X /c = 0.08 on both the upper and lower sides of the
wing. The spacing between the propeller plane and the wing leading edge was fixed at
43% of the propeller diameter (approximately the same as for Model I), while the wing
was oriented such that the propeller–wing combination featured inboard-up rotation.

n

Propeller

Inboard
wing Turntable

Outboard
wing

Nacelle

Transition
strip

a) Conventional configuration

Wing

Propeller

n

Nacelle

Turntable

Transition
strip

b) Wingtip-mounted configuration

Figure 3.9: Photographs of Model II (modular cambered wing).

The conventional configuration had a rounded tip and a semispan of 0.748 m (AR =
6.2), leading to a ratio of propeller diameter to wing semispan of 0.32, a typical value
according to the twin-engine propeller-aircraft database provided in Ref. [36]. The span
of the inboard wing segment was approximately equal to the total span of Model I. As a
result, the propeller axis was positioned at Y /sc = 0.444, which is somewhat more out-
board than the typical value of Y /s = 0.30 [36]. This was considered acceptable for the
present study, since the spanwise loading gradient on the inboard part of the wing is rel-
atively small. Therefore, the sensitivity of the propeller–wing interaction effects to the
spanwise location of the propeller will be small as well on this part of the wing. The
semispan of the wingtip-mounted configuration was 0.730 m up to the outboard edge
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Figure 3.10: Overview technical drawings of Model II (modular cambered wing) installed in the wind tunnel.
Dimensions in millimeters.

of the nacelle (AR = 6.1), with a spanwise propeller position of Y /st = 0.952. Although
the location of the propeller with respect to the wind-tunnel walls differed between the
conventional and wingtip-mounted configurations, it was assumed that the propeller
performance was the same for both cases. This is supported by previous work focusing
on propeller aerodynamics in close ground proximity [117], which showed that propeller
performance remains unaffected by wall spacing for spacing values above 1.5 times the
propeller radius.

3.3.3. SWIRL-RECOVERY VANES
In case of a vehicle configuration with co-rotating propellers, i.e. inboard-up propeller
rotation on one side of the aircraft and outboard-up on the other, the aerodynamic inter-
action effects for tip-mounted propellers in tractor configuration (see Section 2.2.1 and
Chapter 6) would cause a strong asymmetry in the aerodynamic loading. Measurements

48



3.3. MODELS

3

R = 0.11
85 m

0.295R

0.148R

s  = 0.748 m  
0.976s

0.444s

Zp

Yp

Z

Y

0.
15

0c

c

c

r ϕ

c

a) Conventional configuration

Z

Y

0.
15

0c

Zp

Yp

0.295R

0.148R

0.952s

s  = 0.730 m  t

t

r ϕ

b) Wingtip-mounted configuration

D
 =

 0
.2

37
 m

c = 0.240 m

Z
X

0.853R

4.09R

Zp

Xp

1.27R

0.
04

2R

NACA 64  A6152

c) Section view

Figure 3.11: Detailed technical drawings of Model II (modular cambered wing).
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were taken with swirl-recovery vanes installed between the propeller and Model I (sym-
metric wing model) to reduce the swirl in the slipstream and assess the resulting impact
on the asymmetric loading for the cases with inboard-up and outboard-up propeller ro-
tation. The SRVs were designed for maximum thrust in the isolated configuration (with-
out wing), following the design method outlined in Ref. [32]. A design advance ratio of
J = 0.7 was chosen, corresponding to a propeller thrust coefficient of around CT = 0.12.
To maximize the aerodynamic impact of the SRVs, it was decided not to apply cropping;
hence, the radius was equal to that of the propeller.

The SRVs were positioned approximately half-way the propeller and the wing lead-
ing edge. The spacing from the propeller to the SRVs should be sufficiently large to pre-
vent a large noise penalty due to the interaction noise sources discussed in Section 2.1.2.
A spacing between propeller center and SRV quarter-chord line of 0.47 times the pro-
peller radius was selected based on the recommendations for contra-rotating open ro-
tors given in Ref. [10]. Figure 3.12 provides a technical drawing of the SRVs and their
position with respect to the propeller and the wing. The SRVs were mounted on the na-
celle through 3-mm thick interfaces, which increased the local nacelle radius to 38 mm
(0.321R).
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Figure 3.12: Technical drawings of Model I (symmetric wing) with swirl-recovery vanes installed.
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3.4. MEASUREMENT TECHNIQUES
Table 3.1 provides an overview of the measurement techniques applied for the tests with
Models I and II. Since the experimental data were also intended for the validation of
CFD simulations in which the wind-tunnel walls were modeled, no corrections were per-
formed for wind-tunnel wall effects and buoyancy effects.

Table 3.1: Overview of measurement techniques used for Model I (symmetric wing with flap) and Model II
(modular cambered wing).

Measurement aim Measurement technique Model I Model II

Flowfield information
Particle-image velocimetry Yes No

Wake rake Yes Yes
Integrated loading External balance Yes Yes

Sectional wing loading Pressure taps Yes No
Local propeller loading Total-pressure probe Yes No

Surface-flow features Oil-flow visualization No Yes

3.4.1. QUANTITATIVE FLOWFIELD EVALUATIONS

PARTICLE-IMAGE VELOCIMETRY

Flowfield measurements were taken in the wake of Model I using stereoscopic particle-
image velocimetry (PIV). Table 3.2 provides an overview of the measurement and post-
processing characteristics of the PIV setup, while Fig. 3.13 illustrates the position of the
PIV plane with respect to the model. The laser and cameras were traversed simultane-
ously in the vertical direction to allow for measurements in three different planes, ori-
ented perpendicularly to the freestream flow direction at 1.5c downstream of the wing
trailing edge (X /c = 2.5). The results from the three measurement planes were com-
bined in postprocessing to obtain a final field of view with dimensions of 360×485 mm,
which covered the entire wake of the propeller–wing model. Both phase-uncorrelated
and phase-locked measurements were taken. Phase-locking was achieved using a one-
per-revolution trigger signal integrated into the motor driving the propeller. Six blade
phase angles were considered with a 15 deg spacing between consecutive angles. This
thesis only considers the phase-uncorrelated data. Postprocessing was performed with
an iterative multi-grid approach [118], with a final window size of 24×24 pixel and 50%
overlap. The resulting vector spacing of 0.9 mm was appropriate to identify the dom-
inant flow structures in the wing wake and the propeller slipstream. The uncertainty
of the instantaneous velocity components was computed with the method by Wieneke
[119]. The statistical uncertainty of the mean velocity components was obtained from
the variations between uncorrelated samples at each vector location and the local num-
ber of samples available for averaging. Table 3.2 lists the uncertainty values averaged
over the field of view; the uncertainty of the velocity components near the slipstream
edge was up to 3 times larger due to the local effect of the propeller blade tip vortices.
Besides the contribution due to uncertainty of the instantaneous velocity fields, the sta-
tistical uncertainty of the mean also contains a contribution due to turbulence.
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Table 3.2: Measurement and postprocessing characteristics of the stereoscopic PIV setup.

Parameter Value
Laser Nd:YAG 200 mJ
Cameras 2× 16 Mpixel CCD sensor
Objective 200 mm f /4
Field-of-view size 360×485 mm
Field-of-view position (X /c) 2.5
Pulse separation 40 µs
Max. particle displacement 25 pixel
Image pairs 300a , 1000b

Final interrogation window size 24×24 pixel
Window overlap factor 50%
Vector spacing 0.9 mm
Uncertainty instantaneous velocity magnitude 0.018V∞
Uncertainty mean velocity magnitude 0.002V∞a , 0.001V∞b

a phase-locked measurements, b phase-uncorrelated measurements

PIV plane

V∞

1.5c

Figure 3.13: Illustration of the position of the PIV plane with respect to the model.

WAKE RAKE

A traversable wake rake was used to map the total-pressure distribution in the wake of
the models at the same axial position as the PIV plane (X /c = 2.5). For Model II, only
total-pressure measurements were taken, with a resolution of 3 mm in the lateral and
vertical directions. For Model I, the spatial resolution was increased to 2 mm, while
static-pressure measurements were done with a resolution of 4 mm. The traversing
range was selected such that the wing and nacelle wakes and the propeller slipstream
were positioned entirely inside the field of view. The pressures at all probe locations
were recorded simultaneously with the same electronic pressure scanner as used for the
surface-pressure measurements with pressure taps (Section 3.4.3). Since the maximum
swirl angle in the wake of the models was approximately 12 deg, a maximum error of
about 2% occurred due to local misalignment of the probes [120]. The wake rake was
removed from the test section during all other measurements to prevent an unwanted
upstream effect on the wing and propeller performance.
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3.4.2. INTEGRATED LOADING
The total forces and moments generated by the propeller–wing combinations were ob-
tained with an external six-component balance. Measurements were taken both with
and without the propeller blades installed to allow for an assessment of the aerodynamic
interaction effects caused by the propeller slipstream. A simple bookkeeping procedure
was followed to separate the forces and moments generated by the wing with nacelle
and the propeller. To this end, the isolated propeller’s performance data were used, as
measured with the sting-mounted configuration. In this process, the upstream effect of
the wing on the propeller performance was neglected. Apart from the forces acting on
the models, the balance data also included the forces and moments on the turntable in
the wind-tunnel ceiling (see Figs. 3.1 and 3.9), mostly dominated by skin-friction drag.
Tare measurements were taken with the models removed from the test section to correct
for this effect. This approach cannot account for the interference drag associated with
the junction flow at the interface between the wing and the turntable. The uncertainty
of the balance measurements was estimated from repeated measurements at equal op-
erating conditions. The standard deviation of the lift data was 0.04 lift counts, while the
standard deviation of the drag data was 3 drag counts.

3.4.3. WING LOADING
The symmetric wing model contained a total of 408 pressure taps, providing local mea-
surements of the pressure distribution at 8 spanwise locations: Y /ss = 0.171,0.308,0.445,
0.500,0.555,0.611,0.666,0.721. The pressure taps were cross-connected in the spanwise
direction at each chordwise position. Therefore, the measurements were taken per chord-
wise pressure row, with all other rows closed by tape. The pressures from each chordwise
row were simultaneously recorded at a sampling rate of 5 Hz using an electronic pressure
scanner, and averaged over time to obtain the final results per data point. The pressure
data were integrated to obtain the section lift and pressure-drag coefficients on the wing.
In this process, the local geometry of the wing profile was accounted for.

3.4.4. PROPELLER LOADING
A circular, square-ended total-pressure probe with a diameter of 1.5 mm was used to
measure the total-pressure rise induced by the propeller. Measurements were taken
both for the sting-mounted propeller and Model I (symmetric wing with flap) to study
the upstream effect of the wing on the propeller loading. The probe was designed such
that it could provide measurements of the propeller loading distribution in the region
upstream of the wing, with the tip of the probe positioned at 0.15R downstream of the
propeller center. The maximum swirl angle in the propeller slipstream at the measure-
ment location was about 8 deg, leading to a maximum error of less than 0.5% due to
local misalignment of the probe [120]. The probe and its support infrastructure were
removed from the test section during all other measurements. Data were acquired over
the entire propeller disk by traversing the probe in the radial and circumferential di-
rections, with a radial resolution of 3 mm (0.025R) and a circumferential resolution of
10 deg. This full measurement grid was only considered for the wing-installed con-
figuration at J = 0.8. At the other advance ratios, the full radial range was measured
only at φ = [0,90,180,270] deg, while the full circumferential range was only covered
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at r /R = 0.76. Considering the expected axisymmetry of the sting-mounted propeller,
for this configuration only circumferential angles in the range of 90 ≤ φ ≤ 270 deg were
evaluated.

3.4.5. SURFACE-FLOW FEATURES
Surface-flow visualizations were performed using a fluorescent oil technique [121] on
the upper surface of Model II (modular cambered wing). Following each data point, the
tunnel was stopped and the oil was redistributed over the model. The visualizations were
performed to identify the flow-separation pattern over the wing and nacelle, with and
without the propeller running. Furthermore, the effectiveness of the transition strips
could be verified.

3.5. TEST CONDITIONS
The majority of the measurements taken with the PROWIM-T setup were acquired at
a freestream velocity of V∞ = 40 m/s. This velocity provided the best compromise be-
tween achievable Reynolds number and the operating range of the propeller, which was
constrained by the output power of the electric motor. The resulting Reynolds number
based on the wing chord was about Rec = 650,000, while the Reynolds number based
on the propeller diameter was ReD = 640,000. The propeller was operated at four thrust
settings, corresponding to advance ratios J of 0.7, 0.8, 0.9, and 1.0. The associated thrust
coefficients CT were equal to 0.123, 0.095, 0.053, and 0.014, respectively, while the Rey-
nolds number at r /R = 0.7 was in the range of 130,000−180,000 (for J = 1.0 down to
J = 0.7). For Model II, additional measurements were taken at V∞ = 28 m/s to achieve
higher thrust coefficients. At this velocity, the propeller was also operated at advance
ratios of 0.5 and 0.6, resulting in thrust coefficients of 0.168 and 0.144, respectively. The
corresponding Reynolds numbers were 455,000 based on the wing chord, 450,000 based
on the propeller diameter, and 90,000−170,000 based on the effective velocity and chord
at r /R = 0.7 (for J = 1.0 down to J = 0.5). The sting-mounted propeller data were ac-
quired at Reynolds numbers of ReD = 620,000 and ReD = 470,000. The difference in
Reynolds number of at most 4% between the sting-mounted and wing-installed mea-
surements is ignored in the evaluations discussed in this thesis. For all configurations,
tare measurements were taken with the blades removed to obtain a baseline to which
the propeller-on data could be compared. The test cases are particularly representative
of smaller vehicles with low-speed propellers; compared to high-speed propellers with
high disk loading, the considered thrust coefficients are relatively low. Considering that
the wingtip-mounted propeller is especially feasible for aircraft with (distributed) elec-
tric propulsion, this was considered acceptable.

The aerodynamic performance measurements with the external balance and surface-
pressure taps were taken over a range of angles of attack α, at zero sideslip angle. For
Model I, the angle of attack was varied over the range −20 ≤α≤ 20 deg. For Model II, the
angle-of-attack range was −8 ≤α≤+15 deg for the wingtip-mounted configuration and
−8 ≤α≤+10 deg for the conventional configuration. For the latter case, the maximum
angle of attack was limited because of the weaker connection between the nacelle and
the outboard wing segment. The wake-rake, PIV, and propeller-slipstream evaluations
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with Model I were intended to be performed at α = 0 deg, but due to a small misalign-
ment of the setup the actual angle of attack wasα=−0.2 deg for the inboard-up case and
α=+0.2 deg for the outboard-up case. For Model II, the wake-rake data were acquired
at α = 0 deg and at a constant lift coefficient of CL = 0.5. The misalignment of Model I
was resolved before performing the pressure and balance measurements discussed in
this thesis. The sting-mounted propeller was evaluated before the misalignment was re-
solved, and thus the propeller performance data also suffered from a −0.2-deg misalign-
ment. Interpolation was performed to obtain the propeller performance at the same
angles of attack as the balance data acquired with Models I and II.
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4
TRACTOR-PROPELLER SETUP FOR

UNSTEADY EFFECTS

Whereas the setup discussed in the previous chapter could only be used to investigate the
time-averaged interaction effects for tractor propellers, the setup described in the current
chapter was devised to study the unsteady effects occurring for such a configuration. This
setup is referred to as PROWIM-US in the remainder of the thesis, and was built around
the same propeller model as used in the PROWIM-T setup. The test setup is introduced in
Section 4.1, after which Section 4.2 briefly discusses the wind-tunnel facility. Thereafter,
the models are described in Section 4.3 and the measurement techniques are detailed in
Section 4.4. Finally, Section 4.5 provides the test conditions. The PROWIM-US setup was
used to acquire results presented in Chapters 7 and 10.

4.1. OVERVIEW OF THE TEST SETUP
A typical pylon-mounted tractor-propeller configuration was simulated by positioning a
generic pylon model downstream of a sting-mounted propeller. To achieve commonal-
ity with the propeller slipstream characteristics obtained in the tests focusing on time-
averaged effects, the propeller model was the same as for the PROWIM-T setup (Chapter
3). Also, its relative position with respect to the pylon was approximately the same. A
photograph of the PROWIM-US test setup is given in Fig. 4.1.

4.2. WIND-TUNNEL FACILITY
All measurements with the PROWIM-US setup were taken in the Low-Turbulence Tunnel
at Delft University of Technology, as already described in Section 3.2. In this case, no
ground board was installed in the top of the test section, resulting in a cross-section of
1.80×1.25 m. The propeller model was supported by a sting, while the pylon model was
mounted to the floor of the test section.

The contents of this chapter have been adapted from Refs. [46] and [122], which provide CAD models of the
experimental setup.
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Pylon

Propeller Nacelle support sting

Figure 4.1: Front view of the PROWIM-US setup installed in Delft University of Technology’s
Low-Turbulence Tunnel.

4.3. MODELS

4.3.1. PROPELLER
The propeller model was the same as used with the PROWIM-T setup, and was already
described in detail in Section 3.3.1. In this case, the nacelle was supported by an inte-
grated sting, connected to an external balance through the wind-tunnel ceiling. Unlike
with the PROWIM-T setup, no sleeve was installed around the sting. The pitch angle was
again set to 23.9 deg at r /R = 0.75.

4.3.2. PYLONS
The propeller was positioned upstream of a pylon to allow for measurements of the
unsteady loading caused by the periodic impingement of the slipstream on a down-
stream aerodynamic surface, and to attempt to alleviate this unsteady loading with a
flow-permeable leading edge. Separate pylon models were used to achieve these goals:
a pylon with grooves and sleeve, and a pylon with a replaceable leading-edge insert.
Both models featured a straight, untapered planform with NACA 0012 cross-section. The
chord length c was equal to 0.200 m, with a span of 0.592 m. In this way, the propeller
could be positioned in the center of the test section with the pylon mounted to the floor
of the wind tunnel. A gap of 1 mm was left between the nacelle and the pylon, which al-
lowed for external balance measurements of the propeller forces with and without pylon
installed, and prevented the transmission of potential vibrations caused by the propeller
to the pylon. The leading edge of the pylon was positioned at 0.100 m from the propeller
center, corresponding to an axial spacing of 0.42 times the propeller diameter.

PYLON WITH GROOVES AND SLEEVE

The pylon with grooves and sleeve was used to measure the unsteady pressures on the
surface caused by the periodic impingement of the propeller slipstream. It was equipped
with a sleeve containing 16 microphones aligned in the streamwise direction, as dis-
cussed in more detail in Section 4.4.2. The sleeve had a width of 0.045 m and a thickness
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of 0.005 m, while the shape was designed as an offset from the pylon’s baseline NACA
0012 profile, resulting in a chord of cs = 0.210 m. Quantitative flowfield measurements
using PIV showed that the presence of the sleeve did not significantly alter the flowfield
compared to that around a two-dimensional pylon with the cross-section of the sleeve.
The sleeve was traversed in the vertical direction (pylon spanwise direction) through two
grooves on each side of the pylon, centered at Xpyl/c = 0.23 and Xpyl/c = 0.60 from the
leading edge. Figure 4.2 displays a technical drawing of the pylon model with grooves
and sleeve installed in the test setup.
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Figure 4.2: Technical drawing of the test setup with the pylon with grooves and sleeve.
Dimensions in millimeters.

PYLON WITH REPLACEABLE LEADING-EDGE INSERT

A pylon featuring a replaceable leading-edge insert with a chord of 0.060 m (0.3c) was
used to study the potential of a flow-permeable leading edge to alleviate the unsteady
loading on the pylon caused by the impingement of the propeller slipstream. The re-
placeable insert was integrated into the leading-edge region of the top part of the pylon,
allowing for different treatments at the pylon leading edge. The span of the insert was
0.100 m, meaning that it extended up to 19% of the propeller radius below the tip of the
propeller. Figure 4.3 depicts a technical drawing of the test setup with the pylon with
replaceable leading-edge insert.

An aluminum solid insert was used as baseline configuration to which the perfor-
mance of four different flow-permeable leading edges was compared. The flow-perme-
able inserts were designed with a perforated skin covering an empty cavity underneath,
as sketched in Fig. 4.4, and manufactured from polyamide by selective laser sintering.
No optimizations were performed to define the characteristics of the flow-permeable in-
serts. Instead, the porosity distribution was taken from the work of Tinetti et al. [87–89]
as the one which provided the best compromise between unsteady-load reductions and
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Figure 4.3: Technical drawing of the test setup with the pylon with replaceable leading-edge insert.
Dimensions in millimeters.

time-averaged airfoil performance for rotor–stator interactions. This meant a constant
permeability of σmax

p = 0.22 for 0 ≤ Xpyl/c ≤ 0.05, after which the porosity decreased el-
liptically down to σp = 0.10 over the range 0.05 < Xpyl/c ≤ 0.10 [87–89]. The porosity
factor σp is defined here as the ratio between open and closed surface area. No barriers
were placed in the cavity to allow for communication between the pressure and suction
sides of the airfoil, again following the work of Tinetti et al. [87–89]

Different hole diameters Dhole and cavity depths tcavity were considered to study the
sensitivity of the performance of the flow-permeable inserts to their design. Two hole
diameters were used, equal to 0.5 and 1.0 mm, respectively, with a skin thickness of
1 mm. The default cavity depth was 3 mm (measured perpendicularly to the surface),
while for the model with holes of 0.5 mm also depths of 1 and 5 mm were tested. An
overview of the characteristics of the leading-edge inserts is provided in Table 4.1. The
flow-permeable configurations are referred to as PxxCy , with xx the hole diameter in
millimeters multiplied by ten, and y the cavity depth in millimeters. Figure 4.5 depicts a
photograph of the P10C3 insert installed in the pylon downstream of the propeller.

Apart from modifying the unsteady pylon loads, the installation of a flow-permeable
leading edge also affects the time-averaged aerodynamic performance of the pylon. This
was quantified by measuring the lift and drag of an extended pylon model spanning the
height of the test section (minus 2-mm gaps on both sides). The extended pylon featured
the same profile and chord length as used for the pylon–propeller interaction measure-
ments, while the replaceable inserts were positioned around the center of the wind tun-
nel. During these measurements, the propeller setup was removed, including the nacelle
and support sting. The resulting test setup is shown in Fig. 4.6.
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Table 4.1: Geometry characteristics of the leading-edge inserts.

Configuration Dhole, mm tcavity, mm
Solid N/A N/A

P05C1 0.5 1
P05C3 0.5 3
P05C5 0.5 5
P10C3 1.0 3

tcavity

0.1c

Flow-permeable
surface

Solid surface

Cavity

Dhole

Figure 4.4: Geometry of the flow-permeable leading-edge inserts.

Figure 4.5: Photograph of the test setup with P10C3 flow-permeable leading-edge insert during
particle-image-velocimetry measurements.
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Figure 4.6: Experimental setup for the aerodynamic-performance measurements of the pylon without
propeller. Dimensions in millimeters.

4.4. MEASUREMENT TECHNIQUES

4.4.1. QUANTITATIVE FLOWFIELD EVALUATIONS
Flowfield measurements were taken with PIV. Four different setups were used to char-
acterize the flowfield in the slipstream of the isolated propeller (SSFOV), the propeller-
slipstream distortion caused by the pylon (WFOV), the flowfield around the entire pylon
(CWFOV), and the slipstream-impingement process at the pylon leading edge (LEFOV).
The corresponding measurement setups are illustrated in Fig. 4.7. Tables 4.2 and 4.3 pro-
vide detailed measurement and postprocessing characteristics for the different setups.
The same processing techniques were used as for the data measured with the PROWIM-
T setup, as discussed in Section 3.4.1.

ISOLATED PROPELLER SLIPSTREAM (SSFOV )
The flowfield downstream of the isolated propeller (without pylon) was measured using
stereoscopic PIV (SSFOV setup, Fig. 4.7a). Ignoring the influence of the support sting,
which was placed sufficiently far downstream of the propeller plane to have a negligi-
ble effect on the propeller loading, the isolated propeller case is axisymmetric. There-
fore, the complete slipstream could be mapped using measurements in a single plane
positioned at the vertical position of the propeller axis (Z /R = 0). To clearly identify
the characteristics of the blade wakes and tip vortices, the measurements were taken
phase-locked with the propeller blade position. This was achieved using an optical one-
per-revolution trigger signal integrated into the motor driving the propeller. Moreover,
phase-uncorrelated measurements were performed to obtain a representation of the
time-averaged flowfield in the propeller slipstream.
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Figure 4.7: Illustration of the PIV setups.

PROPELLER-SLIPSTREAM DISTORTION CAUSED BY THE PYLON ( WFOV )
The distortion of the propeller slipstream due to the interaction with the pylon was eval-
uated to better understand the spatial distribution of the unsteady surface pressures
measured with the microphones (Section 4.4.2). A stereoscopic PIV setup was used with
the field of view positioned at 2.5 times the chord length downstream of the pylon trail-
ing edge (WFOV setup, Fig. 4.7b). Two measurement planes were used, after which the
data were combined in postprocessing to obtain the final results. Measurements were
taken both with and without the pylon, while only phase-uncorrelated acquisitions were
performed. The microphone sleeve was not present during these measurements, and
the pylon model without grooves was used.

FLOWFIELD AROUND ENTIRE PYLON (CWFOV )
A stereoscopic PIV setup, referred to as CWFOV, was employed to characterize the flow-
field in a field of view surrounding the entire pylon without grooves (Fig. 4.7c). The
CWFOV measurements were only taken for the solid and P10C3 configurations, since
the largest differences were expected to occur between these two cases. Four cameras
were installed in two separate stereoscopic layouts, synchronously acquiring the flow-
fields on each side of the pylon, after which the resulting vector fields were combined
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Table 4.2: Measurement and postprocessing characteristics of the three stereoscopic PIV setups.

SSFOV WFOV CWFOV
Laser Nd:YAG 200 mJ
Cameras 16 Mpixel CCD sensor
Number of cameras 2 2 4
Objective 200mm f /4
Field-of-view size 210×230 mm 340×480 mm 450×280 mm
Field-of-view position Z /R = 0.0 Xpyl = 3.5c Z /R = 0.97,1.01
Pulse separation 20 µs 40 µs 19 µs
Max. particle displacement 14 pixel 13 pixel 12 pixel
Image pairs 250a , 500b N/Aa , 500b 250a , 500b

Final interrogation window size 12×12 pixel 32×32 pixel 48×48 pixel
Window overlap factor 75% 50% 50%
Vector spacing 0.2 mm 2.0 mm 2.0 mm
Uncertainty instant. velocity 0.027V∞ 0.018V∞ 0.039V∞
Uncertainty mean velocity 0.002V∞a , N/Aa , 0.002V∞a ,

0.003V∞b 0.003V∞b 0.005V∞b

a phase-locked measurements, b phase-uncorrelated measurements

Table 4.3: Measurement and postprocessing characteristics of the planar PIV setup.

LEFOV
Laser 2× Nd:YAG 200 mJ
Cameras 16 Mpixel CCD sensor
Number of cameras 2
Objective 200mm f /4
Field-of-view size 180×60 mm
Field-of-view position Z /R = 0.74,0.97,1.01
Pulse separation 5 µs
Max. particle displacement 10 pixel
Image pairs 300a , 500b

Final interrogation window size 24×24 pixel
Window overlap factor 50%
Vector spacing 0.2 mm
Uncertainty instantaneous velocity 0.018V∞
Uncertainty mean velocity 0.002V∞a , 0.003V∞b

a phase-locked measurements, b phase-uncorrelated measurements

in postprocessing. A single laser was used to create light sheets on both sides of the py-
lon by splitting the laser beam, similarly to the setup described in Ref. [123]. Only the
tip-vortex impingement region was considered, with measurement planes at Z /R = 0.97
and Z /R = 1.01. Phase-locked acquisitions were performed for a total of 17 phase angles
to achieve high temporal resolution, while also uncorrelated measurements were taken.
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PROPELLER-SLIPSTREAM IMPINGEMENT AT THE PYLON LEADING EDGE (LEFOV )
The effects of the slipstream on the flowfield near the pylon leading edge were quantified
with a planar PIV setup (Fig. 4.7d), referred to as LEFOV. The fields of view surrounded
the leading-edge region of the pylon, extending up to approximately Xpyl/c = 0.20. Two
cameras were used to synchronously capture the flowfield on each side of the pylon,
after which the resulting vector fields were combined in postprocessing. Illumination
was provided by two lasers, one on each side of the test section. Cameras and lasers
were traversed simultaneously to obtain measurements at three vertical positions, char-
acteristic of the wake impingement region (Z /R = 0.74) and the tip-vortex impingement
region (Z /R = 0.97 and Z /R = 1.01). The locations of the two planes in the tip-vortex
impingement region were chosen to match the spanwise positions of maximum pres-
sure fluctuations on the retreating and advancing blade sides of the pylon, respectively,
as measured with the microphone sleeve (Section 4.4.2). Both uncorrelated and phase-
locked acquisitions were performed. Phase-locking was again achieved using an optical
one-per-revolution trigger signal installed in the electric motor driving the propeller. Six
different phase angles were considered, corresponding to time instances before, during,
and after impingement of the tip vortex on the leading edge of the pylon. The phase
angle at the approximate time of impingement was defined as φ′ = 0 deg, while the
remaining measurements were taken at −17.5, −2.5, 5, 27.5, and 52.5 deg. Again, the
microphone sleeve was removed for these measurements, and the pylon model without
grooves was used.

The phase-uncorrelated velocity fields were used to compute the pressure field at
Z /R = 0.97 by solving the Poisson equation for the pressure, obtained from the incom-
pressible Navier–Stokes equations. An extensive review of this technique is provided
in Ref. [124]. Three-point central schemes were applied to compute the in-plane spa-
tial derivatives. The Poisson equation, including the viscous terms, was then solved by
means of the second-order scheme developed by Ragni, van Oudheusden, and Scarano
[125]. Neumann conditions were specified on the inflow and outflow boundaries and on
the airfoil contour, while Dirichlet boundary conditions were used to prescribe the to-
tal pressure on the lateral sides of the domain, where the flow was isentropic. Since the
LEFOV setup only allowed for planar PIV measurements, the out-of-plane velocity com-
ponent was unavailable. However, previous work for similar configurations has shown
that this component has a negligible impact on the results [125]. This was confirmed by
analysis of time-averaged pressure fields computed from the stereoscopic velocity data
measured with the CWFOV setup.

The stochastic uncertainty of the pressure data was evaluated by propagating the
statistical uncertainty of the PIV data through the routine used for the pressure com-
putation. This was done following a Monte Carlo approach, in which the pressure was
computed repeatedly from the time-averaged velocity field with superimposed random
noise. The noise was obtained from a normal distribution with zero mean and standard
deviation equal to the 0.3% uncertainty of the mean (phase-uncorrelated) velocity data
from PIV. A total of 10,000 iterations were performed, resulting in a converged standard
deviation of the pressure coefficient of 0.04. Note that this error estimate does not in-
clude the propagation of potential bias error in the PIV data.
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4.4.2. PYLON LOADING

TIME-AVERAGED PYLON LOADING WITHOUT PROPELLER

The time-averaged lift and drag of the pylon with the different leading-edge inserts were
quantified using a wake rake, wall-pressure taps, and an external six-component bal-
ance. For these measurements, the extended pylon configuration was used (Fig. 4.6).

Pylon Lift The lift generated by the pylon was measured with pressure taps distributed
over four longitudinal strips installed in the walls of the test section. The pressure taps
extended approximately 5c on both sides of the model along the tunnel walls. A lift cor-
rection factor of 1.13 was applied to the measured lift values to account for the effect of
the finite axial extent of the pressure taps, following the method outlined in Ref. [126].

The section lift coefficient of the flow-permeable inserts was derived from the wall-
pressure-tap data by scaling with the spanwise part of the pylon affected by the insert.
This spanwise extent was determined from the wake-rake data (see below) as the span-
wise range over which the measured drag coefficient of the pylon with flow-permeable
insert was different from that obtained for the solid pylon. This is sketched in Fig. 4.8.
The lift on the remainder of the pylon was considered the same for all configurations:

CL = cs
l

(
b −binsert

b

)
+ c insert

l

binsert

b
, (4.1)

with b the span of the extended pylon model (Fig. 4.6), binsert the spanwise extent of
the pylon affected by the flow-permeable insert (Fig. 4.8), CL the lift coefficient of the
entire pylon (measured), c insert

l the section lift coefficient of the flow-permeable insert
(unknown), and cs

l the section lift coefficient of the solid pylon (known from measure-
ments with the solid pylon).

Z

cd

binsert

Solid
PxxCy

Figure 4.8: Determination of spanwise extent of the pylon affected by the flow-permeable insert, based on the
sectional drag data.

Pylon Drag The sectional drag of the pylon was measured with a wake rake positioned
at 2.6c downstream of the pylon trailing edge. At this position, the static pressure was
verified to be recovered to the freestream value. The width of the rake equaled 0.504 m,
over which 67 total-pressure probes and 16 static-pressure probes were distributed in
two separate rows, offset in the vertical direction. The total-pressure probes were spaced
nonequidistantly to achieve a maximum resolution of 3 mm in the center part of the rake.
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The lateral position of the rake was changed for each data point to achieve this maximum
spatial resolution over the entire pylon wake. All pressures were acquired simultaneously
with an electronic pressure scanner recording at a rate of 5 Hz. The wake rake was tra-
versed in the vertical direction to acquire the sectional drag distribution along the span
of the pylon over a range of 1.5 times the chord (0.300 m). Starting at Z = c, the rake was
moved upward at a constant velocity of 2.5 mm/s while the pressure data were acquired.

As sketched in Fig. 4.8, the spanwise drag distributions for the configurations with
flow-permeable leading-edge insert showed a maximum near the center of the insert.
The drag coefficient decreased toward the edges of the insert, eventually reaching the
value obtained for the solid pylon. This was because only part of the pylon span was
covered by the leading-edge insert. The maximum value measured over the span of the
insert was taken here as a representative section drag coefficient of the insert. In this
way, effects related to the finite span of the flow-permeable inserts were minimized.

UNSTEADY LOADING WITH PROPELLER

The unsteady loading on the pylon was quantified using flush-mounted microphones
integrated into a sleeve, which was traversed in the spanwise direction as discussed in
Section 4.3.2. On each side of the sleeve, 8 Sonion 8010T microphones were installed
at (linear) distances from the leading edge of the sleeve of 0.02, 0.05, 0.10, 0.20, 0.35,
0.50, 0.70, and 0.90 times the sleeve chord (Fig. 4.9a). The microphones were placed
recessed from the surface in individual cavities (Fig. 4.9b) with a resonance frequency
of approximately 16.8 kHz. No protection grid was installed between the diaphragm of
the microphones and the outer flow. The microphones measured in the frequency range
of 10 Hz – 11.5 kHz, with a maximum input level of 112 dB at 1 kHz and a noise floor of
28 dBA. Since the maximum blade-passage frequency of the propeller was only 242 Hz
during the unsteady pressure measurements, the frequency range of the microphones
was sufficient to acquire the fundamental tone and up to 46 harmonics. A sampling rate
of 25.6 kHz was used, with 30 s of acquisition time per data point. Considering the im-
portance of a frequency-dependent calibration [47], such a calibration was performed
using an external reference microphone with known frequency response. Phase-locking
was applied during postprocessing to extract the periodic signal related to the propeller-
slipstream impingement phenomena. The measurement data were divided into individ-
ual rotations using a simultaneously recorded optical one-per-revolution trigger signal,
and subsequently averaged per phase angle. In this way, the parts of the signal that were
not related to the periodic slipstream-impingement phenomena were eliminated.

4.4.3. PROPELLER LOADING
The thrust of the propeller was measured using an external six-component balance.
Both the configurations with and without the pylon installed were considered. In this
way, the impact of the installation of the pylon on the propeller performance could be
assessed. Tare measurements were taken with the blades removed to subtract the drag
contributions of the nacelle and support sting. The change in drag of the nacelle and
support sting due to the increased dynamic pressure and swirl in the propeller slipstream
was not corrected for. Evaluations of the results from repeated measurements showed
that the thrust data were reproducible to within approximately 2%.
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Figure 4.9: Technical drawing of the microphone sleeve; dimensional numbers in millimeters.

4.4.4. PROPELLER AND PYLON NOISE EMISSIONS
An acoustic array was used to measure the sound generated by the propeller and the
leading-edge region of the pylon. The resulting far-field noise data served as indication
of the source strength of the pressure fluctuations at the pylon surface. The array was
integrated into the wall of the test section (retreating blade side), at a sideline distance
of 0.9 m from the propeller center. Since the measurements were taken in the reverber-
ant environment of a hard-walled test section, the array data may have been influenced
by acoustic reflections. However, the data were used to compare relative differences be-
tween configurations at the same frequency. In such case, the effect of acoustic reflec-
tions is identical for all configurations, and thus will not affect the measured deltas.

The microphone array contained 64 PUI Audio POM-2735P-R microphones, with a
sensitivity of −35 ± 2 dB (ref. 1 V/Pa) over a frequency range of 0.02 − 25 kHz. Each
microphone was installed recessed in a cavity covered by Kevlar fabric to reduce flow-
induced noise stemming from the hydrodynamic pressure fluctuations in the boundary
layer on the wind-tunnel wall. The microphone array had an approximately elliptical
shape with a major axis in the flow direction of 0.93 m and a minor axis in the vertical
direction of 0.48 m. Figure 4.10 displays the microphone locations with respect to the
position of the models.
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Figure 4.10: Microphone locations with respect to the position of the models. Dashed boxes indicate the
propeller (I) and pylon (II) integration sectors used for source power integration.

The microphone-array data were acquired at a sampling rate of 50 kHz and with a
recording time of 120 s. The acoustic data were averaged with time blocks of 4096 sam-
ples for each Fourier transform and windowed using a Hann function with 50% data
overlap. With these parameters, the frequency resolution is 12.2 Hz and the expected er-
ror in the cross-spectrum estimate [127] is 1.9%. Conventional frequency-domain beam-
forming [128] was applied to obtain the source maps, which were computed for a grid
with 1 mm spacing. The convection of sound waves was accounted for in the formula-
tion of the steering vectors [129]. Furthermore, the main diagonal of the cross-spectral
matrix was removed to suppress the effect of incoherent noise (mostly due to remain-
ing pressure fluctuations caused by the boundary layer on the wind-tunnel wall) and
improve the beamforming results [129].

The processed array data were used to synthesize the sound spectra emitted from
the propeller and the leading-edge inserts by the technique of source power integration
[129]. The two integration sectors used for this purpose are shown in Fig. 4.10. In each
sector, the integrated beamforming results (per frequency) were normalized by the in-
tegral of a simulated unitary point source at the center of that integration sector, evalu-
ated within the same spatial domain [130]. According to the Rayleigh criterion, the spa-
tial resolution ∆R at the position of the scan plane and at the blade-passage frequency
( f = BPF = 848 Hz) equals approximately [129, 131]:

∆R = Y tan

(
1.22a

Da f

)
= 0.52 m. (4.2)

The effective diameter of the array Da was taken here as the length of the array in the
streamwise direction (0.93 m), since in this case the separation of sources in the flow
direction is of interest. The result of Eq. 4.2 implies that the sources due to the pro-
peller and pylon could not be separated at the lowest frequencies, because of the limited
spatial resolution of the array. However, the array data could still be used to assess the
relative change in the acoustic signature of the different pylon models with respect to the
baseline solid configuration. This is discussed in more detail in Section 10.2.4.
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4.5. TEST CONDITIONS
The propeller performance measurements and flowfield visualizations using PIV were
done at a freestream velocity of 40 m/s, corresponding to Rec = 530,000 and ReD =
628,000. All microphone measurements, on the other hand, were taken at V∞ = 10 m/s
to maximize the dynamic range of the microphone data, leading to Rec = 132,000 and
ReD = 157,000. Analysis of a number of PIV measurements taken at 10 m/s showed that
the difference in freestream velocity and thus Reynolds number between the PIV and
microphone measurements did not appreciably affect the dominant flow phenomena.

The effects of propeller thrust setting, propeller–pylon spacing, and angular inflow
on the unsteady surface pressures were investigated by performing measurements with
the pylon with grooves and sleeve for a range of propeller advance ratios, axial sepa-
rations between propeller and pylon, and angles of attack. A baseline advance ratio of
J = 0.8 was selected, at which the blades were significantly loaded, while preventing sep-
arated flow on the blade sections. The corresponding value of the thrust coefficient CT

was 0.095. In addition, advance ratios of 0.7, 0.9, and 1.0 were considered to assess the
sensitivity of the unsteady pylon loads to the thrust setting. The propeller–pylon spacing
∆X was varied from 0.21 up to 0.84 times the propeller diameter, at a baseline spacing
of 0.42D . Finally, the angle of attack was changed from 0 up to 12 deg at 6 deg intervals,
while measurements were also taken at −6 deg to obtain insight into the effect of the
propeller rotation direction on the unsteady loads.

The measurements with the pylon with flow-permeable leading edge were mostly
taken under symmetric inflow conditions, and at J = 0.8 only. The two-dimensional
aerodynamic performance of the pylon without propeller, however, was also evaluated
for the extended-span configuration at nonzero incidence angles ranging from −6 up to
+12 deg. The test results were not corrected for wind-tunnel wall effects.
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PUSHER-PROPELLER SETUP

Following the description of the experimental setups used for the tractor-propeller con-
figuration in Chapters 3 and 4, the present chapter discusses the setup applied to study
the pusher-propeller configuration, which was used to obtain results discussed in Chap-
ters 8, 9, and 11. The setup was built around the instrumented propeller model designed
and tested previously in the EU-funded Advanced Propulsion Integration Aerodynamics
and Noise (APIAN) project. Since this propeller was now operated in nonuniform flow, the
setup was denoted APIAN-INF. First, Section 5.1 gives an overview of the test setup, after
which the wind-tunnel facility is introduced in Section 5.2. Then, the models are discussed
in Section 5.3, followed by a description of the measurement techniques in Section 5.4. Fi-
nally, Section 5.5 provides an overview of the test conditions considered in the experiment.

5.1. OVERVIEW OF THE TEST SETUP
The APIAN-INF setup was used to study the aerodynamic and aeroacoustic performance
of a semi-installed, single-rotating pusher propeller. For this purpose, measurements
were taken of the propeller performance and noise emissions for configurations with
and without an upstream pylon installed. The setup was also used to study the interac-
tion effects caused by the installation of swirl-recovery vanes downstream of an isolated
propeller. Since the key interaction effect for pusher propellers, the wake encounter, is
directly related to the propeller blade loading (Section 2.2.2), a model was required with
instrumented blades. The APIAN propeller [135–137] was selected since it was available,
featured the required instrumentation, and represents a high-speed propeller design
typical of the advanced propellers proposed for application in pylon-mounted pusher
configurations.

The measurements were taken in the German–Dutch Wind Tunnels’ (DNW) Large
Low-Speed Facility, a large-scale industrial wind tunnel with semi-anechoic test section.
In this way, also the acoustic performance of the propeller could be assessed. Figure
5.1 shows an overview of the test setup, while a definition of the Cartesian and polar

The contents of this chapter have been adapted from Refs. [132], [133], and [134].

71



5

5. PUSHER-PROPELLER SETUP

coordinate systems is provided in Fig. 5.2. The origin of both coordinate systems is
defined at the intersection of the propeller axis and the pitch change axis of the blades.

Propeller

Pylon

8 × 6 m outlet

PIV laser

PIV camera 1/2

Model support

Pylon support sting In-flow
microphones

In-flow-microphone
support

Figure 5.1: Overview of the APIAN-INF setup installed in the German–Dutch Wind Tunnel’s
Large Low-Speed Facility.
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Figure 5.2: Definition of reference systems used for the APIAN-INF setup.

5.2. WIND-TUNNEL FACILITY
The experiments were performed at the Large Low-Speed Facility of the German–Dutch
wind tunnels (DNW–LLF). This closed-circuit low-speed wind tunnel was operated in
the open-jet configuration, with an 8× 6 m outlet. At the selected freestream velocity
(60 m/s), the turbulence intensity is 0.24% in the longitudinal direction and 0.13% in the
lateral direction. The test hall is treated with acoustic liners to achieve a semi-anechoic
environment.
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5.3. MODELS

5.3.1. PROPELLER
The APIAN propeller has a diameter of 0.508 m and six highly swept blades. The pro-
peller was driven by a pneumatic motor, housed inside a nacelle with a radius of 0.35R.
Toward the propeller, this radius gradually decreased to the hub radius of 0.24R. The
blade pitch angle at r /R = 0.75 was set to 40.4 deg with respect to the local chord line.
The pitch angle is defined here such that the blade section is aligned with the rotational
direction for a pitch angle of 0 deg. Photographs of the propeller model are shown in Fig.
5.3. The radial distributions of the chord length and blade pitch angle are provided in
Fig. 5.4. The propeller was mounted on a fixed support (Fig. 5.1), which could be rotated
around its vertical axis to perform tests at nonzero incidence angle. The system allowed
operation at angles of attack of +6 deg and −6 deg, defined positive as in Fig. 5.2a.

a) Front view of propeller installed downstream of
pylon

b) Surface-pressure transducers
integrated into blade

Figure 5.3: Photographs of the APIAN propeller.
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Figure 5.4: Radial distributions of the chord and pitch angle of the APIAN propeller blades.
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5.3.2. PYLON
The pylon featured a straight, untapered planform of 0.489 m chord and 0.9 m span and a
modified NACA 0010 profile. This simple design was selected to introduce the typical in-
teraction effects occurring for a propeller–pylon combination, without attempting to ad-
dress all design considerations relevant for an actual pylon applied on a high-speed air-
liner. This also simplified the integration of the trailing-edge blowing system discussed
below. The fixed spacing between the pylon trailing edge and propeller leading edge
was approximately 30% of the propeller diameter. A photograph of the pylon–propeller
combination is provided in Fig. 5.5, while a technical drawing is provided in Fig. 5.6.
The pylon was mounted on a fixed sting, which was connected to the support structure
holding the propeller (Fig. 5.1). For the measurements taken with the isolated propeller,
the pylon support sting was not removed.

Figure 5.5: Photograph of the pylon model installed upstream of the propeller.
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Figure 5.6: Technical drawing of the pylon–propeller combination, also displaying the internal geometry of
the trailing-edge blowing system.
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A pylon-blowing system was installed in the aft part of the pylon, with the outlet in-
tegrated into the trailing edge. This required an increase in trailing-edge thickness of the
pylon to 0.8% of the chord, blended into the profile geometry from 60% of the chord on-
ward. The blowing system was designed to provide uniform outflow along the spanwise
part of the pylon positioned upstream of the propeller. The final design of the blowing
system is indicated in Fig. 5.6 by the dashed lines. Figure 5.7 depicts the typical outflow
profile of the blowing system for the range of blowing rates considered. The outflow ve-
locities were measured in static conditions (V∞ = 0 m/s), using a total-pressure probe
that was traversed along the spanwise direction of the pylon. The spacing between the
probe and the pylon trailing edge∆Xpyl equaled 10% of the propeller diameter. The mea-
sured velocities were nondimensionalized with the maximum outflow velocity acquired
along the span of the blowing system. A uniform velocity distribution was achieved up-
stream of the outboard part of the propeller blades (0.6 ≤ Z /R ≤ 1.0), with variations in
outflow velocity of less than 5%. The four dips in the velocity away from the pylon tip are
due to the struts in the outflow channel, positioned at the vertical locations indicated by
the dashed lines in Fig. 5.7.
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Figure 5.7: Pylon-blowing system outflow-velocity profile; ∆Xpyl/D = 0.1, V∞ = 0 m/s.

5.3.3. SWIRL-RECOVERY VANES
The APIAN-INF setup was also used to test the effect of swirl-recovery vanes on the aero-
dynamic and aeroacoustic performance of the configuration without pylon. A technical
drawing of the propeller–SRV configuration is provided in Fig. 5.8.

The SRVs were designed to achieve a positive efficiency increase for advance ratios
up to J = 1.75. Although not optimized for maximum aerodynamic or aeroacoustic per-
formance, the used SRV geometry introduced all flow phenomena relevant to a typical
propeller–SRV configuration, and therefore is considered adequate for the purpose of
this thesis. The radial distributions of the chord and pitch of the SRV satisfying the de-
sign objective were defined using an in-house developed, low-fidelity design method
based on the propeller analysis and design program XROTOR [138]. In this process, the
number of SRVs, the SRV radius, and the propeller–SRV spacing were fixed. A total of
five vanes was chosen to limit interaction noise by reducing the number of both total
and concurrent interactions compared to an axisymmetric propeller–SRV configuration
with six SRVs. The SRVs were distributed around the nacelle at circumferential angles
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Figure 5.8: Technical drawing of the propeller–SRV configuration.

of φSRV = 36,108,180,252,324 deg. To minimize additional noise due to the interaction
between the tip vortices of the propeller blades and the SRVs, the radius of the SRVs was
set to 90% of the local contracted slipstream radius, resulting in an SRV radius of 87% of
that of the propeller. The spacing between the propeller and the SRVs was equal to ap-
proximately 60% of the propeller radius. The selected distributions of the SRV chord and
pitch angle are shown in Fig. 5.9. The pitch angle βSRV is defined here in the same way
as used for the propeller blade. A symmetrical airfoil was selected for the entire vane;
manufacturing constraints on the minimum thickness led to the selection of an NACA
0009 profile. Later studies [32, 82], performed after the work with the current setup had
been completed, showed that cambered airfoils typically provide better performance.
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Figure 5.9: Radial distributions of the chord and pitch angle of the swirl-recovery vanes.
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5.4. MEASUREMENT TECHNIQUES

5.4.1. QUANTITATIVE FLOWFIELD EVALUATIONS
Stereoscopic PIV was used to measure the flowfields in the pylon wake and propeller slip-
stream. This technique allowed for a characterization of the phase-locked velocity fields
around the models in relatively large field of views with a limited measurement time.
Furthermore, it enabled measurements of the pylon-wake characteristics with the pro-
peller running, which would not have been possible with an intrusive technique such as
a wake rake. To quantify the nonuniformity of the pylon wake, horizontal measurement
planes were positioned between the pylon trailing edge and the propeller. The effects of
the SRVs on the flowfield in the propeller slipstream were quantified using longitudinally
adjacent planes downstream of the propeller, located slightly below the propeller axis at
a vertical position of Z /R = 0.03 due to a small misalignment of the setup. The data ex-
tracted from the separate planes were combined in postprocessing to obtain a single rep-
resentation of the propeller-slipstream flow. An illustration of the measurement-plane
locations for the pylon-wake and propeller-slipstream measurements is provided in Fig.
5.10. Table 5.1 provides an overview of the most relevant measurement and processing
characteristics. For both setups, the image pairs were acquired phase-locked with the
blade position to obtain flowfield information for eleven different blade orientations.
The time-averaged flowfields were approximated by averaging the results obtained at
the individual phase angles. Postprocessing was performed using an iterative multi-grid
method, and the uncertainty of the PIV data was estimated from the correlation statis-
tics, following the method by Wieneke [119].
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Z / R = 0.79
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a) Pylon-wake flowfield
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b) Propeller-slipstream flowfield

Figure 5.10: Illustration of the position of the PIV measurement planes.

5.4.2. PROPELLER LOADING

INTEGRATED LOADING

The propeller was connected to a three-spoke, six-component rotating shaft balance
(RSB), shown in Fig. 5.11. The RSB provided measurements of the propeller thrust and
torque during operation. These data were used to assess the effects of the wake en-
counter and tip-vortex recovery (Section 2.2.2) on the integrated propeller loading. Only
the out-of-plane components (thrust and torque) were extracted from the RSB data, av-
eraged over the measurement duration of 30 s per data point. For each configuration,
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Table 5.1: Measurement and postprocessing characteristics of the stereoscopic PIV setups.

Pylon Wake Propeller slipstream
Laser Nd:YAG 200 mJ
Cameras 2× 1.3 Mpixel CCD sensor
Objective 200mm f /2.0 + 2× teleconverter
Field-of-view size 152×212 mm 572×212 mm

Field-of-view positions (Z /R)
0.34,0.49,0.69

0.03
0.79,0.89,0.99

Pulse separation 15 µs 15 µs
Max. particle displacement 5−7 pixel 5−7 pixel
Image pairs 330 550
Final interrogation window size 24×24 pixel 24×24 pixel
Window overlap factor 50% 50%
Vector spacing 2.0 mm 2.0 mm
Uncertainty instantaneous velocity 0.036V∞ 0.025V∞

the final results were obtained by averaging over 24−39 repeated runs at constant op-
erating conditions. The thrust data were corrected for the pressure acting on the back
of the propeller hub by measuring the static pressure in the small gap between the hub
and the front of the motor. The resulting force was subtracted from the raw RSB data
to obtain the corrected propeller thrust. The design and operation of RSBs for propeller
testing has recently been discussed in detail in Refs. [33, 139].

Figure 5.11: Rotating shaft balance integrated into the APIAN propeller model.

LOCAL BLADE LOADING

Miniature surface-pressure transducers were integrated into the propeller blades (Fig.
5.3b) to obtain phase-accurate pressure distributions. These were measured to quantify
the unsteady blade loading caused by the wake encounter. At a radial station of r /R ≈
0.65, seven sensors were installed on both the suction side and the pressure side of a
blade, providing data at chordwise locations of x/c = 0.05,0.15,0.30,0.45,0.60,0.70,0.90
on the suction side and x/c = 0.05,0.15,0.30,0.45,0.60,0.75,0.90 on the pressure side.
The transducers measured pressure fluctuations in the frequency range of 0− 10 kHz.
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The measurements on the pressure and suction sides were taken on opposite blades. To
obtain the correct phase-accurate pressure distributions, a constant 180-degree phase-
offset was applied to the results from the pressure side. The measurement time per data
point was 30 s, corresponding to approximately 2,000 − 3,500 propeller revolutions, de-
pending on the rotational speed of the propeller. Calibration drifts were limited by cor-
recting the output of each sensor with the barometric pressure measured during the zero
run performed before and after each series of data points. Furthermore, the measure-
ment data were averaged over 6−17 repeated runs per operating condition.

The raw measurement data were postprocessed by phase-locking with a one-per-
revolution trigger signal. Subsequently, the measured pressure jump between the pres-
sure and suction sides of the blade was integrated using the trapezoidal rule to obtain
the local normal force (thus neglecting the contribution of the viscous forces). To ac-
count for the steep pressure gradient near the airfoil’s leading edge, the pressure jump
measured at the pressure transducer closest to the blade leading edge (x/c = 0.05) was
prescribed up to the leading edge. Moreover, at the trailing edge a pressure difference
of zero was prescribed. The validity of this approach was assessed by comparison with
downsampled CFD data for the isolated propeller (Ref. [134]), which showed that the
associated integration error was less than 1%. In addition to the time-accurate inves-
tigations, spectral analysis was performed on the raw data using Welch’s method [140]
with 94 blocks, no overlap, and Hann windows, resulting in frequency spectra with a
frequency resolution of approximately 3 Hz.

5.4.3. PROPELLER NOISE EMISSIONS
The acoustic performance of the APIAN-INF setup was measured using microphones
integrated into a wing-shaped structure [18] that was positioned in the flow at a sideline
distance of 2.8 m from the propeller center. In-flow microphones were used to maximize
signal amplitude and to avoid adverse effects due to refraction and scattering of sound
when passing through the shear layer of the open-jet wind tunnel. A technical drawing
of the aeroacoustic measurement setup is depicted in Fig. 5.12, while Fig. 5.13 provides
a photograph of the microphone wing.

The microphone wing was equipped with 1/4-in pressure-field microphones, featur-
ing a flat response (±1 dB) in the frequency range of 4 − 25,000 Hz, an electronic noise
level below 40 dB, and a maximum input level of 168 dB. The microphones were in-
stalled recessed in the microphone wing, in individual cavities covered by wire meshes.
By traversing the microphone wing through the test hall in the axial direction, a geomet-
ric axial directivity range was covered of 30 ≤ θ ≤ 150 deg. The corresponding circum-
ferential directivity angles equaled 57 ≤ φ ≤ 111 deg. The definition of both directivity
angles is included in Fig. 5.12. The data presented in this thesis were obtained using the
microphone positioned at φ = 90 deg, at a distance of rmic = 2.8 m from the propeller
center at θ = 90 deg. All microphone acquisitions were performed for 30 s, at a sampling
rate of 51.2 kHz. Spectral analysis and phase averaging of the data were performed using
the same approach as taken for the pressure-transducer data (Section 5.4.2). To extract
the purely harmonic content from the microphone data, bandpass filters were applied
around the frequencies corresponding to the first ten multiples of the blade-passage fre-
quency. In this way, the acoustic signatures were obtained associated with each of the
individual propeller tones.
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Figure 5.12: Technical drawing of the aeroacoustic measurement setup.

Figure 5.13: Microphone wing.

5.5. TEST CONDITIONS
All measurements with the APIAN-INF setup were taken at a freestream velocity of V∞ =
60 m/s, which is the default setting for acoustic measurements at DNW–LLF. Three dif-
ferent propeller operating conditions were tested, corresponding to high, medium, and
low thrust conditions. The associated advance ratios were J = 1.05, 1.40, and 1.75, lead-
ing to measured propeller thrust coefficients of CT = 0.51, 0.36, and 0.18, respectively.
The corresponding Reynolds number based on the diameter was ReD = 2,000,000; the
Reynolds number at a blade section of the propeller at r /R ≈ 0.65 was in the range of
600,000−900,000. At the high thrust condition (J = 1.05), the propeller operated right at
the onset of nonlinearities in the thrust response. Note that the thrust coefficients are
significantly higher than for the tractor-propeller setups discussed in Chapters 3 and 4.
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Whereas that propeller represented a low-speed design, typically operated at low disk
loadings, the APIAN model is more typical of a high-speed propeller. Therefore, higher
disk loadings were considered.

Symmetric inflow conditions were set for the largest part of the test program, while
selected cases were also evaluated at angles of attack of α=±6 deg. The measurements
at nonzero incidence angle were performed mostly at the low thrust setting, which was
considered representative of an approach condition. The positive and negative inci-
dence angles correspond to a positive angle of attack with inboard-up and outboard-up
propeller rotation, respectively. Both cases are equally relevant for the pylon-mounted
configuration, since an aircraft with pylon-mounted propellers would most likely feature
a co-rotating propeller layout.

The pylon blowing system was operated at four different blowing rates to measure
the development of the unsteady propeller blade loads and associated propeller noise
levels with the injected mass flow. A zero-blowing configuration was used as the refer-
ence case to which the blown results could be compared. For the configurations with
blowing enabled, an optimal rate was found that resulted in the largest reduction in pro-
peller noise emissions. Additionally, blowing rates equal to 85% and 115% of this opti-
mum were used. A blowing coefficient cṁ was defined as the ratio between the blown
mass flow and an equivalent freestream mass flow referenced to the outflow area of the
blowing slit Aout:

cṁ = ṁ

ρ∞V∞Aout
(5.1)

At the selected freestream velocity of 60 m/s, the optimal blowing rate corresponded to
cṁ = 1.6.
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6
WINGTIP-VORTEX ATTENUATION

AND SWIRL RECOVERY

The key aerodynamic advantage of wingtip-mounted tractor propellers is a reduction of
the wing induced drag. This chapter discusses the results of an experiment performed
to investigate the working principle of the wingtip-vortex-attenuation and swirl-recovery
mechanisms that are responsible for this aerodynamic advantage. The chapter focuses on
the tractor-propeller configuration; swirl-recovery effects for pusher propellers are treated
briefly in Chapter 8. The results provide the first thorough assessment of wingtip-vortex at-
tenuation and swirl recovery for wingtip-mounted tractor propellers, despite the fact that
the existence of these mechanisms has already been known for over 50 years. Following a
characterization of the isolated propeller performance in Section 6.1, Section 6.2 presents
a detailed aerodynamic analysis of the interaction effects, including measurements of in-
tegrated and sectional loading, and comprehensive flowfield evaluations. Subsequently,
Section 6.3 compares the aerodynamic performance of the wingtip-mounted propeller
configuration to that of a conventional configuration, with the propeller mounted on the
inboard part of the wing. Finally, the key findings are summarized in Section 6.4. All data
were acquired with the PROWIM-T setup treated in Chapter 3.

6.1. ISOLATED PROPELLER PERFORMANCE
The performance of the isolated propeller used in the PROWIM-T and PROWIM-US
setups was determined as baseline for the wing-installed measurements discussed in
the subsequent sections. The data were acquired with the sting-mounted configura-
tion described in Section 3.3.1. Figure 6.1 provides the performance data and the ra-
dial distribution of the total-pressure rise downstream of the propeller as measured at
α = −0.2 deg and ReD = 620,000. The performance data (Fig. 6.1a) feature markers at
each individual data point recorded during the tests, together with curve fits through the
thrust and power data. Third-order polynomials were used, since these resulted in the

The contents of this chapter have been adapted from Ref. [115], which provides all experimental data.
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best fit through the data without introducing artifacts typical of higher-order fits. The fit
through the propeller efficiency data was obtained by combining the polynomials com-
puted for the thrust and power coefficients. The total-pressure data (Fig. 6.1b) were
acquired at φ= 180 deg.
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Figure 6.1: Isolated propeller performance of the propeller used in the PROWIM-T and PROWIM-US setups;
α=−0.2 deg and ReD = 620,000.

Figure 6.1a displays the expected quasi-linear behavior of the thrust and power coef-
ficients at low propeller loading conditions. The maximum propeller efficiency is limited
to about 0.75, occurring at J = 0.77. The total-pressure data depicted in Fig. 6.1b demon-
strate that this relatively low efficiency can be attributed to a total-pressure loss on the
inboard part of the blades. Previous numerical simulations [141] showed that this total-
pressure loss was due to flow separation on the locally inefficient blade cross sections.

To extend the range of attainable thrust coefficients, measurements with the sting-
mounted propeller were also taken at a lower Reynolds number of ReD = 470,000. A
third-order curve was again fit through the measurement data, as plotted in Fig. 6.2
together with the result obtained at ReD = 620,000. The lowest advance ratio attainable
at ReD = 470,000 was equal to J = 0.5, at which a maximum thrust coefficient of CT =
0.168 was achieved. At a given advance ratio, the reduction in Reynolds number of 25%
led to a mean decrease in thrust coefficient of about 0.006 for the case at ReD = 470,000
compared to the result at ReD = 620,000.

When operating the propeller under asymmetric inflow conditions, the blade loading
changes due to nonuniform inflow. For a positive angle of attack, the downgoing blade
experiences an increase in loading, while the upgoing blade experiences a decrease in
loading [36]. Figure 6.3 displays the effect of angle of attack on the time-averaged thrust
coefficient, defined positive in the negative drag direction. At J = 1.0, the lowest thrust
setting considered, the thrust coefficient increased by 0.027 when going from α= 0 deg
to α = 20 deg. The sensitivity of the propeller thrust coefficient to the angle of attack
decreases with increasing thrust setting because of the associated increase in rotational
velocity of the blades. This decreases the angle-of-attack perturbation experienced by
the blade sections at a given propeller angle of attack. At J = 0.7, the thrust was insen-
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Figure 6.2: Effect of Reynolds number on the propeller thrust at α=−0.2 deg.

sitive to the angle of attack over the entire range of inflow angles considered. The data
shown in Fig. 6.3 are used in Section 6.3.3 to isolate the forces on the wing from the
overall system forces (which include the propeller loading).
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Figure 6.3: Effect of angle of attack on the propeller thrust at ReD = 620,000.

6.2. AERODYNAMIC ANALYSIS OF INTERACTION EFFECTS
The mechanisms behind the attenuation of the wingtip vortex and the swirl recovery
characteristic of the wingtip-mounted propeller (Section 2.2.1) were studied using Model
I of the PROWIM-T setup (symmetric wing model with flap, see Figs. 3.6 through 3.8) at
ReD = 640,000. As discussed in Section 3.3.2, the inboard-up and outboard-up rotation
cases were simulated with the same propeller model by deflecting the flap in the positive
and negative directions, and inverting the data for the case with the negative flap deflec-
tion (Eq. 3.1). The data labeled as inboard-up and outboard-up with the propeller off
represent the measurements taken with the positive and negative flap deflections with-
out propeller installed. Considering the symmetry of the setup without propeller, the
corresponding results should be the same.
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6.2.1. WINGTIP-VORTEX ATTENUATION AND SWIRL RECOVERY
In the wingtip-mounted configuration, the propeller slipstream interacts with the flow
around the wingtip. This strongly affects the lift and drag of the wing, as will be shown in
Section 6.2.3. To assess the modification of the swirl due to the interaction between the
propeller slipstream and the wingtip vortex, Fig. 6.4 provides contours of the swirl angle
(Eq. 2.5) measured with PIV for the inboard-up and outboard-up rotation cases. The
measurements were taken at α=−0.2 deg for the inboard-up case and α=+0.2 deg for
the outboard-up case (due to a small misalignment), meaning that the lift coefficients
differed between the considered propeller operating conditions. The absolute value of
the swirl angle is shown in Fig. 6.4 to highlight the differences in magnitude of the swirl
for both rotation directions. To compare the inboard-up and outboard-up rotation cases
quantitatively, the mean swirl angle was computed over a circular domain enclosing the
propeller slipstream:

1

π(1.1R)2

2π∫
0

1.1R∫
0

θr dr dφ, (6.1)

with the outer integration limit set to 1.1R to account for the slipstream distortion at the
higher thrust settings. The corresponding results are listed in Table 6.1; note again that
the lift coefficient varied between the different operating conditions considered.
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Figure 6.4: Absolute swirl angle at 1.5c downstream of the wing trailing edge at α=−0.2 deg (inboard-up) and
α=+0.2 deg (outboard-up), |δf| = 10 deg; rear view.

Figure 6.4 shows that, despite the higher lift coefficients, the remaining swirl in the
wake of the models is considerably lower with inboard-up rotation than with outboard-
up rotation, at all thrust settings. For the inboard-up rotation case, the swirl in the pro-
peller slipstream partially cancels the swirl associated with the wingtip vortex, while with
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Table 6.1: Mean swirl angle in the wake of the propeller–wing model at α=−0.2 deg (inboard-up) and
α=+0.2 deg (outboard-up).

Operating point CL
1

π(1.1R)2

2π∫
0

1.1R∫
0
θr dr dφ

J CT Inboard-up Outboard-up Inboard-up Outboard-up
Prop-off - 0.16 0.18 −2.9 deg −3.0 deg

1.0 0.014 0.16 0.18 −2.0 deg −3.5 deg
0.9 0.053 0.18 0.17 −1.0 deg −4.5 deg
0.8 0.095 0.21 0.16 −0.1 deg −5.4 deg
0.7 0.123 0.25 0.14 +0.7 deg −6.3 deg

outboard-up rotation these two contributions are in the same direction and hence the
total swirl is amplified. This is substantiated by Table 6.1, which highlights that with
inboard-up rotation the negative swirl of the wingtip vortex is increasingly compensated
for by the positive swirl contribution by the propeller when increasing the thrust setting.
With outboard-up rotation, on the other hand, the swirl angle becomes increasingly neg-
ative with increasing thrust setting. Apart from the modification of the mean swirl, Fig.
6.4 also shows that the interaction between the propeller slipstream and the wingtip vor-
tex changes the swirl in the vicinity of the wingtip-vortex core (near Yp/R = Zp/R = 0).
With inboard-up rotation, the local maximum in swirl is decreased, confirming the ex-
istence of the wingtip-vortex-attenuation mechanism. For the case with outboard-up
rotation, a strong maximum in swirl occurred near the flap edge due to the combined
effects of the flap-edge vortex and the propeller-blades’ tip vortices [142]. For a model
without a flap, this local maximum in swirl would not occur; instead, the swirl would be
more spread out over the entire disk.

6.2.2. SYSTEM PERFORMANCE
The difference in swirl downstream of the model with inboard-up and outboard-up rota-
tion (Fig. 6.4, Table 6.1) can be expected to cause a strong offset in system performance
between these two cases. This is confirmed by Fig. 6.5, which displays the lift and drag
of the entire system, including propeller forces, with inboard-up and outboard-up ro-
tation. The fact that the propeller-off results for the inboard-up and outboard-up cases
(measured with δf = +10 deg and δf = −10 deg) overlap, confirms the symmetry of the
setup between the positive and negative flap settings, except at the highest positive an-
gles of attack at which the stall behavior was slightly different for the two cases. This is
very likely due to an asymmetry in the model.

In terms of lift (Fig. 6.5a), the interaction between the propeller slipstream and the
wing increases the system performance for the case with inboard-up rotation. With
outboard-up propeller rotation, on the other hand, the lift decreases compared to the
propeller-off case for angles of attack below approximately 4 deg, and the lift is lower
than with inboard-up rotation over the entire angle-of-attack range, including the max-
imum lift coefficient. The propeller–wing interaction also affects the system drag (Fig.
6.5b). Again, a clear benefit can be seen for the case with inboard-up rotation. This
benefit increases with increasing lift coefficient and thrust setting.
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Figure 6.5: System lift and drag polars (including propeller forces) with inboard-up and
outboard-up rotation; |δf| = 10 deg.

6.2.3. WING PERFORMANCE
The aerodynamic advantages observed in Fig. 6.5 for the case with inboard-up rotation
are a direct result of the interaction between the propeller slipstream and the wing. To
identify the sources of the dominant interaction mechanisms, the local pressure data on
the wing were analyzed. In this way, the impact of the interaction effects on the wing
performance and propeller performance could be separated. The pressure data were
integrated to obtain the section lift and pressure-drag coefficients at 8 spanwise stations.
Figure 6.6 presents the resulting lift distributions for the inboard-up and outboard-up
rotation cases for all thrust settings considered, atα= 0 deg. The wing loading decreased
toward the root of the wing (Y /ss = 0) because the flap did not cover the entire span of
the wing. This will have modified the lift distribution somewhat when compared to a
cambered wing without flap deflection.
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Figure 6.6 confirms that the interaction with the propeller slipstream increases the
wing lift with inboard-up rotation and decreases the wing lift with outboard-up rotation.
This is due to the difference in upwash experienced by the wing for the two cases, as
sketched in Fig. 2.8. With inboard-up rotation, the wing experiences upwash and higher
dynamic pressure on the spanwise part washed by the slipstream, thereby enhancing
the lift compared to the propeller-off case. For the outboard-up rotation case, the direc-
tion of the propeller swirl is reversed, causing a downwash contribution to the local wing
inflow and a resulting reduction in lift compared to the propeller-off case. The interac-
tion effects are amplified with increasing propeller thrust setting due to the associated
increase in swirl and dynamic-pressure rise induced by the propeller.

With the propeller on, a steep lift gradient occurs around the slipstream boundary
(Y /ss ≈ 0.6). This lift gradient causes vorticity to be shed, which modifies the inflow
angle on the spanwise part of the wing not immersed in the propeller slipstream. As
illustrated before in Fig. 2.9a, an upwash occurs with inboard-up rotation and a down-
wash with outboard-up rotation. Consequently, with inboard-up rotation the local lift
increases compared to the propeller-off result also outside of the slipstream wash (Fig.
6.6a). The spanwise lift gradient becomes steeper with increasing thrust setting due to
the associated increase in swirl and dynamic pressure in the slipstream region. For the
case with outboard-up rotation, the situation is reversed. However, the spanwise lift gra-
dient is smaller than for the inboard-up rotation case due to the opposing effects of the
downwash and increased dynamic pressure in the slipstream (Fig. 2.8b). Therefore, the
modification of the wing lift on the spanwise part of the wing away from the slipstream
is smaller with outboard-up rotation than with inboard-up rotation.

The shedding of vorticity associated with the spanwise lift gradient also induces ve-
locities in the spanwise direction (Fig. 2.9b and 2.9c), which distort the propeller slip-
stream during and after its interaction with the wing [36, 45, 143–145]. The resulting
spanwise shearing of the slipstream is visualized in Fig. 6.7 by contours of the total-
pressure coefficient measured downstream of the models, with inboard-up rotation (α=
−0.2 deg) and outboard-up rotation (α=+0.2 deg). For reference, the propeller-off data
are also included; these display the expected regions of total-pressure loss in the wing
wake, wingtip vortex, and nacelle wake. Furthermore, the flap-edge vortices can be rec-
ognized, which will have led to a reduction in strength of the wingtip vortex.

The propeller-on data show that the slipstream moves away from the propeller axis
on the advancing blade side, and toward the propeller axis on the retreating blade side.
This occurs for both the cases with inboard-up and outboard-up rotation, matching the
directions of the spanwise flow depicted in Fig. 2.9b and 2.9c. The slipstream distortion
becomes stronger with increasing thrust setting due to the associated increase of the
spanwise lift gradient (Fig. 6.6). The spanwise shearing of the slipstream modifies the
local wing performance near the slipstream edge. This especially affects the unsteady
lift and drag response, as discussed in Chapter 7 of this thesis. However, also the time-
averaged wing loading is altered. This can be seen in Fig. 6.6b by the sudden increase in
lift at Y /ss = 0.555 for the case with outboard-up rotation at the highest thrust coefficient
(J = 0.7, CT = 0.123). The strong spanwise displacement of the slipstream at the high
thrust setting (Fig. 6.7j) made that at this spanwise station part of the wing’s suction side
was washed by the slipstream, while the pressure side was not.
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Figure 6.7: Effect of propeller rotation direction and thrust setting on the slipstream distortion at
α=−0.2 deg (inboard-up) and α=+0.2 deg (outboard-up), |δf| = 10 deg; rear view.

The rise in lift due to the slipstream interaction with inboard-up rotation (Fig. 6.6a) is
mostly due to an increase in loading on the front part of the profile, which becomes more
pronounced with increasing thrust setting. This is shown by the pressure distributions
provided in Fig. 6.8, in which the results measured at J = 1.0 and J = 0.8 are omitted
for clarity. The results are given for two spanwise stations: one inside the slipstream
(Y /ss = 0.666) and one outside the slipstream (Y /ss = 0.445). Markers are displayed at
the individual sampling locations, while the lines indicate the inter- and extrapolated
results used as input for the integration procedure applied to compute the sectional lift
and pressure drag on the wing. The local jump in the pressure distribution at X /c = 0.75
is due to the deflected flap. The effects for the outboard-up rotation case (not shown)
were similar but opposite, with a decrease in front loading due to the downwash induced
by the propeller.
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Figure 6.8: Effect of propeller thrust setting on the wing pressure distribution with inboard-up rotation
at α= 0 deg; |δf| = 10 deg.
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To assess the impact of the propeller on the wing lift under asymmetric inflow condi-
tions, the pressure integration was performed for all considered angles of attack. Fig-
ure 6.9 presents the resulting lift polars at the same spanwise stations as considered
in Fig. 6.8. Similarly as for the integral forces depicted in Fig. 6.5, both the inboard-
up and outboard-up rotation cases are shown. Only the highest thrust setting J = 0.7
(CT = 0.123) is considered here for clarity, together with the propeller-off results. The
effects for the intermediate thrust settings were similar, albeit with smaller differences
in amplitude compared to the propeller-off case.
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Figure 6.9: Effect of propeller thrust setting on the wing’s section lift polars; |δf| = 10 deg.

The section lift polars plotted in Fig. 6.9 substantiate the mechanism sketched in
Figs. 2.8 and 2.9. The upwash and increased dynamic pressure in the slipstream experi-
enced with inboard-up rotation increase the sectional lift compared to the propeller-off
case over the entire angle-of-attack range. The same effect, although with smaller mag-
nitude, occurs outside of the slipstream due to the induced velocities associated with the
spanwise lift gradient on the wing and the decrease in downwash due to wingtip-vortex
attenuation. For the outboard-up rotation case, on the other hand, the propeller swirl
is experienced as a downwash, resulting in a loss of lift which is only partially compen-
sated for by the increased dynamic pressure in the slipstream. The effective downwash
induced by the propeller leads to an increase of the stall angle with outboard-up rotation,
while with inboard-up rotation the stall angle decreases compared to the propeller-off
case. The behavior of the system lift with propeller on, shown before in Fig. 6.5, falls
between the local lift polars measured inside and outside the slipstream. This confirms
that the measured change in system lift was due to the local changes to the wing pressure
distribution, which behaved according to the sketches provided in Figs. 2.8 and 2.9.

As shown in Fig. 6.5b, the modification of the up- and downwash experienced by
the wing with the propeller on results in clear shifts in the system drag. To relate this
to a modification of the wing drag, the pressure data were integrated to obtain polars of
the pressure drag as a function of angle of attack, as shown in Fig. 6.10. Note that these
polars do not include the viscous drag term, and therefore only represent part of the
total drag acting on the wing. Furthermore, the integration of the pressure in the drag
direction features a relatively high uncertainty, as illustrated by the difference between
the propeller-off results obtained from the configurations with opposite flap deflections.
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Figure 6.10: Effect of propeller thrust setting on the wing’s section pressure-drag polars; |δf| = 10 deg.

The pressure-drag polars presented in Fig. 6.10 show that at positive lift coefficients,
the wing performance improves with inboard-up rotation and worsens with outboard-
up rotation compared to the case without propeller. Inside the slipstream, the propeller-
induced swirl modifies the wing induced drag by tilting the lift vector. With inboard-up
rotation, the propeller swirl is experienced as upwash. Therefore, at positive lift coef-
ficients the lift vector is tilted forward and the induced drag decreases: swirl recovery
[36]. Furthermore, the form drag decreases due to the lower angle of attack required
to reach a given lift coefficient. With outboard-up rotation, the opposite situation oc-
curs, and the pressure drag increases compared to the propeller-off case. The modifi-
cation of the wingtip vortex due to the interaction with the propeller slipstream should
enhance the swirl-recovery effect. The decrease in downwash occurring with inboard-
up rotation reduces the induced drag, while with outboard-up rotation the downwash
is amplified, thus the induced drag increased. At negative lift coefficients, for which the
wingtip vortex rotates in the opposite direction, both the swirl-recovery and wingtip-
vortex-attenuation mechanisms are reversed, and the case with outboard-up rotation
displays best performance. The trends in the pressure-drag polars shown in Fig. 6.10
match with the behavior of the system drag presented in Fig. 6.5b. This confirms that
the reduction in system drag with inboard-up rotation is directly related to the modifi-
cation of the swirl by the interaction of the propeller slipstream with the wing.

Apart from the effects due to swirl, the wing drag is also affected by the modified dy-
namic pressure in the spanwise part of the wing washed by the propeller slipstream. The
local increase in velocity causes an increase in pressure drag and viscous drag compared
to the propeller-off case, with both propeller rotation directions. This is reflected in Fig.
6.10a by the lower pressure drag for the propeller-off case at small values of the wing lift
coefficient (−0.5 < cl < 0.4).

6.2.4. PROPELLER PERFORMANCE
So far, only the downstream interaction of the propeller slipstream with the wing has
been discussed. The upstream effect of the wing on the propeller was quantified by
total-pressure measurements taken at 0.15R downstream of the propeller plane for the
wing-installed configuration. Figure 6.11 presents contours of the total-pressure rise due
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to the propeller for the configurations with inboard-up and outboard-up rotation at an
advance ratio of J = 0.8 (CT = 0.095). The measurements were taken at α=−0.2 deg for
the inboard-up case and α=+0.2 deg for the outboard-up case due to a small misalign-
ment of the model. Combined with the change in slipstream interaction effects for the
different rotation directions, this means that the wing lift coefficients were different for
the inboard-up (CL = 0.21) and outboard-up (CL = 0.16) cases.
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Figure 6.11: Total-pressure rise at 0.15R downstream of the propeller at J = 0.8 (CT = 0.095), α=−0.2 deg
(inboard-up) and α=+0.2 deg (outboard-up), |δf| = 10 deg; rear view.

As discussed in Section 2.2.1, the upstream perturbation of the propeller inflow by
the wing is due to a combination of blockage and upwash. Independent of the propeller
rotation direction, the blockage effect reduces the axial velocity at the propeller plane,
thereby increasing the local blade loading. The upwash affects the effective tangential
velocity experienced by the blades when passing by the wing: the tangential velocity de-
creases with inboard-up rotation and increases with outboard-up rotation. Therefore,
the two effects partially cancel for the case with inboard-up rotation. Consequently, for
this case the resulting upstream effect of the wing on the propeller loading is smaller than
with outboard-up rotation, and peaks somewhat further away from the wing. This can
be seen in Fig. 6.11 by the smaller increase in loading near the wing for the inboard-up
rotation case. For both cases, however, the upstream effect of the wing on the blade load-
ing was limited. Compared to the total-pressure rise measured for the isolated propeller
(Fig. 6.1b), the circumferentially integrated loading increased by 1.7% with inboard-up
rotation and 2.3% with outboard-up rotation. The maximum circumferential variations
in blade loading were also small, as can be seen in Fig. 6.12a for both rotation directions.
The data are provided for a radial station of r /R = 0.76, at which the blade loading was
at a maximum, while the circumferential blade position φ is defined as in Figs. 3.8 and
6.11. With both rotation directions, the maximum perturbation of the blade loading was
about 2% of the time-averaged result.

For the inboard-up rotation case, the sensitivity of the blade-loading variations to the
propeller thrust setting was assessed by also taking measurements at the other advance
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ratios. Figure 6.12b shows that the unsteady propeller loading features a nonmonotonic
variation with the propeller thrust setting. On the one hand, an increase in propeller
thrust amplifies the downstream wing loading (Fig. 6.6), which leads to a stronger per-
turbation of the propeller inflow due to increased upwash. On the other hand, the sen-
sitivity of the propeller loading to inflow perturbations decreases with increasing thrust
setting, as shown by the variation of the isolated propeller’s thrust coefficient with angle
of attack (Fig. 6.3). For the current configuration, the maximum unsteady blade loads
occurred at J = 0.9 (CT = 0.053), for which a maximum change in blade loading was mea-
sured of 3% of the time-averaged result. Therefore, it is concluded that at the considered
angle of attack of around 0 deg, the upstream effect of the wing on the propeller was
small.
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Figure 6.12: Circumferential variation of the total-pressure rise at r /R = 0.76, α=−0.2 deg (inboard-up) and
α=+0.2 deg (outboard-up); |δf| = 10 deg.

No measurements were taken to study the upstream effect of the wing on the pro-
peller loading at nonzero angle of attack (ignoring the 0.2 deg misalignment). How-
ever, previous numerical investigations [142] of the same setup operated at J = 0.8 (CT =
0.095) showed that at α=+10 deg, the relative impact of the upstream effect decreased
over the largest part of the blade span when compared to the case at α= 0 deg. For the
latter, Ref. [142] predicted an increase in propeller loading of around 3% due to the pres-
ence of the wing, which is slightly more than measured in the experiments discussed in
the present chapter.

6.3. COMPARISON WITH CONVENTIONAL CONFIGURATION
The aerodynamic interaction effects for wingtip-mounted propellers discussed in the
previous section show the potential for significant performance benefits due to wingtip-
vortex attenuation and swirl recovery. To illustrate the potential aerodynamic perfor-
mance gain of the wingtip-mounted propeller, a direct comparison was made with the
conventional configuration, with the propeller mounted on the inboard part of the wing.
For this comparison, Model II was used (modular cambered wing, see Figs. 3.9 through
3.11). The traversable wake rake was employed first to highlight the differences in wake
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and slipstream flowfield between the two configurations. Subsequently, the system and
wing performance were evaluated based on measurements with the external balance.
All data were acquired at ReD = 640,000, unless noted otherwise, while the propeller ro-
tation direction was always inboard-up.

6.3.1. WAKE AND SLIPSTREAM FLOWFIELD
The flowfield in the wake of the conventional and wingtip-mounted configurations was
visualized by means of contours of the total pressure at 1.5 times the chord length down-
stream of the wing trailing edge. Figure 6.13 compares the results obtained without the
propeller present. To allow for a fair comparison between the two configurations, the
measurements were taken at a constant lift coefficient of CL = 0.5, which was selected
to be representative of a typical wing loading in cruise conditions. This lift coefficient
was achieved at α = 2.8 deg for the conventional configuration and α = 2.9 deg for the
wingtip-mounted configuration. The dashed lines indicate the projection of the model
geometry onto the measurement plane (at α= 0 deg).
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Figure 6.13: Wake flowfield without propeller, rear view.

For both configurations, the viscous wake of the wing can be recognized by the wide
region of total-pressure loss below the projected chordline. The wake has displaced
downward due to the downwash created by the lifting wing, and rolls up into a wingtip
vortex, which features a strong total-pressure deficit due to the local viscous losses. The
region of total-pressure loss at the wingtip is more spread out for the wingtip-mounted
configuration due to the addition of the viscous losses associated with the nacelle. This is
further strengthened by the complex flowfield in the wing–nacelle junction, which at this
angle of attack seems to have led to flow separation inboard of the nacelle. Compared
to the conventional configuration, the tip-vortex location for the wingtip-mounted con-
figuration was positioned somewhat more inboard (Y /st = 0.949 versus Y /sc = 0.955).
This is a result of the slightly higher aspect ratio for the conventional configuration due
to the addition of the rounded wingtip. For both configurations, the boundary layer on
the ground board is visible near Y /s = 0, with a flow pattern typical of the junction flow
at the interface of a wing and a flat plate [146, 147].
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As shown before in Fig. 6.7, the operation of the propeller causes a strong modifica-
tion of the wake flowfield. Figure 6.14 provides total-pressure contours for the conven-
tional and wingtip-mounted configurations for the case with propeller running at J = 0.7
(CT = 0.123). As for the propeller-off case shown in Fig. 6.13, the data were acquired at a
constant lift coefficient of CL = 0.5. The corresponding angles of attack were α= 2.0 deg
for the conventional configuration and α= 1.9 deg for the wingtip-mounted configura-
tion. Note that the scale of the contour levels is different from the one used in Fig. 6.13.
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Figure 6.14: Slipstream distortion at J = 0.7 (CT = 0.123), rear view.

The total-pressure contours plotted in Fig. 6.14 display the expected spanwise shear-
ing of the propeller slipstream due to its interaction with the wing. The spanwise veloc-
ities are as illustrated in Fig. 2.9, displacing the propeller slipstream away from the pro-
peller axis on the advancing blade side, and toward the propeller axis on the retreating
blade side. The slipstream distortion is most pronounced for the conventional config-
uration, since it occurs on both the inboard and outboard sides of the nacelle. For the
wingtip-mounted configuration, the outboard part of the slipstream remains approxi-
mately circular, since it is away from the wing. The vertical position of the slipstream
is about 0.15R higher for the wingtip-mounted configuration than for the conventional
configuration. This is due to the lower downwash near the tip of the wing. In both cases,
the flow topology around the nacelle and away from the propeller slipstream is similar
to that observed for the propeller-off case in Fig. 6.13.

The slipstream distortion for the wingtip-mounted configuration (Fig. 6.14b) was
less pronounced than that shown before for Model I at the same propeller thrust setting
(Fig. 6.7e). This is because the diameter-to-span ratio was smaller for Model II than for
Model I, leading to a smaller perturbation of the wing lift distribution by the propeller
at a given thrust coefficient. As a result, the distortion of the slipstream was decreased,

98



6.3. COMPARISON WITH CONVENTIONAL CONFIGURATION

6

following the mechanism sketched in Fig. 2.9. Moreover, the results for Model I may
have featured an additional distortion of the slipstream near the flap edge, which did
not occur with Model II.

6.3.2. SYSTEM PERFORMANCE
The external balance was used to quantify the aerodynamic performance of the conven-
tional and wingtip-mounted configurations. In this section, the lift and drag of the entire
system are considered, including propeller forces. Figure 6.15 compares the lift and drag
polars measured for both configurations as a function of the propeller thrust setting.

−8 −6 −4 −2 0 2 4 6 8 10 12 14 16
−0.4
−0.2

0.0
0.2
0.4
0.6
0.8
1.0
1.2
1.4

Angle of attack α [deg] 

Sy
st

em
 li

ft 
co

ef
fic

ie
nt

 C
L

J = 0.7 

Prop-off 

Conv.
Tip

a) Lift polar

−0.16 −0.12 −0.08 −0.04 0.00 0.04 0.08 0.12
−0.4
−0.2

0.0
0.2
0.4
0.6
0.8
1.0
1.2
1.4

System drag coefficient CD

J = 0.7 J = 0.8 J = 0.9 J = 1.0 

Prop-off 

Sy
st

em
 li

ft 
co

ef
fic

ie
nt

 C
L

Conv.
Tip

b) Drag polar

Figure 6.15: Lift and drag polars of the conventional (Conv.) and wingtip-mounted (Tip) configurations,
including propeller forces.

The lift polars plotted in Fig. 6.15a show little difference between the lift performance
of the conventional and wingtip-mounted configurations. At higher angles of attack,
the conventional configuration provided slightly higher lift than the wingtip-mounted
configuration. This may have been due to the local upwash introduced on both sides
of the nacelle when it is subjected to a positive angle of attack. For the conventional
configuration, this affects the wing lift on both sides of the nacelle, thus resulting in a
larger lift increase than for the wingtip-mounted configuration, for which only the lift on
the inboard side of the nacelle is impacted.

As discussed in Section 6.2.3, the effect of the propeller is to increase the lift for the
wingtip-mounted configuration due to the local increase in dynamic pressure and in-
flow angle caused by the propeller slipstream. Similar effects occur for the conventional
configuration [36, 42], as sketched in Fig. 6.16. With inboard-up rotation, the propeller-
induced upwash increases the angle of attack and dynamic pressure on the inboard part
of the wing immersed in the slipstream (region II). On the outboard part of the wing
immersed in the slipstream (region III), on the other hand, the propeller causes a down-
wash which decreases the local angle of attack. This is partially offset by the local in-
crease in dynamic pressure. The spanwise lift gradients at the edges of regions II and III
cause induced velocities which also modify the local angle of attack on the parts of the
wing not immersed in the propeller slipstream. On the inboard part (region I) the angle
of attack increases, while on the outboard part (region IV) the angle of attack decreases.
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Figure 6.16: Sketch of wing-inflow modification due to the propeller for the conventional configuration
with inboard-up rotation.

Whereas the conventional and wingtip-mounted configurations produced approxi-
mately equal lift, the system drag (Fig. 6.15b) reveals an increasing drag benefit for the
wingtip-mounted configuration with increasing propeller thrust setting. Note that the
thrust force, which is negative in the drag direction, is included in the plotted drag co-
efficient, and hence more negative values of the drag coefficient indicate better system
performance at a given lift coefficient and propeller setting.

For the propeller-off condition at positive lift coefficients, the conventional configu-
ration showed slightly lower drag than the wingtip-mounted configuration. This was an
unexpected result, seeing that for the wingtip-mounted configuration the nacelle acts
as a wingtip device which should lead to lower induced drag. However, this may have
been offset by the slightly higher geometric aspect ratio of the conventional configura-
tion. Furthermore, the upwash induced by the nacelle, discussed before, may have led
to a reduction of the lift-induced drag for the conventional configuration. For both con-
figurations, trailing-edge separation was present at all angles of attack above 0 deg, as
indicated by the oil-flow images shown in Fig. 6.17. This was due to the modification
of the trailing-edge geometry, discussed before in Section 3.3.2, which was required for
manufacturing reasons. For the wingtip-mounted configuration, corner flow separation
can be observed near the wing–nacelle junction, explaining the local total-pressure loss
seen before in Fig. 6.13b. The images recorded at higher angles of attack (not shown
here) displayed a particularly complex flow topology around the wing–nacelle junctions
for the conventional configuration. Apparently this did not lead to a noticeable drag
penalty compared to the wingtip-mounted configuration.

With the propeller running, clear shifts occurred in the drag polars. For the con-
ventional configuration, the upwash and downwash on the inboard and outboard parts
of the wing (Fig. 6.16) modified the wing induced drag by tilting the lift vector forward
and backward. Furthermore, the lower effective angle of attack on the outboard seg-
ment of the wing immersed in the slipstream (region III in Fig. 6.16) eliminated or de-
layed the trailing-edge separation occurring without the propeller present, as shown by
the oil-flow images depicted in Fig. 6.18. This was further amplified by the increased
Reynolds number associated with the increased velocity in the slipstream, which also
delayed the separation on the inboard side of the wing. On the other hand, the higher
velocity experienced by the parts of the wing immersed in the propeller slipstream leads
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Figure 6.17: Oil-flow visualizations of the surface flow with propeller off at CL = 0.5, top view.
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Figure 6.18: Oil-flow visualizations of the surface flow with propeller on (J = 0.7, CT = 0.12))
at CL = 0.5, top view.

to an increase in drag compared to the propeller-off case, as discussed in Section 6.2.3.
The relative magnitude of the above-mentioned mechanisms depends on the propeller
efficiency, propeller-diameter-to-span ratio, Reynolds number, wing zero-lift drag coef-
ficient, and wing lift coefficient. The Reynolds-number effect would be less pronounced
at full scale than in the wind tunnel, since at full scale the absolute value of the Reynolds
number would be higher, and thus the local effect of the Reynolds-number increase by
the propeller would be less relevant. For the wingtip-mounted configuration, the effects
are as discussed in Section 6.2.3. The combination of wingtip-vortex attenuation and
swirl recovery reduces the induced drag of the wing when the propeller is operated with
inboard-up rotation.

Figure 6.15b shows that the drag reduction offered by the wingtip-mounted configu-
ration becomes increasingly dominant with increasing propeller thrust setting. At J = 0.8
and J = 0.7, clear induced-drag benefits can be seen when compared to the conven-
tional configuration. This is confirmed by Fig. 6.19, which displays the change in drag
of the wingtip-mounted configuration compared to the conventional configuration as
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a function of propeller thrust coefficient and system lift coefficient. Note that negative
numbers for the drag delta ∆CDt indicate a drag benefit for the wingtip-mounted con-
figuration. The data measured at ReD = 450,000 are also included, thereby extending
the range of thrust conditions to CT = 0.168 (at J = 0.5). The data points at CT = 0 were
obtained with the blades removed, and thus are representative of the propeller-off case.
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Figure 6.19: Drag benefit of wingtip-mounted configuration compared to conventional configuration.

Figure 6.19 highlights the sensitivity of the drag benefit of the wingtip-mounted con-
figuration to the propeller thrust setting. As discussed before, for the propeller-off case
the drag was higher for the wingtip-mounted configuration than for the conventional
configuration, which is reflected in Fig. 6.19 by the positive values of ∆CDt at CT = 0.
For lift coefficients below around CL = 0.7, this drag benefit of the conventional config-
uration initially increased at the lowest propeller thrust setting. This could be due to
the elimination of flow separation on the outboard part of the wing washed by the slip-
stream, as discussed before, which may have also occurred at the lowest thrust setting.
The drag penalty of the wingtip-mounted configuration then gradually turned into a
drag reduction with increasing propeller thrust setting. For the tested geometry, drag re-
ductions of 15−40 counts were achieved with the wingtip-mounted configuration com-
pared to the conventional configuration at CL = 0.5 and 0.09 <CT < 0.13 (0.7 < J < 0.8),
corresponding to an overall drag reduction of 5−15%. The drag benefit of the wingtip-
mounted configuration further increases upon increasing the system lift coefficient and
propeller thrust setting. For thrust settings of 0.14 < CT < 0.17 (0.5 < J < 0.6) and a lift
coefficient of CL = 0.7, drag reductions were measured of 100−170 counts (25−50%). It
should be noted that these values are specific to the tested configuration. Still, they con-
firm a strong potential for drag reductions by the wingtip-mounted configuration due to
the wingtip-vortex-attenuation mechanism.

6.3.3. WING PERFORMANCE
The propeller forces discussed in Section 6.1 were removed from the system forces pre-
sented in Fig. 6.15 to study the effect of the propeller on the performance of the wing
with nacelle. At each angle of attack, the propeller performance was subtracted as mea-
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sured with the sting-mounted propeller setup at that same angle of attack. Therefore,
the procedure accounts for the change in propeller normal force and thrust with angle
of attack. However, the upstream effect of the wing on the propeller performance is ne-
glected. This was considered acceptable based on the discussion of Section 6.2.4. The
data with propeller forces subtracted were used to determine the wing’s lift-curve slope
CLα and span-efficiency parameter e for the conventional and wingtip-mounted config-
urations, as a function of the propeller thrust setting.

LIFT-CURVE SLOPE

The lift-curve slope was obtained by fitting a first-order polynomial through the CL −α
data for an angle-of-attack range of −8 ≤ α ≤ +8 deg. An estimate of the error of the
fitting procedure was made by statistical analysis. The procedure was repeated 5,000
times, each time with a random error superimposed on the lift data. This random error
was based on a normal distribution with standard deviation equal to the known uncer-
tainty of the balance data. The standard deviation of the 5,000 tests was then taken as the
uncertainty of the determined lift-curve slope. Figure 6.20 displays the results as a func-
tion of the propeller thrust coefficient, for both the conventional and wingtip-mounted
configurations. The data points at CT = 0 again represent the propeller-off case, as mea-
sured without blades. The uncertainty (approximately 2 ·10−5/deg) is indicated by error
bars surrounding the individual data points.
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Figure 6.20: Effect of propeller thrust setting on the lift-curve slope of the wing with nacelle for the
conventional and wingtip-mounted configurations.

Figure 6.20 shows that at the propeller-off condition, the lift-curve slope was higher
for the conventional configuration than for the wingtip-mounted configuration. This
may have been due to the upwash induced by the nacelle when operating at nonzero
angle of attack, as discussed before in relation to Fig. 6.15. Decreasing the Reynolds
number from ReD = 640,000 to ReD = 450,000 led to a reduction of the lift-curve slope.
The increase in boundary-layer thickness with decrease in Reynolds number causes a
stronger effective decambering of the wing profile, thus worsening the lift performance.

The lift-curve slope increased with increasing thrust coefficient for both the con-
ventional and wingtip-mounted configurations due to the combination of the dynamic-
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pressure rise and swirl in the slipstream, as discussed before. At the maximum thrust
setting considered (J = 0.5, CT = 0.168), the propeller effect increased the lift-curve slope
by 14% for the conventional configuration and 10% for the wingtip-mounted configura-
tion. At thrust settings more representative of cruise conditions for the tested config-
uration (0.7 < J < 0.8, 0.09 < CT < 0.13), this decreased to 4− 7% for the conventional
configuration and 3− 5% for the wingtip-mounted configuration. The larger changes
for the conventional configuration are because the increased dynamic pressure in the
propeller slipstream affects a larger part of the wing than for the wingtip-mounted con-
figuration (see Fig. 6.16 versus Fig. 2.8a), and acts on the inboard part of the wing where
the section lift is higher than near the wingtip. Apparently this was sufficient to offset the
higher span efficiency of the wing for the wingtip-mounted configuration shown below.
The relative change of the lift-curve slope due to the propeller effect was approximately
equal at the two Reynolds numbers considered.

SPAN-EFFICIENCY PARAMETER

The drag polars displayed in Fig. 6.15b already indicated that the wingtip-mounted con-
figuration offered an induced-drag benefit compared to the conventional configuration.
To verify the sensitivity of this induced-drag benefit to the propeller thrust coefficient,
the span-efficiency parameter e of the wing with nacelle was derived from the drag data
with propeller forces removed. To this end, a parabolic relation was assumed between
the drag coefficient and the lift coefficient:

CD =CDmin +
1

πARe

(
CL −CLCDmin

)2
. (6.2)

To extract the value of the span-efficiency parameter e, the CL −CD data were first inter-
polated. After subtracting the minimum drag coefficient, a linear curve was then fit to
obtain the value of e from Eq. 6.2. The uncertainty was again obtained from a statisti-
cal analysis with 5,000 evaluations. The procedure was relatively sensitive to scatter in
the input data, as indicated by the computed uncertainty of approximately 0.05−0.09.
Figure 6.21 presents the evolution of the span-efficiency parameter with the propeller
thrust coefficient, for the conventional and wingtip-mounted configurations. The refer-
ence results obtained with the propeller blades removed are again indicated by the data
points at CT = 0.

Figure 6.21 shows that the span efficiency was higher for the conventional config-
uration than for the wingtip-mounted configuration for the case without the propeller.
This matches with the induced-drag benefit observed for the conventional configura-
tion in Fig. 6.15b. Despite the relatively high uncertainty, significant differences can be
seen between the two configurations when the propeller was operated. For the conven-
tional configuration, the beneficial effects due to swirl recovery (forward tilting of the
wing lift vector) are countered by the decrease in span efficiency caused by the distorted
wing lift distribution. As a result, a nonmonotonic behavior of the span-efficiency factor
with thrust coefficient is observed. The span efficiency of the wing remained constant
(within the uncertainty) for thrust coefficients up to CT = 0.09, but then reached a max-
imum at CT = 0.123 (J = 0.7). At this thrust setting, an increase in span efficiency of
approximately 15% was computed compared to the propeller-off condition. At higher
thrust coefficients, the span efficiency dropped again, reaching a level about 15% below
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Figure 6.21: Effect of propeller thrust setting on the span-efficiency parameter of the wing with nacelle for the
conventional and wingtip-mounted configurations.

the propeller-off result at a thrust coefficient of CT = 0.168 (J = 0.5). Although an off-
set can be observed between the span-efficiency parameters measured at ReD = 450,000
and ReD = 640,000, the relative effects due to the propeller were comparable at both
Reynolds numbers.

For the wingtip-mounted configuration, the swirl recovery and attenuation of the
wingtip vortex led to significant induced-drag benefits. Combined with the smaller dis-
tortion of the wing lift distribution, the effect of the propeller was to increase the span-
efficiency parameter with increasing thrust coefficient, except at the highest thrust set-
ting considered. Relative to the propeller-off result, the changes in span efficiency due
to the propeller were in the order of 20−40% over the advance-ratio range 0.6 < J < 0.9
(0.05 < CT < 0.15). The decrease in span efficiency at CT = 0.168 (J = 0.5) could be due
to the increased distortion of the wing lift distribution caused by the high swirl and dy-
namic pressure in the propeller slipstream at this condition.

6.4. KEY FINDINGS
This chapter has presented an experimental analysis of the aerodynamic interaction ef-
fects for wingtip-mounted propellers installed in a tractor configuration. By positioning
the propeller at the tip of the wing, the slipstream interacts with the flow around the
wingtip, thus affecting the roll-up and downstream behavior of the wingtip vortex. PIV
measurements downstream of a propeller–wing model showed that this leads to a reduc-
tion in overall swirl with inboard-up rotation, in which case the swirl in the slipstream
is opposite to that associated with the wingtip vortex. At the same time, the system per-
formance was found to improve due to a reduction of the wing induced drag, leading to
the conclusion that the decrease in swirl causes a reduction in downwash experienced
by the wing.

Apart from the change in drag, the interaction of the wing with the propeller slip-
stream also modifies the wing lift. The locally enhanced dynamic pressure increases the
lift over the spanwise part of the wing washed by the slipstream. This is amplified by
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the induced swirl for the case with inboard-up rotation. As a result, a strong spanwise
variation in lift occurs with the propeller on. The induced velocities caused by this lift
gradient lead to a spanwise shearing of the slipstream. With outboard-up rotation, the
swirl in the slipstream acts to locally oppose the increase in wing lift due to the propeller-
induced dynamic-pressure rise. Compared to the inboard-up rotation case, this leads to
a reduction in wing lift at a given angle of attack, thus also a reduction in maximum lift
coefficient. Furthermore, the direction of the spanwise shearing of the propeller slip-
stream is inverted on both sides of the wing.

To quantify the potential aerodynamic benefits of the wingtip-mounted propeller, a
comparison was made with a conventional configuration, with the propeller mounted
on the inboard part of the wing. The increase in wing lift due to the interaction with the
propeller was 1− 4% smaller for the wingtip-mounted configuration than for the con-
ventional configuration. For the latter, the enhanced dynamic pressure and swirl in the
slipstream acts over double the spanwise extent, and on a part of the wing where the sec-
tion lift is higher than for the wingtip-mounted configuration. At higher angles of attack,
the lift advantage for the conventional configuration could be further enhanced by the
local angle-of-attack increase in proximity to both sides of the nacelle.

In terms of drag performance, on the other hand, the wingtip-mounted configura-
tion showed superior performance. At a wing lift coefficient of CL = 0.5 and a thrust coef-
ficient of 0.09 <CT < 0.13, the drag reduction amounted to about 15−40 counts (5−15%)
compared to the conventional configuration. The aerodynamic benefit of the wingtip-
mounted configuration further increases with increasing wing lift coefficient and pro-
peller thrust coefficient, leading to a drag reduction of 100− 170 counts (25− 50%) at
CL = 0.7 and 0.14 <CT < 0.17. An analysis of the wing performance confirmed that this
drag benefit is mostly due to a reduction of the wing induced drag. Compared to the con-
ventional configuration, a relative increase in span efficiency of up to 40% was measured
for the wingtip-mounted configuration. Although the exact drag benefit will be specific
to vehicle design and operating conditions, it is concluded that the interaction between
the propeller slipstream and the wingtip vortex leads to a clear drag reduction for the
wingtip-mounted configuration. Multidisciplinary analyses are required to evaluate the
resulting impact on the potential performance benefits at aircraft level.
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7
PROPELLER-SLIPSTREAM

IMPINGEMENT

Besides the effects on the time-averaged loading discussed in Chapter 6, the interaction
between the propeller slipstream and a downstream surface such as a wing or pylon also
introduces unsteady loads, which can lead to structure-borne noise. This chapter explains
and quantifies the unsteady interaction effects caused by propeller-slipstream impinge-
ment for a typical pylon-mounted tractor-propeller configuration. The focus is on the
aerodynamic forcing function of the structure-borne noise; the structural response of the
pylon is not considered. The results provide novel information regarding the sensitivity of
the unsteady loads to the operating conditions, and the spatial distribution of the fluctu-
ating pressures that cause the unsteady loads. Section 7.1 characterizes the flowfield in the
propeller slipstream, including a discussion of the distortion of the slipstream due to the
interaction with the pylon. Subsequently, Section 7.2 provides detailed flow visualizations
of the impingement of the propeller slipstream at the pylon leading edge. Section 7.3 then
discusses unsteady pylon loading and its potential contribution to structure-borne noise,
after which the key findings are stated in Section 7.4. The results were obtained with the
PROWIM-US setup described in Chapter 4. All data were measured at the baseline oper-
ating conditions of J =0.8, ∆X = 0.42D, and α= 0 deg, unless mentioned otherwise.

7.1. PROPELLER-SLIPSTREAM FLOWFIELD

7.1.1. ISOLATED PROPELLER
The fluctuating loads caused by the impingement of a propeller slipstream on a down-
stream surface are due to the unsteady nature of the slipstream, which contains the blade
wakes, root vortices, and tip vortices. The time-accurate flowfield in the slipstream of the
isolated propeller was measured using stereoscopic PIV (SSFOV setup, Fig. 4.7a), phase-
locked with the propeller blade position. Figure 7.1 presents the resulting contours of
the axial velocity. To highlight the velocities induced by the propeller, the velocity field

The contents of this chapter have been adapted from Ref. [46].
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is presented as an offset from the freestream velocity (∆VX =V P-on
X −V∞). Contour lines

of constant normalized vorticity, ω∗
Z = ωZ D/Vdisk, are included in Fig. 7.1, with ωZ the

Z -component of the vorticity and Vdisk the equivalent velocity at the propeller disk esti-
mated from actuator-disk theory [36].
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Figure 7.1: Phase-locked axial velocity variation in the slipstream of the isolated propeller, with contours of
constant normalized vorticity superimposed (CT = 0.095).

The axial velocity difference plot shown in Fig. 7.1 highlights several important char-
acteristics of the propeller slipstream. The axial velocity is increased within the slip-
stream, consistent with the positive thrust generated by the propeller. Within the stream-
tube, three distinct flow structures are visible, associated with each blade passage. At the
most inboard radial stations (r /R < 0.5), the propeller root vortex can be seen. Mov-
ing outboard (0.5 < r /R < 1.0), the blade wakes are present. In the initial part of the
slipstream (X /R < 0.5), these wakes are practically straight. However, the nonuniform
distribution of axial velocity in the propeller slipstream causes the shape of the blade
wakes to become increasingly crescent when convecting downstream. A change in sign
of normalized vorticity occurred in the blade wake around r /R = 0.8. This corresponds
to the radial position of maximum loading on the propeller blades. Finally, the blade tip
vortices cause strong velocity fluctuations around the edge of the slipstream (r /R ≈ 1.0).

7.1.2. SLIPSTREAM DISTORTION BY THE PYLON
To assess the effect of installation of the pylon on the propeller slipstream, PIV mea-
surements were taken in the wake of the models (WFOV setup, Fig. 4.7b). Figure 7.2
provides the velocity fields for the configurations with and without the pylon installed.
Additionally, a reference case is included for which both the propeller blades and the
pylon were removed (propeller-off, pylon-off), displaying the effect of the support struc-
ture on the measured velocity fields. The dashed lines indicate the projections of the
nacelle, propeller disk, and pylon on the measurement plane; each subplot only shows
those components that were present for that specific configuration.

Figure 7.2 displays the axial velocity increase due to the thrust-generating propeller,
and the distortion of the propeller slipstream due to the installation of the pylon. For all
configurations, the nacelle caused a strong velocity deficit around the propeller center.
Moreover, a decrease in axial velocity can be seen in the middle of the upper half of the
field of view (Y /R = 0, Z /R < 0). This was caused by the support sting to which the
propeller was connected (Fig. 4.1). This sting was relatively thick, and its aerodynamic
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Figure 7.2: Effect of propeller and pylon installation on the time-averaged slipstream flowfield, front view.

characteristics were deteriorated by wiring taped to its backside, resulting in a strong
wake velocity deficit (Fig. 7.2a).

For the isolated propeller (Fig. 7.2b), the expected axisymmetric velocity distribution
was obtained away from the region affected by the presence of the support sting. With
the pylon present (Fig. 7.2c), the velocity deficit in the wake of the pylon is apparent
below the propeller disk around Y /R = 0. At the location of the measurement plane,
the velocity deficit was equal to around 5% of the freestream velocity. Moreover, the
propeller slipstream was distorted considerably compared to the isolated propeller case,
as discussed before in Chapter 6. On the advancing side of the pylon (Y /R < 0), the
slipstream moved away from the propeller axis. On the retreating side (Y /R > 0), on the
other hand, the slipstream was subjected to a displacement toward the propeller axis.
This was confirmed by the surface-pressure measurements taken with the microphones,
as described in Section 7.3.

In flight, the propeller–pylon combination might operate under asymmetric inflow
conditions. This leads to a further distortion of the propeller slipstream. Figure 7.3 dis-
plays the flowfields in the wake of the setup for angles of attack of −6, 0, and +6 deg. The
expected increased strength of the wakes of the pylon and the support sting at nonzero
angle of attack is confirmed. Focusing on the slipstream geometries, it is concluded that
the distortion of the slipstream is more pronounced at negative angle of attack than at
positive angle of attack. This is due to a crossflow component originating over the na-
celle, caused by the pressure difference across the pylon. At negative angle of attack, this
crossflow is in the same direction as the induced velocity causing the radially inboard
displacement of the slipstream on the retreating side (for an inboard-up rotating pro-
peller). Therefore, the displacement was amplified on the retreating side. At positive
angle of attack, on the other hand, the crossflow is oriented in the opposite direction,
thereby counteracting the radially inboard displacement of the slipstream on the retreat-
ing side. This was confirmed by oil-flow visualizations, as shown in Fig. 7.4 for the cases
at α = 0 deg and α = +6 deg, and the microphone data. Note that the oil-flow mea-
surements were taken with a slightly modified pylon model, which featured the same
dimensions but had a replaceable leading-edge insert mounted flush in the front part of
the model. The resulting minor discontinuity in the pylon surface can be recognized in
the oil-flow images, but is irrelevant for the phenomenon described here.
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Figure 7.3: Effect of angle of attack on the time-averaged slipstream flowfield with pylon installed, front view.
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Figure 7.4: Oil-flow visualizations displaying the change in tip-vortex trajectory on the retreating side of the
pylon caused by crossflow over the nacelle.

7.2. PROPELLER-SLIPSTREAM IMPINGEMENT AT THE PYLON

LEADING EDGE
The impingement of the propeller blade wakes and tip vortices on the leading edge of the
pylon was visualized using phase-locked planar PIV (LEFOV setup, Fig. 4.7d). To ease the
interpretation of the results, Fig. 7.5 displays a schematic representation of the trajectory
of a single tip vortex. For clarity, the associated bound and root vortices are omitted. The
gray plane represents a measurement plane at an arbitrary position, while the double
arrow heads indicate the sign of the circulation along the vortex filament. Finally, the
gray dotted line on both sides of the pylon visualizes the path of the tip vortex along
the pylon, displaying the spanwise displacement observed in Fig. 7.2 and Chapter 6. It
can be seen from Fig. 7.5 how the velocities induced by the vortex are a function of its
position relative to the measurement plane. An increase in axial velocity will be induced
at the position of the measurement plane if the vortex impinges on the pylon leading
edge below the measurement plane, and vice versa.

The blade-wake impingement process was measured at Z /R = 0.74 and is visualized
in Fig. 7.6, while Fig. 7.7 shows the data obtained in the tip-vortex plane at Z /R = 0.97.
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Figure 7.5: Illustration of the trajectory of a single tip vortex, and its relation to the
measurements taken with the LEFOV PIV setup.

In both cases, measurements were taken with and without the propeller blades installed.
The difference between the propeller-on and (time-averaged) propeller-off measure-

ments (|∆V| = |Vprop-on| − |Vprop-off|) is considered here to isolate the effect of the pro-
peller on the flowfield. For the results in the wake-impingement region (Fig. 7.6), con-
tours of normalized vorticity are included to indicate the positions of the blade wakes
and tip vortices. The blade position φ′ = 0 deg corresponds to the blade phase angle at
the approximate time of vortex impingement on the leading edge of the pylon.

The flowfields presented in Fig. 7.6 clearly display the presence of the blade wakes
and tip vortices. Since the measurement plane was positioned below the propeller axis,
the lateral distance between the slipstream edges is smaller than the propeller diame-
ter. The increase in velocity in the propeller slipstream can also be recognized, with the
highest velocities occurring on the retreating side (Y /R > 0). This is due to the effective
angle of attack perceived by the pylon due to the swirl in the slipstream, causing addi-
tional suction on the retreating side. The passage of the blade wake induces an increased
suction peak at the leading edge of the pylon on the retreating side (Fig. 7.6f). This is
the result of the modified inflow velocity vector during the wake encounter. The com-
bination of a reduced axial velocity and increased tangential velocity causes a periodic
unsteady upwash to the pylon.

Figure 7.7 displays how the tip vortex approaches the pylon at an oblique angle (Fig.
7.7a), caused by the helicoidal trajectory of the vortex. Directly before impinging on the
leading edge (Fig. 7.7b), the vortex already bends around the pylon. During impinge-
ment (Fig. 7.7c), the axis of the vortex is nearly tangent to the measurement plane, as
can be seen from the very small induced velocities close to the leading edge. On the ad-
vancing side (Y /R < 0), the pitch angle of the vortex remains similar to that observed
before the impingement. The retreating side, on the other hand, displays bending of the
vortex due to the acceleration caused by the angle of attack induced by the propwash.
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Figure 7.6: Wake-impingement process at the pylon leading edge (velocity difference propeller-on minus
propeller-off); Z /R = 0.74.
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Figure 7.7: Vortex-impingement process at the pylon leading edge (velocity difference propeller-on minus
propeller-off); Z /R = 0.97.

Directly after impingement (Fig. 7.7d), the axial velocity increased near the pylon
leading edge, implying that part of the vortex had penetrated the measurement plane.
This spanwise displacement of the vortex is due to an image-vortex effect [144, 145, 148].
Note that this local displacement near the leading edge is independent of the more grad-
ual spanwise displacement of the tip-vortex trajectory along the chord of the pylon. The
latter is caused by the spanwise lift variations on the pylon, as explained in Fig. 2.9.

As the vortex is convected downstream (Fig. 7.7e), it is split. On the retreating side,
the vortex segment is almost parallel to the pylon. This can be seen from the fact that
the region of influence of the vortex is aligned with the chordwise direction. The ve-
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locities induced by the vortex segment on the advancing side are higher than on the
retreating side. This is due to the gradual spanwise displacement of the vortex, which
makes the vortex penetrate the plane farther on the advancing side than on the retreat-
ing side. This spanwise displacement further increases when the vortex continues to be
convected downstream (Fig. 7.7f). At this phase angle, the next tip vortex can already be
seen approaching the pylon, stressing the periodicity of the impingement phenomena.

When the propeller–pylon installation is operated at nonzero angle of attack, the im-
pingement phenomena are modified due to the change of the flowfield surrounding the
pylon. Figure 7.8 presents the velocity fields around the pylon leading edge as measured
in the tip-vortex impingement plane (Z /R = 0.97) at an angle of attack of 6 deg. Again,
the results are displayed as the difference between the velocity fields obtained for the
propeller-on and propeller-off configurations.
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Figure 7.8: Vortex-impingement process at the pylon leading edge in asymmetric inflow conditions (velocity
difference propeller-on minus propeller-off); α= 6 deg, Z /R = 0.97.

The flowfields provided in Fig. 7.8 show that the introduction of a positive angle
of attack causes increased bending of the vortex on the retreating side. This is due to
the increase in velocity over the suction side of the pylon associated with the positive
incidence angle. Compared to the symmetric inflow case (Fig. 7.7), at an angle of attack
of 6 deg the vortex impinges closer to the propeller axis (smaller Z -coordinate). This can
be seen from the negative velocity induced by the vortex near the pylon leading edge (Fig.
7.8c), and was expected considering the slipstream geometries plotted in Fig. 7.3. After
impingement (Fig. 7.8d through 7.8f), the vortex is convected slower on the advancing
side than for the case with symmetric inflow. This is due to the locally reduced pylon-
induced velocity caused by the positive angle of attack. On the retreating side, the vortex
remains closer to the measurement plane due to the decreased spanwise displacement.
The increased shear of the vortex close to the surface leads to additional flow structures,
which have been attributed before to the creation of secondary vortices in the chordwise
vortex–pylon interaction process [148].
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7.3. UNSTEADY PYLON LOADING
The impingement of the propeller slipstream on the pylon causes fluctuating pressures
and associated unsteady loading. The unsteady pressure response on the pylon is dis-
cussed first. Subsequently, structure-borne-noise indicators are defined and the un-
steady loading is assessed in terms of its possible contribution to structure-borne noise.

7.3.1. UNSTEADY PRESSURE RESPONSE ON THE PYLON SURFACE
The unsteady pressure response on the pylon surface was quantified using the micro-
phones integrated into the sleeve installed around the pylon (Section 4.4.2). Figure 7.9
displays the distribution of the root mean square of the unsteady pressure over the py-
lon surface, both for the advancing side (Fig. 7.9a) and the retreating side (Fig. 7.9b).
The black dots indicate the discrete positions at which microphone measurements were
taken. The white markers along the dotted lines labeled A and B correspond to the posi-
tions for which the pressure waveforms are presented later in Figs. 7.10 and 7.11.
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Figure 7.9: Pressure fluctuations on both sides of the pylon.

Figure 7.9 shows that the propeller tip vortex is the dominant source of pressure fluc-
tuations on the pylon. Impinging near a vertical coordinate of Z /R = 1.0, the tip vortex
presents pressure fluctuations with relatively high amplitude over the entire pylon chord.
These fluctuations are the result of the blade tip vortices passing over the microphones,
leading to a periodic pressure perturbation due to the low pressure in the vortex core.
The amplitude of the pressure fluctuations induced by the tip vortex is at a maximum
near the pylon leading edge, and then slowly decreases along the pylon chord. This was
attributed by Johnston and Sullivan [45] to the viscous interaction between the bound-
ary layer and the vortex core, causing a reduction in strength of the part of the vortex
immersed in the boundary layer of the pylon. Again, the spanwise displacement of the
tip vortices can be seen, confirming the observations made from wake-rake and PIV data
discussed before. Microphone measurements taken at advance ratios different from the
baseline value showed that the spanwise displacement increases with decreasing ad-
vance ratio, consistent with Fig. 6.7. On the other hand, the spanwise displacement of
the slipstream edge decreases with increasing angle of attack, as also shown in Fig. 7.3.
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The pressure fluctuations due to the impingement of the blade wakes, inboard of
the tip-vortex trajectory, peak at the leading edge of the pylon and then rapidly decrease
in the downstream direction. This resembles the response to a gust normal to the air-
foil section, caused by the periodic upwash when the blade wakes pass by the pylon. A
small region of locally decreased pressure fluctuations can be observed directly inboard
of the tip-vortex path near the leading edge on the advancing side (Fig. 7.9a, Xs/cs ≈ 0.05,
Z /R ≈ 0.90). Inspection of the time-accurate pressure data showed that this was due to
destructive interference between the pressure perturbations caused by the blade wakes
and the tip vortices, as treated in more detail in the discussion of Fig. 7.11. The oppo-
site situation occurred on the retreating side, leading to a wider region of strong pressure
fluctuations on this side of the pylon.

The contours plotted in Fig. 7.9 only provide information on the distribution of
the pressure fluctuations on the pylon. To illustrate the associated waveforms, phase-
averaged microphone signals and frequency spectra were extracted at the positions of
the markers in Fig. 7.9. Figure 7.10 provides the waveforms obtained at a spanwise lo-
cation of Z /R = 0.62, corresponding to the response associated with the impingement
of the blade wakes (line A in Fig. 7.9). Both the advancing and retreating sides are
included, while three chordwise locations are considered to show the development of
the pressure fluctuations in the downstream direction. In a similar way, Fig. 7.11 pro-
vides the waveforms measured along the tip-vortex trajectory (line B in Fig. 7.9). In
this case, the development in the chordwise direction was not considered at constant
spanwise coordinate, but instead the path of the tip vortex was followed. The spanwise
coordinates at which data were extracted equal Z /R = 0.992,1.025,1.034 on the advanc-
ing side and Z /R = 0.975,0.949,0.848 on the retreating side, for chordwise locations of
Xs/cs = 0.02,0.35,0.90, respectively. Spectral analysis was performed on the raw time
series using Welch’s method [140] with Hann windows, 100 blocks, and no overlap. The
corresponding results are plotted for the advancing side in Fig. 7.12, for the same chord-
wise and spanwise locations as considered in Figs. 7.10 and 7.11. For reference, the
spectra acquired outside of the slipstream at Z /R = 1.38 are also included. Markers are
displayed at multiples of the blade-passage frequency for which the tonal content was at
least 3 dB above the broadband noise floor.

The pressure response in the wake-impingement region given in Fig. 7.10 is periodic,
with a dominant component at the blade-passage frequency. This indicates a relatively
gradual loading change caused by the wake impingement, which is confirmed by inspec-
tion of the spectra shown in Fig. 7.12. The signals on the advancing and retreating sides
have approximately equal amplitude, but opposite phase. A negative pressure is induced
by the wakes on the retreating side, corresponding to the suction side of the pylon in the
current setup. On both sides of the pylon, the pressure fluctuations decrease rapidly in
chordwise direction, as expected from Fig. 7.9. On the front part of the pylon (Fig. 7.12a
and 7.12b), the high turbulence level in the blade wakes causes increased broadband
pressure fluctuations compared to the response outside of the slipstream. Toward the
rear of the pylon (Fig. 7.12c), the broadband levels outside of the slipstream increased
due to natural transition. Differences in local inflow angle, velocity, and upstream de-
velopment of the boundary layer may explain the change in broadband response when
compared to that obtained on the part of the pylon immersed in the slipstream.
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Figure 7.10: Phase-averaged pressure waveforms in the blade-wake impingement region
(line A in Fig. 7.9, Z /R = 0.62).
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Figure 7.11: Phase-averaged pressure waveforms along the tip-vortex trajectory (line B in Fig. 7.9).
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Figures 7.11 and 7.12 show that the amplitude of the pressure fluctuations caused
by the tip vortex is larger than that due to the wake impingement. This was also ob-
served in Fig. 7.9. The passages of the tip-vortex cores are characterized by a strong drop
in the pressure. Near the leading edge of the pylon (Xs/cs = 0.02), sharp pressure peaks
were obtained (Fig. 7.11), indicating a richer spectral content of the pressure signal when
compared to that resulting from the wake impingement. This is confirmed by the spectra
displayed in Fig. 7.12. The tonal content at the blade-passage frequency and associated
multiples clearly dominates the broadband part of the signal, which also increased when
compared to the blade-wake impingement region and the part of the pylon outside of the
slipstream. The subharmonics, with relatively small amplitude, are most likely measure-
ment artifacts related to slight differences between the propeller blades. Moving down-
stream, the pressure peaks caused by the impingement of the tip vortex become more
sinusoidal-like and their amplitude decreases. As discussed in relation to Fig. 7.9, this
is due to the viscous interaction between the tip vortex and the pylon boundary layer.
Again, the amplitude of the pressure fluctuations is comparable on the advancing and
retreating sides. However, the shape of the waveforms differs, with additional secondary
oscillations occurring on the advancing side. This is attributed to effects due to the blade
wakes, which roll up into the vortex (Fig. 7.1), and hence also affect the pressure fluctu-
ations measured along the tip-vortex path. This effect was strongest slightly inboard of
the trajectory of the tip vortex, explaining the local decrease of the root mean square of
the pressure fluctuations in this region near the leading edge on the advancing side, as
highlighted before in the discussion of Fig. 7.9.

7.3.2. STRUCTURE-BORNE-NOISE INDICATORS
To relate the unsteady pressures measured on the pylon to their potential impact on
structure-borne-noise generation without considering the structural characteristics, two
structure-borne-noise indicators were defined. These could then be used to compare
the results measured at the different operating conditions in terms of their importance
for structure-borne noise.

SPATIALLY AVERAGED ROOT MEAN SQUARE OF THE PRESSURE FLUCTUATIONS

The amplitude of the pressure fluctuations on the pylon surface is representative of the
total energy available for generation of structure-borne noise. Therefore, the first struc-
ture-borne-noise indicator was defined as the spatial average of the root mean square of
the pressure fluctuations over the pylon surface:

C ′
prms

= 1

2c(Zmax −Zmin)

Zmax∫
Zmin

c∫
0

(√
1

2π

∫ 2π

0
C ′

padv

(
Xpyl, Z ,φ

)2 dφ +

√
1

2π

∫ 2π

0
C ′

pretr

(
Xpyl, Z ,φ

)2 dφ

)
dXpyldZ .

(7.1)

The lower limit of integration Zmin was set to the first datapoint along the pylon span
(Z /R = 0.54), while the upper limit Zmax was set as low as possible without excluding
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part of the slipstream for any of the measurement cases (Z /R = 1.25). The pressure pa-
rameter defined by Eq. 7.1 is representative of the structure-borne-noise levels only if all
vibrational energy is transmitted into the structure; i.e., the structural displacement at
each location is assumed to be in phase with the aerodynamic loading acting on it.

ROOT MEAN SQUARE OF THE UNSTEADY LIFT COEFFICIENT

Although the average pressure-fluctuation level defined by Eq. 7.1 is representative of
the total energy available for structure-borne-noise generation, it is not necessarily di-
rectly related to the actual structure-borne-noise levels because of the assumption that
the structural displacement is in phase with the aerodynamic excitation at each location
on the pylon. In a more realistic scenario, the relative phases of the pressure fluctuations
at each location on the pylon affect the total unsteady loading. Assuming that the pylon
is an elastic body with infinitely high speed of sound, all input loads are instantaneously
transmitted to the fuselage. In such case, the root mean square of the unsteady lift coeffi-
cient, obtained from integration of the measured pressure fluctuations, is representative
of the level of structure-borne noise:

C ′
Lrms

= 1

c(Zmax −Zmin)

√√√√√√ 1

2π

2π∫
0

 Zmax∫
Zmin

c∫
0

∆C ′
p

(
Xpyl, Z ,φ

)
dXpyldZ

2

dφ, (7.2)

with∆C ′
p = (C ′

pretr
−C ′

padv
) the difference between the unsteady pressure coefficient across

the pylon. The same limits of integration were used as for Eq. 7.1.
To allow for the computation of the integral time-dependent loading on the pylon

using Eq. 7.2, the spacing between adjacent measurement locations needs to be smaller
than the characteristic wavelength of the periodic perturbation. If this is not the case,
the relevant flow features that are convected downstream over the pylon chord will tem-
porarily disappear from the data set when they are positioned between two adjacent mi-
crophones. This would lead to an incorrect measurement of the time-dependent load-
ing. At the baseline operating condition, the axial separation between consecutive blade
wakes in the propeller slipstream was around 47 mm. Therefore, the chordwise density
of integration points was increased. This was done by interpolating the pressure wave-
forms between each pair of adjacent microphones (in chordwise direction) in both space
and time. The procedure is illustrated in Fig. 7.13, in which two measurement locations
are indicated by the subscripts 1 and 2, while an interpolated point is identified by the
subscript i. Assuming a linear pressure evolution between the measurement locations
and a constant phase velocity, the amplitude of the unsteady pressure at the interpo-
lated point can be computed once the phase difference between measurement points 1
and 2 is known. This phase difference is directly related to the phase velocity, which was
computed from the derivative of the cross-spectral density function of the raw pressure
signals of the two microphones considered, following the approach introduced in Ref.
[149]. On the spanwise part of the pylon not immersed in the slipstream, the prediction
of the phase velocity was complicated by the absence of clearly defined flow structures.
The resulting noise in the interpolated results was verified not to impact the computed
unsteady loading, since that was dominated by the strong pressure fluctuations caused
by the blade wakes and tip vortices.
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Figure 7.13: Illustration of the microphone interpolation procedure.

The sensitivity of the interpolation procedure to the number of chordwise grid points
was investigated by computing the root mean square of the unsteady lift coefficient from
Eq. 7.2 for different grid densities, as shown in Fig. 7.14. Note that the case with 8 chord-
wise points corresponds to the original microphone density, without interpolation. It
can be seen that the interpolation procedure converged toward an asymptotic value for
high grid densities. Based on these results, a total number of grid points of 76 was se-
lected as a compromise between accuracy and processing time. At this grid density, the
root mean square of the unsteady lift coefficient was within 0.2% of the value obtained at
the finest grid spacing considered. The need for the interpolation scheme is confirmed
by observing that the root mean square of the unsteady lift coefficient computed without
interpolation (8 grid points) differs from the asymptotic value by about 30%.
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Figure 7.14: Sensitivity of root mean square of the unsteady lift coefficient to number of chordwise grid points
used in the microphone interpolation procedure.

7.3.3. UNSTEADY LOADING AS POSSIBLE SOURCE OF STRUCTURE-BORNE

NOISE
The structure-borne-noise indicators defined by Eqs. 7.1 and 7.2 were evaluated using
the microphone data. Both indicators are discussed separately.
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SPATIALLY AVERAGED ROOT MEAN SQUARE OF THE PRESSURE FLUCTUATIONS

The spatial average of the root mean square of the pressure fluctuations (Eq. 7.1) is pre-
sented in Fig. 7.15 as a function of advance ratio (Fig. 7.15a), propeller–pylon spacing
(Fig. 7.15b), and angle of attack (Fig. 7.15c). In all subfigures, the operating parameters
that were not varied were set equal to their baseline values.
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Figure 7.15: Spatial average of the root mean square of the unsteady pressure coefficient on the pylon versus
advance ratio (a), propeller–pylon spacing (b), and angle of attack (c).

Figure 7.15a displays the expected decrease in pressure fluctuations with increasing
advance ratio. This is due to the reduced strength of the blade wakes and tip vortices
associated with the decreased blade loading at higher advance ratio. A nonlinear re-
sponse is observed, with the pressure fluctuations approaching a nonzero minimum at
high advance ratios. Whereas the tip-vortex strength tends to zero when the blades are
unloaded, the blade wakes remain. Therefore, nonzero pressure fluctuations are ob-
tained even for the case of an unloaded propeller. In such case, the blade wakes are the
dominant source of unsteady pressure on the pylon.

Increasing the propeller–pylon spacing at constant advance ratio reduces the sever-
ity of the incoming flow perturbations due to diffusion of the flow structures in the slip-
stream. As a result, the pressure fluctuations decrease with increasing axial spacing be-
tween propeller and pylon (Fig. 7.15b). The decrease in pressure fluctuations with in-
creasing propeller–pylon spacing is nonlinear because of the nonlinearity in axial devel-
opment of the blade-wake and tip-vortex strength. Moreover, at the smallest propeller–
pylon spacings an upstream interaction between the pylon and propeller might have
occurred, locally increasing the blade loading, hence aggravating the impingement phe-
nomena. However, this could not be verified with the measurement setup used.

Operating the propeller–pylon setup under asymmetric inflow conditions increases
the pressure fluctuations compared to the symmetric case (Fig. 7.15c). At α = −6 deg,
the pressure fluctuations increased along the tip-vortex path. At α = +6 deg, on the
other hand, a separation bubble appeared near the leading edge of the pylon, introduc-
ing strong pressure fluctuations at the reattachment point. Finally, at α = +12 deg the
suction side of the pylon had stalled in the slipstream region because of the increase in
angle of attack caused by the propeller swirl. As a result, the average amplitude of the
tonal pressure fluctuations on the suction side of the pylon decreased in this condition
compared to the results obtained at α=±6 deg.
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ROOT MEAN SQUARE OF THE UNSTEADY LIFT COEFFICIENT

Figure 7.16 depicts the root mean square of the unsteady pylon lift coefficient (Eq. 7.2)
versus advance ratio (Fig. 7.16a) and propeller–pylon spacing (Fig. 7.16b). No sensitivity
to the angle of attack could be obtained, since the pressure interpolation procedure did
not work if part of the flow on the pylon was separated.
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Figure 7.16: Root mean square of the unsteady pylon lift coefficient versus advance ratio (a) and
propeller–pylon spacing (b).

The root mean square of the unsteady lift coefficient of the pylon features a non-
monotonic dependency on the propeller advance ratio (Fig. 7.16a). This differs from
the spatially averaged amplitude of the pressure fluctuations, which showed a decreas-
ing trend with increasing advance ratio (Fig. 7.15a). However, a change in advance ratio
not only modifies the strength of the blade wakes and tip vortices, but also the pitch of
the slipstream helix. As a result, the axial separation between the consecutive wakes and
tip vortices, and hence the wavelength of the interaction problem, varies with advance
ratio. For the four propeller operating conditions considered, the lowest unsteady loads
were obtained for advance ratios at which the ratio between the wavelength of the per-
turbation associated with the propeller tip vortices and the pylon chord length was as
close as possible to an integer number. This is explained in Fig. 7.17, which illustrates
the resulting unsteady lift response for a simplified case with two different ratios of per-
turbation wavelength to pylon chord length. In this case, a perfectly sinusoidal pressure
perturbation is assumed, which is constant in the spanwise direction.

From Eq. 7.2 it follows that the root mean square of the unsteady pylon lift coefficient
would be zero for the case of a sinusoidal pressure waveform with wavelength equal to
an integer multiple of the pylon chord length (Fig. 7.17a). For non-integer ratios be-
tween wavelength and chord length, on the other hand, a nonzero root mean square of
the unsteady lift coefficient results (Fig. 7.17b). This implies that structure-borne noise
may be reduced by matching the pylon chord length with an integer multiple of the axial
separation between the propeller tip vortices. In reality, the pressure difference across
the pylon will not be perfectly sinusoidal, for example due to the different response on
the advancing and retreating sides (Fig. 7.11). Therefore, follow-up experiments involv-
ing additional test cases with varying ratios between perturbation wavelength and pylon
chord length would be required to confirm the applicability of this theory.
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Figure 7.17: Illustration of lift coefficient fluctuations for integer (a) and non-integer (b) ratios of perturbation
wavelength to pylon chord length.

In contrast to the sensitivity to the advance ratio, the root mean square of the un-
steady lift coefficient monotonically decreases with propeller–pylon spacing (Fig. 7.16b).
In this case, the advance ratio was fixed and thus the ratio between the wavelength of
the pressure disturbance and the pylon chord length was constant. Therefore, the rela-
tive amplitude of the lift fluctuations was only affected by the relative amplitude of the
pressure fluctuations, which feature a decreasing trend with increasing advance ratio, as
shown in Fig. 7.15a.

7.4. KEY FINDINGS
This chapter has quantified the unsteady loading caused by the impingement of a pro-
peller slipstream on a downstream pylon. A pylon-mounted tractor-propeller configura-
tion was simulated by positioning a pylon downstream of a sting-mounted propeller in
a low-speed wind tunnel.

Particle-image-velocimetry measurements confirmed the presence of the individual
blade wakes and tip vortices in the propeller slipstream. The installation of the pylon
leads to a spanwise shearing of the propeller slipstream, caused by the spanwise vari-
ations in lift on the pylon. The slipstream moves away from the propeller axis on the
advancing side and toward the propeller axis on the retreating side. At nonzero angle
of attack, the crossflow component over the nacelle modifies the distortion of the slip-
stream. For an inboard-up rotating propeller, the spanwise shearing of the slipstream is
decreased at positive angle of attack and amplified at negative angle of attack.

Measurements of the pressure fluctuations on the pylon using microphones led to
the conclusion that the blades’ tip vortices dominate the unsteady pressure caused by
the impingement of the propeller slipstream. The pressure fluctuations induced by the
tip-vortex interaction are periodic with a rich spectral content, and persist up to the trail-
ing edge of the pylon. The pressure fluctuations decrease with increasing advance ratio
due to the associated reduction in strength of the blade wakes and tip vortices. At high
advance ratios, the strength of the tip vortices tends to zero while the blade wakes re-
main, making the blade wakes the dominant source of unsteady loading in such condi-
tions. Increasing the propeller–pylon spacing reduces the pressure fluctuations due to
diffusion of the blade wakes and tip vortices before their interaction with the pylon.
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From an assessment of the unsteady loading on the pylon, it is concluded that the
unsteady pylon lift displays a nonmonotonic dependency on the propeller advance ratio.
In this case, the ratio between the wavelength of the pressure perturbation and the pylon
chord length is important. The unsteady loading was smallest for cases for which this
ratio was closest to an integer value. In an idealized case, for integer ratios the integrated
pressure differential across the pylon is zero. Based on this observation, it is concluded
that structure-borne noise reductions might be obtained by proper tailoring of the pylon
chord length.
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PYLON-WAKE ENCOUNTER

Pusher propellers interact with the wake of their upstream support, leading to a periodic
inflow disturbance experienced by the propeller blades. This chapter provides a com-
prehensive analysis of the resulting aerodynamic and aeroacoustic interaction effects for
pylon-mounted pusher propellers. Although it is known that the pylon-wake encounter
causes unsteady blade loads and a noise increase, the experimental study discussed in
this chapter is the first that discusses both effects simultaneously. Following a character-
ization of the nonuniform inflow to the propeller due to the pylon wake in Section 8.1,
the propeller’s unsteady aerodynamic response is discussed in Section 8.2. Section 8.3 then
highlights the impact of the pylon-wake encounter on the propeller’s noise emissions, after
which the key findings are reported in Section 8.4. Throughout the chapter, the sensitiv-
ity of the installation effects to the propeller operating conditions and incidence angle is
considered. The results were obtained with the APIAN-INF setup described in Chapter 5.

8.1. PYLON-WAKE FLOWFIELD
The velocity deficit in the pylon wake governs the interaction between the pylon and the
propeller. Therefore, the flowfield in the wake of the semi-installed pylon was measured
using the stereoscopic PIV setup discussed in Section 5.4.1. Both symmetric (α= 0 deg)
and asymmetric (α=−6 deg) inflow conditions were considered. The results measured
for both conditions are discussed separately.

8.1.1. SYMMETRIC INFLOW
The axial velocity was extracted from the measurement planes at 0.075D upstream of
the propeller, for the three propeller operating conditions considered. Linear interpola-
tion was performed between the six measurement planes (Fig. 5.10a) to obtain the axial
velocity at the vertical and lateral positions traced by a blade section at a given radial
coordinate. The results are presented in Fig. 8.1 as the ratio of the velocity obtained for

The contents of this chapter have been adapted from Ref. [132].
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the pylon-on and pylon-off configurations. A radial coordinate of r /R = 0.65 is consid-
ered, because the blade pressure distribution was measured at this position. Markers are
indicated at 2-deg intervals for clarity; the actual resolution of the data was higher.
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Figure 8.1: Effect of propeller thrust setting on the wake velocity deficit experienced by a blade section
at r /R = 0.65, 0.075D upstream of the propeller; α= 0 deg.

Figure 8.1 shows a net decrease in inflow velocity in the pylon wake, with a magnitude
of 19−25% of the local velocity measured for the pylon-off configuration. The maximum
deficit occurred in the center of the wake at a blade position of φ= 180 deg, as expected.
Both the wake width and maximum velocity deficit decreased with increasing propeller
thrust. This is due to the favorable pressure gradient imposed by the propeller. Similar
results have been presented in the literature for turbulent wakes in favorable pressure
gradients (e.g. Ref. [150]). Outside of the wake region, an additional change in velocity
is observed due to the installation of the pylon. This is due to the deceleration of the
flowfield near the pylon trailing edge.

8.1.2. ASYMMETRIC INFLOW
Operation of the pylon-on configuration in asymmetric inflow leads to nonzero load-
ing on the pylon. To assess whether this modified the pylon wake, Fig. 8.2 provides a
comparison of the propeller inflow experienced under symmetric and asymmetric in-
flow conditions. The low thrust case is considered, while the PIV measurements in an-
gular inflow were only taken at a negative angle of attack (α = −6 deg), since that case
offered the best optical access. For clarity, markers are again displayed at 2-deg intervals.

The velocity profiles plotted in Fig. 8.2 show that for the case with angular inflow, the
location of the maximum velocity deficit shifted to a lower circumferential angle than
for the symmetric configuration. Also, the flow deceleration outside of the pylon wake
increased due to the operation at nonzero incidence angle. Both effects are due to the
increased loading on the pylon, which intensified the impact of the pylon on the sur-
rounding flowfield. Yet, the relative velocity deficit and wake width were comparable for
both cases. Therefore, the impact of the wake encounter on the propeller blade loads is
expected to be similar for the symmetric and asymmetric inflow cases. This is verified in
the next section.
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Figure 8.2: Effect of angular inflow on the wake velocity deficit experienced by a blade section
at r /R = 0.65, 0.075D upstream of the propeller; J = 1.75.

8.2. PROPELLER LOADING
The velocity deficit in the pylon wake introduces a nonuniformity into the propeller in-
flow. To quantify the resulting impact on the propeller response, the surface-pressure
transducers and rotating shaft balance were used (Section 5.4.2). Again, the results ob-
tained under symmetric and asymmetric inflow conditions are discussed separately.

8.2.1. SYMMETRIC INFLOW
The unsteady blade loads were analyzed at a radial station of r /R ≈ 0.65. Figure 8.3
presents the development of the normal-force coefficient throughout the rotation, while
Table 8.1 summarizes the corresponding numerical values. Estimates of the uncertainty
of the data were computed from the scatter of repeated measurements taken for the
pylon-off configuration, and are indicated by the error bars plotted in the top left of the
subplots of Fig. 8.3. Data markers are displayed at 15-deg intervals for clarity. The cir-
cumferential blade position is defined with respect to the leading edge of the blade at a
radial station of r /R ≈ 0.65, while the normal-force coefficient is defined with respect to
the dynamic pressure in the rotational frame.

Table 8.1: Effect of pylon installation on the sectional blade-loading characteristics at r /R ≈ 0.65, α= 0 deg.
The normal-force coefficient at the maximum impact of the wake encounter is indicated by cnwake .

J
cn (cn)Pylon-on

(cn)Pylon-off

c ′nrms
cn

cnwake
cn

φ
(
cnwake

)
Pylon-off Pylon-on Pylon-off Pylon-on

1.05 0.546 0.549 1.004 0.006 0.020 1.074 190 deg
1.40 0.320 0.334 1.042 0.016 0.049 1.263 183 deg
1.75 0.150 0.168 1.120 0.030 0.070 1.369 181 deg

Figure 8.3 shows an unexpected sinus-like variation of the section normal-force co-
efficient during the rotation for the pylon-off configuration. This is ascribed to a slight
angular inflow to the measurement setup, caused by a flow perturbation due to the pres-
ence of the in-flow measurement infrastructure. The corresponding inflow angle was
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Figure 8.3: Effect of pylon installation on the normalized section normal-force coefficient at r /R ≈ 0.65,
α= 0 deg. Error bar displayed in the top left of each subplot.

estimated from the data to be approximately 0.2 deg. With the pylon installed, an im-
pulsive increase in blade loading occurred during the wake encounter. Analysis of the
pressure distributions showed that the normal-force increase was mainly due to a local-
ized rise of the pressure jump across the leading-edge part of the blade, as illustrated in
Fig. 8.4 for the intermediate thrust case (J = 1.40). The pressure distribution on the rear
of the blades was hardly affected by the installation of the pylon.
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Figure 8.4: Effect of pylon installation on the pressure jump throughout the rotation at r /R ≈ 0.65; J = 1.40,
α= 0 deg. Pressure coefficient defined with respect to effective dynamic pressure in rotational frame.

The largest impact of the wake on the blade normal force occurred at the low thrust
setting (J = 1.75). In this operating regime, the normal force increased by approximately
35% during the wake encounter when compared to the steady-state value. Consider-
ing the root mean square of the normal-force fluctuations, a similar conclusion can be
drawn: with increasing thrust setting, the relative amplitude of the normal-force fluctu-
ations decreased. The reduction in impact of the wake encounter with increasing thrust
setting has three reasons. First, for a given velocity deficit in the propeller inflow, the ab-
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solute change in angle of attack experienced by a blade section decreases with increas-
ing rotational velocity, hence increasing rotational speed of the propeller. This effect is
further enhanced by the reduction in wake deficit with increasing thrust coefficient, as
shown in Fig. 8.1. Second, with increasing thrust setting the change in inflow angle due
to the wake encounter loses importance relative to the unperturbed value, since the an-
gle of attack of the blade sections increases with decreasing advance ratio. Finally, the
reduced frequency of the wake-encounter phenomenon increases with increasing rota-
tional speed, hence thrust setting. With increasing reduced frequency, the amplitude
of the unsteady load perturbation decreases [114]. For the given blade geometry and
operating parameters, the reduced frequency at r /R ≈ 0.65 equaled 0.28, 0.26, and 0.24
at the fundamental frequency for the high, intermediate, and low thrust conditions, re-
spectively. The unsteady response of the blades also leads to a phase lag between the
peak normal-force response and the location of maximum velocity deficit in the wake
(at φ = 180 deg). This phase lag increased with the thrust setting due to the associated
increase in reduced frequency of the perturbation problem.

Outside of the pylon-wake region, the blade responses for the pylon-off and pylon-
on configurations also differed. Ahead of the wake encounter, the blades experienced
a slight change in loading due to the local deceleration of the flowfield near the pylon
trailing edge. After the wake encounter, the blade response slowly recovered toward the
values recorded for the pylon-off configuration. The load oscillations occurring in this
part of the rotation for the pylon-on configuration seem related to the excitation of the
blades due to the wake passage. However, it is unknown whether they were the result of
purely aerodynamic effects, or possibly a structural response of the blades.

The fluctuations of the suction-peak pressure coefficient were analyzed in the fre-
quency domain to assess the tonal and broadband components of the unsteady blade
loads resulting from the installation of the pylon. Repeated measurements provided
6−17 spectra for each operating condition. Ensemble averaging was performed to ob-
tain the final results, as plotted in Fig. 8.5. Low-amplitude electronic noise was present
in the pylon-off data at frequencies equal to integer multiples of 50 Hz, corresponding to
mains interference.
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Figure 8.5: Effect of pylon installation on the frequency spectra of the suction-peak pressure coefficient at
r /R ≈ 0.65; x/cb = 0.05, α= 0 deg.

129



8

8. PYLON-WAKE ENCOUNTER

The frequency spectra presented in Fig. 8.5 significantly differ between the three
thrust settings. Comparing the pylon-off configurations, a strong increase in broadband
component of the pressure fluctuations can be observed at the high thrust setting (Fig.
8.5a). This was due to the increased turbulence level induced by a leading-edge vortex,
caused by the high blade sweep. The existence of this leading-edge vortex was confirmed
by analysis of the data from the pressure sensors at the other locations on the blade, and
numerical simulations of the isolated propeller discussed in Ref. [134]. For the lower
thrust cases (Fig. 8.5b and 8.5c), the leading-edge vortex was less prominent (J = 1.40)
or absent (J = 1.75). Therefore, the broadband response is lower for these thrust settings.
Instead, at the intermediate and low thrust settings the spectra were dominated by the
fundamental tone at the shaft frequency, while the levels of the harmonics were compar-
atively low. The observed tonal components in the pylon-off data were due to the slight
inflow angularity discussed in conjunction with Fig. 8.3, and should be considered as an
artifact rather than an expected feature of the investigated configuration.

For the pylon-on configurations, the periodic impulsive increase in suction-peak
pressure during the wake encounter led to an increase of the power levels at the shaft
order, and especially its harmonics. The largest tonal pressure oscillations occurred at
the intermediate thrust setting (Fig. 8.5b). The increased turbulence intensity in the
pylon wake amplified the broadband response of the blades at all thrust settings when
compared to the pylon-off configuration.

So far, only results have been presented of the sectional blade loading. To assess
whether the installation of the pylon also impacted the integrated propeller loads, the
RSB data were evaluated. Figure 8.6 depicts the time-averaged propeller performance
measured under symmetric inflow conditions, at the three thrust settings considered for
the APIAN-INF setup throughout the thesis. The corresponding numerical values for the
thrust coefficient are summarized in Table 8.2. The uncertainty of the data is indicated
by error bars displayed at each datapoint for the pylon-off configuration, as computed
by taking the standard deviation of all available repeated measurements.
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Figure 8.6: Effect of pylon installation on the time-averaged propeller performance; α= 0 deg.

From Fig. 8.6 and Table 8.2 it is concluded that the pylon-wake encounter did not
significantly alter the time-averaged propeller performance. At all operating points, the
measured changes in propeller thrust were within the variability of the RSB data. Sim-
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Table 8.2: Effect of pylon installation on the time-averaged propeller thrust coefficient at α= 0 deg.

J
CT ∆CTPylon-off Pylon-on

1.05 0.509±0.001 0.510±0.001 +0.2%
1.40 0.356±0.004 0.357±0.004 +0.3%
1.75 0.183±0.008 0.187±0.008 +1.8%

ilarly small differences were measured for the torque coefficient. This agrees with the
measurement data of Gentry et al. [69], who also concluded that the effect of the py-
lon wake on the time-averaged propeller performance was negligible. The favorable
interference effect due to the nacelle that was observed in that study could not be re-
produced here, since no nacelle was present upstream of the propeller. Note that the
RSB results differ from the higher changes in section normal-force coefficient derived
from the surface-pressure transducers (Table 8.1). However, integrated over the blade
the overall increase in thrust could be smaller than predicted locally at r /R ≈ 0.65 due to
variations in unsteady response of the blade along the span.

8.2.2. ASYMMETRIC INFLOW
The results discussed in Section 8.1 showed that the characteristics of the pylon wake
were comparable for the cases with symmetric and asymmetric inflow. To test the cor-
responding effect of the wake encounter on the propeller loading, Fig. 8.7 provides the
phase-averaged sectional loading data for the pylon-off and pylon-on configurations,
with and without angular inflow. The low thrust condition (J = 1.75) is considered, while
markers are again plotted at 15-deg intervals. The associated numerical data are pro-
vided in Table 8.3.
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Figure 8.7: Effect of pylon installation and angular inflow on the sectional normal-force coefficient at
r /R ≈ 0.65; J = 1.75. Error bar displayed in the top left.

Figure 8.7 confirms that the loading of the isolated propeller becomes unsteady at
nonzero angle of attack. The cyclic changes in the effective velocity experienced by the
blade sections resulted in angle-of-attack perturbations during the rotation, leading to
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Table 8.3: Effect of pylon installation and angular inflow on the sectional blade-loading characteristics at
r /R ≈ 0.65; J = 1.75.

Configuration
cn (cn)α=−6 deg

(cn)α=0 deg

c ′nrms
cn

α= 0 deg α=−6 deg α= 0 deg α=−6 deg
Pylon-off 0.150 0.156 1.039 0.030 0.538
Pylon-on 0.168 0.103 0.614 0.070 0.749

the expected sinusoidal load variations [36, 62]. With the pylon present, a significant
shift is observed in the sectional blade loading when comparing the cases at zero and
negative incidence angle, as confirmed by Table 8.3. Since the blade normal force was
affected throughout the entire rotation, this cannot be due to the more localized pylon-
wake encounter. Instead, the offset is ascribed to an interaction with the tip vortex of
the pylon. Depending on its direction of rotation relative to the propeller, the tip vor-
tex either increases or decreases the rotational velocity experienced by the blade sec-
tions. Consequently, the effective advance ratio is modified due to the interaction with
the tip vortex, thereby affecting the propeller blade loads. For the investigated case at
α = −6 deg, the rotation direction of the tip vortex was the same as that of the pro-
peller, thus decreasing the effective rotational velocity experienced by the blades. Con-
sequently, the blade loading decreased compared to the pylon-off configuration. This
was discussed before by Patterson and Bartlett [26] (see also Section 2.2.2).

Apart from the offset in loading due to the tip-vortex interaction, the sinusoidal fluc-
tuation of the normal force due to the angle of attack was similar for the pylon-off and
pylon-on configurations. Therefore, it is concluded that the pylon did not appreciably
modify the effective incidence angle experienced by the propeller. This opposes the con-
clusions drawn by Magliozzi [66], who attributed a drop in measured noise levels for the
pylon-on configuration at angle of attack to a flow straightening effect due to the pylon.

Figure 8.7 also shows that the wake-encounter effects were comparable under sym-
metric and asymmetric inflow conditions, apart from a 4-deg phase offset between the
blade positions corresponding to the peak normal-force perturbation. This was due to
the asymmetry of the wake profile at nonzero angle of attack, which resulted in a shift of
the maximum velocity deficit toward the blades entering the wake region (Fig. 8.2).

The shift in blade normal force due to the interaction with the pylon tip vortex strongly
modified the propeller performance. Figure 8.8 presents the performance diagrams mea-
sured for the pylon-on configuration, at angles of attack of 0 deg and ±6 deg. The corre-
sponding numerical data are provided in Table 8.4. Linear interpolation was applied to
report the thrust-coefficient values at the three advance ratios considered in the rest of
the chapter. The change in effective advance ratio due to the interaction with the pylon
tip vortex is represented by the parameter ∆Jα. The value of this parameter was approx-
imated by comparing the advance ratios required to obtain the same thrust-coefficient
values under symmetric and asymmetric inflow conditions.

The performance curves plotted in Fig. 8.8 show a critical change of the system’s sen-
sitivity to the pylon-installation effects due to the angular inflow, confirming the trends
observed in the sectional loading data (Fig. 8.7). Operation at positive angle of attack sig-
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Figure 8.8: Effect of angular inflow on the time-averaged propeller performance; pylon-on.

Table 8.4: Effect of angular inflow on the time-averaged propeller thrust coefficient; pylon-on.

J
CT ∆Jα

α= 0 deg α=+6 deg α=−6 deg α=+6 deg α=−6 deg
1.05 0.510 0.567 0.464 −0.13 +0.10
1.40 0.357 0.438 0.302 −0.16 +0.10
1.75 0.187 0.281 0.119 −0.17 +0.11

nificantly increased the propeller thrust and torque at constant advance ratio. Table 8.4
shows that for this case, the effective advance ratio sensed by the blades was decreased
by 0.13 to 0.17 when compared to the symmetric case. Considering the definition of the
angle of attack (Fig. 5.2a), this implies that the effective advance ratio experienced by a
tip-mounted pusher propeller decreases due to the tip-vortex interaction if the propeller
rotation direction is inboard-up. In this way, a given thrust coefficient can be obtained
at reduced rotational speed of the propeller, which is beneficial from both aerodynamic
and acoustic points of view. It should be noted that the measured effects due to the py-
lon tip vortex might have been amplified due to the absence of a nacelle at the tip of the
pylon in the test setup.

8.3. PROPELLER NOISE EMISSIONS
The unsteady blade loads resulting from the pylon-wake encounter introduce an addi-
tional noise-generating mechanism compared to the case without pylon. The periodic
wake encounter phenomenon causes additional tonal noise emissions. The interaction
of the blades with the increased turbulence intensity in the pylon wake constitutes a sec-
ondary effect, which might affect the broadband noise emissions.

8.3.1. SYMMETRIC INFLOW
Sound spectra were computed from the in-flow microphone data to compare the pro-
peller noise emissions with and without the pylon. Figure 8.9 presents the spectra ac-
quired at the high, intermediate, and low thrust settings. The data were obtained us-
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ing the microphone corresponding to an axial emission angle in the propeller plane
(θe = 90 deg), and a circumferential position perpendicular to the pylon (φ = 90 deg).
For reference, measurements of the background noise were taken using a dummy spin-
ner. The corresponding levels are indicated in Fig. 8.9 by the lines without markers. Note
that noise from the wind-tunnel fan overpowered the propeller noise at frequencies be-
low approximately 400 Hz.
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Figure 8.9: Effect of pylon installation on the propeller noise spectra; θe = 90 deg, φ= 90 deg, α= 0 deg.

The spectra depicted in Fig. 8.9 display typical propeller noise signatures. For the
pylon-off configuration, the noise emissions were dominated by the fundamental pro-
peller tone (at f = BPF ). With the pylon present, on the other hand, the noise levels
increased and the harmonics contributed to the overall tonal noise level at all operat-
ing conditions considered. This is due to the impulsive blade-loading change during the
pylon-wake encounter (Fig. 8.3), and was also observed before by other researchers [17].
The overall noise penalty was smallest in high thrust conditions (J = 1.05, Fig. 8.9a), be-
cause at this setting the thickness and steady-loading noise sources associated with the
isolated propeller were dominant. At the selected microphone position, the level of the
fundamental tone even decreased by 2 dB due to the installation of the pylon. At this fre-
quency, the wavelength of the acoustic signal was of the order of the propeller diameter.
Therefore, the observed reduction in tonal noise could have been due to local destruc-
tive interference between the various noise sources. This is treated in more detail in the
discussion of Fig. 8.11. At the other two operating conditions (J = 1.40 and J = 1.75, Fig.
8.9b and 8.9c), the thickness and steady-loading sources were weaker, hence the noise
penalty due to the installation of the pylon was larger. This trend of increasing instal-
lation impact with decreasing thrust condition agrees with the observations published
before by Block and Gentry [14, 64].

The installation of the pylon did not significantly affect the measured broadband
noise emissions. These only stood out of the background noise for the high and interme-
diate thrust cases (for f > 250 Hz and f > 2,500 Hz, respectively). At both thrust settings,
the levels of the broadband noise emissions were the same for the pylon-off and pylon-
on configurations. Apparently, the increase in random fluctuations of the suction-peak
pressure caused by the installation of the pylon (Fig. 8.5) was insufficient to modify the
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broadband component of the noise. The strong increase in broadband noise emissions
at the highest thrust setting observed for the isolated propeller is as expected consider-
ing the spectra of the suction-peak pressure discussed before.

The spectra for the pylon-on configurations contained an additional tone at a fre-
quency of around 1,770 Hz when compared to the pylon-off case. The propeller thrust
setting did not affect the frequency and amplitude of this tone, which was ascribed to
vortex shedding from the pylon trailing edge. This was concluded from analysis of the
velocity fields downstream of the pylon acquired with the PIV setup, as shown in Fig.
8.10. A clear vortex street can be seen traveling downstream, with four shedding periods
visible in the field of view. The shedding length was approximated at 26 mm, while the
local axial velocity equaled around 45 m/s, leading to a shedding frequency of around
1,730 Hz. This is within 2% of the frequency of the tone observed in the sound spectra
(Fig. 8.9), which confirms that the tone was indeed caused by vortex shedding.
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Figure 8.10: Contours of the lateral velocity downstream of the pylon trailing edge (bottom view) indicating
vortex shedding; J = 1.40, α= 0 deg.

Considering the negligible impact of the installation of the pylon on the broadband
noise emissions, the remainder of this section focuses on the tonal noise levels. Figure
8.11 compares the pressure waveforms corresponding to the sum of the first ten pro-
peller tones for the pylon-off and pylon-on configurations. It can be seen that the shapes
of the pressure waveforms were similar among different thrust settings for the pylon-off
configuration. A six-per-revolution cycle can be seen, corresponding to the individual
blade passages. The installation of the pylon increased the complexity of the acous-
tic pressure signals, causing a modification of the noise emissions as discussed before
under Fig. 8.9. The intermediate and low thrust cases displayed a comparable behav-
ior. The amplitude of the positive pressure peaks increased due to the installation of
the pylon, and the impulsive pressure changes on the blades during the wake encounter
enriched the harmonic content of the acoustic signals. At the high thrust setting, a dif-
ferent pattern is observed. The interaction noise component effectively canceled part of
the thickness and steady-loading noise generated by the isolated propeller. As a result,
the installation of the pylon decreased the overall sound pressure level of the propeller
tones at the considered observer position.

Besides the pronounced impact on the levels, the installation of the pylon also af-
fects the directivity of the propeller noise emissions. In the circumferential direction,
the noise penalty due to the pylon installation was relatively constant for the range of
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Figure 8.11: Effect of pylon installation on the acoustic-pressure waveforms corresponding to the sum of the
first ten propeller tones; θe = 90 deg, φ= 90 deg, α= 0 deg.

angles covered by the in-flow microphones. Therefore, only the results measured with
the microphone positioned perpendicular to the pylon (φ= 90 deg) are discussed here.
Figure 8.12 presents the corresponding total tonal noise levels as a function of the axial
emission angle. An interaction noise metric (labeled ‘Interaction’) was defined as the
sound pressure level corresponding to the difference between the pressure signals for
the pylon-on and pylon-off configurations. The resulting values are indicative of the rel-
ative importance of the noise source associated with the pylon-wake encounter and the
noise levels emitted by the isolated propeller.
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Figure 8.12: Effect of pylon installation on the axial directivity of the propeller’s tonal noise emissions;
φ= 90 deg, α= 0 deg.

The data displayed in Fig. 8.12 present a clear directivity effect. The additional noise
due to the installation of the pylon was especially pronounced in the upstream direction.
Regardless of the propeller thrust setting, the interaction noise peaked at an axial emis-
sion angle of about 50 deg. The largest installation impact occurred at the low thrust
setting, with a noise penalty of up to 24 dB. Consequently, the installation of the pylon
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strongly reduced the sensitivity of the noise emissions to the propeller thrust setting. For
the isolated propeller, a difference of 10−20 dB was present between the high and low
thrust cases. With the pylon installed, this decreased to 5−10 dB. The measured directiv-
ity of the interaction noise due to the installation of the pylon matches with numerical
results computed by Stürmer and Yin [71] for the front row of a contra-rotating open
rotor with high blade sweep. Block and Gentry [14, 64], on the other hand, measured a
strong noise penalty in both the forward direction and the aft direction. The exact reason
for this difference is unknown, but it could be related to the significantly different blade
shape used in the current experiment compared to the model used by Block and Gentry.

The directivity patterns measured for the isolated propeller showed unexpected local
drops in the noise level at all three advance ratios. Analysis of the pressure waveforms
showed that this was due to interference between the various noise sources, which might
have locally reduced the measured sound pressure level. For the fundamental tone, with
a wavelength in the order of the propeller diameter, the pressure signals at θe = 80 deg
and θe = 90 deg were completely out of phase. No significant additional peaks were
observed in the spectra apart from those corresponding to the individual blade passages.
Therefore, the possibility of reflections influencing the data seems to be excluded.

8.3.2. ASYMMETRIC INFLOW
Operation of the propeller at angle of attack affects the propeller noise emissions in two
different ways [151]. First, the oscillatory blade loading (Fig. 8.7) introduces a source
of unsteady-loading noise. Second, the crossflow modifies the local Mach number of
the blade sections when rotating toward the observer. The recorded noise levels are in-
creased if the blades travel toward the microphones with increased Mach number, and
vice versa. The relative impact of the two effects depends on the propeller operating
condition. This is illustrated in Fig. 8.13, which presents the axial directivity patterns
measured with the isolated propeller at the high and low thrust settings (Fig. 8.13a and
8.13b). For the low thrust setting, also the data acquired for the pylon-on configuration
are provided (Fig. 8.13c). Results are presented for incidence angles of 0, +6, and −6 deg,
except for the high thrust case for which only data were available at 0 and −6 deg.
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Figure 8.13: Effect of angular inflow on the axial directivity of the propeller’s tonal noise emissions; φ= 90 deg.
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The directivity patterns shown in Fig. 8.13a and 8.13b highlight the shift in acoustic
impact of the angle of attack with the propeller operating point. For the circumferential
directivity angle considered here (φ = 90 deg), the blades traveled toward the micro-
phones at increased Mach number for the positive incidence case. Therefore, at that
condition the highest noise penalty was observed at all thrust settings, since both the
unsteady blade loads and convective-amplification effects resulted in increased noise
levels at the observer location. For the low thrust case at positive angle of attack, the
resulting noise penalty was up to 12 dB when compared to the symmetric-flow case.
At α = −6 deg, on the other hand, the unsteady blade loads increased the noise levels,
which was opposed by a noise decrease due to the reduced blade velocity in the direction
of the microphones. Figure 8.13 shows that the effects due to the unsteady blade loads
were dominant at the low thrust setting, while for the high thrust case the blade Mach
number effects had the largest impact on the overall noise levels. This was confirmed by
analysis of the pressure waveforms corresponding to the data depicted in Fig. 8.13.

As shown in Fig. 8.13c, the installation of the pylon also increased the noise emis-
sions under angular inflow conditions. However, the noise levels were lower than for
the symmetric case in most of the directivity range. Especially for the case at positive
angle of attack, the noise penalty due to the installation of the pylon was significantly
smaller than for the symmetric configuration. To investigate the angular-inflow effects
in more detail, Fig. 8.14 presents the waveforms of the acoustic pressure for the three in-
cidence angles at the low thrust condition (J = 1.75). Note that the results were obtained
at constant advance ratio, which implies that the propeller loading differed considerably
between the three cases (Fig. 8.8).
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Figure 8.14: Effect of pylon installation and angular inflow on the acoustic-pressure waveform corresponding
to the sum of the first ten propeller tones; J = 1.75, θe = 90 deg, φ= 90 deg.

The pressure traces plotted in Fig. 8.14 confirm the complex changes to the sound-
field due to the operation at nonzero incidence angle discussed before. At the negative
angle of attack (Fig. 8.14b), the shape of the waveform corresponding to the isolated
propeller (pylon-off) was modified due to the addition of the noise source caused by the
unsteady blade loads. Operation at positive angle of attack (Fig. 8.14c) increased the
amplitude of the isolated-propeller noise, due to both the unsteady blade loads and the
blade Mach number effect.
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The pylon-installation effects were strongly modified by operation at positive angle
of attack. In this inflow regime, the amplitudes of the positive pressure peaks were hardly
changed by the installation of the pylon, as opposed to the results at zero and negative
angle of attack. Instead, the pylon-wake encounter led to strong negative peaks in the
acoustic waveform. This is likely related to the concurrent effects of the angle-of-attack
perturbations due to the operation at nonzero incidence angle and the installation of
the pylon. At α=+6 deg, the wake encounter occurred in the part of the rotation where
the blade angle of attack decreased due to the angular inflow. Therefore, the velocity
deficit in the pylon wake locally reduced the angle-of-attack disturbance experienced
by the propeller blades. Consequently, the wake encounter resulted in an additional
change of sign of the blade-loading gradient when compared to the cases at α = 0 deg
and α = −6 deg. This explains the additional negative peak in the acoustic waveforms,
and stresses the importance of proper consideration of the propeller rotation direction
for optimal integration of the propellers with the airframe.

8.4. KEY FINDINGS
This chapter has presented a comprehensive analysis of the aerodynamic and aeroa-
coustic interaction effects for pylon-mounted pusher propellers. The unique evaluation
of the flowfields between the pylon and the propeller showed that the suction of the pro-
peller reduces the severity of the pylon-wake encounter. The wake width and velocity
deficit decrease with increasing thrust setting due to the favorable pressure gradient im-
posed by the propeller.

Measurements of the propeller performance confirmed previously published results
by showing that the passage of the blades through the pylon wake has a negligible effect
on the time-averaged propeller forces. In contrast, the impact on the unsteady blade
loads is significant, with a rapid increase in normal force during the wake encounter.
The fluctuating blade pressures modify the amplitude, spectral content, and directivity
of the propeller noise emissions, confirming results published in the literature. The sen-
sitivity of the interaction noise to the propeller operating point is lower than for the noise
sources associated with the isolated propeller. Therefore, the installation of the pylon
reduces the sensitivity of the propeller noise emissions to the thrust setting. The addi-
tional noise due to the unsteady blade loads peaks in the upstream direction, indepen-
dent of the propeller thrust setting. At the lowest thrust setting considered, a maximum
tonal noise penalty of 24 dB was measured. The impulsive nature of the pylon-wake en-
counter enriches the spectral content of the noise emissions. As such, the harmonics
significantly contribute to the overall noise levels for the pylon-on configuration. Only
the tonal noise levels were affected by the pylon-installation effects, while the broadband
levels remained unchanged.

When operating in asymmetric inflow, the pylon tip vortex interacts with the pro-
peller to result in significant modifications of the mean propeller performance. The ro-
tational velocity components induced by the tip vortex affect the effective advance ra-
tio sensed by the propeller, thereby changing the propeller rotational speed required to
achieve a given thrust. The propeller performance is enhanced when the direction of
rotation of the pylon tip vortex is opposite to that of the propeller. The noise penalty due
to the pylon-installation effect can significantly decrease in this condition if the wake
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encounter occurs in the part of the rotation in which the effective rotational velocity is
reduced by the angular inflow. This novel result emphasizes the importance of consid-
eration of the propeller rotation direction for optimal integration of the propellers with
the airframe.
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9
SWIRL-RECOVERY VANES

Chapter 6 showed that wingtip-mounted tractor propellers with inboard-up rotation pro-
vide aerodynamic benefits due to the interaction between the wing and the propeller slip-
stream. However, in the case of a vehicle configuration with co-rotating propellers, i.e.
inboard-up propeller rotation on one side of the aircraft and outboard-up on the other, a
strong asymmetry would arise in the aerodynamic loading. In such a case, swirl-recovery
vanes (SRVs) can be applied to recover the propeller swirl before it interacts with the wing,
thereby mitigating the potential performance penalties. Furthermore, the SRVs can pro-
vide an additional thrust force which enhances the efficiency of the propulsion system.
This chapter first discusses the aerodynamic and aeroacoustic performance of an isolated
propeller with SRVs in Section 9.1. For this case, the data were measured with the APIAN-
INF setup (Chapter 5). Subsequently, a preliminary investigation of a pylon-installed
configuration with SRVs is presented in Section 9.2; for this case, the PROWIM-T setup
(Chapter 3) was used. Finally, the key findings are summarized in Section 9.3. The results
provide unique insights into the effect of SRV installation on the flowfield, the resulting
time-averaged and unsteady aerodynamic interactions, and the noise emissions.

9.1. ISOLATED PROPELLER CONFIGURATION

9.1.1. PROPELLER-SLIPSTREAM FLOWFIELD
The installation of SRVs downstream of the propeller modifies the slipstream flowfield.
The PIV setup discussed in Section 5.4.1 was used to measure the velocity fields for the
cases with and without SRVs. In Ref. [134], these results are compared to CFD data,
which were in turn analyzed for a more detailed quantification of the swirl recovery
achieved by the SRVs.

VELOCITY FIELDS

The goal of the SRVs is to convert the angular momentum of the swirl in the propeller
slipstream into a force in the thrust direction. To compare the distribution of the swirl in

Parts of this chapter have been adapted from Ref. [134].
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the slipstream with and without SRVs installed, Fig. 9.1 presents contours of the phase-
locked tangential velocity at the position of the PIV measurement plane. The interme-
diate thrust condition (J = 1.40) is considered, since at this propeller setting the SRVs
delivered the largest efficiency increase (see Section 9.1.2). No experimental data were
available around X /R = 0.6 for the configuration with SRVs due to reflections from the
nearby SRVs. It should be noted that with the SRVs installed the setup is no longer ax-
isymmetric; hence, the single evaluation plane considered in Fig. 9.1 is not necessarily
representative of the velocity distribution in the entire slipstream.
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Figure 9.1: Effect of SRVs on the phase-locked tangential velocity in the propeller slipstream
at Z /R = 0.03, J = 1.40.

The contours of the tangential velocity plotted in Fig. 9.1 indicate that the SRVs re-
duced the swirl in the propeller slipstream. Downstream of the SRVs (X /R ≥ 0.6), the
tangential velocity component was decreased over the radial extent of the slipstream
covered by the SRVs (Y /R < 0.9) when compared to the result obtained for the isolated
propeller. Because of the cropping of the SRVs relative to the propeller diameter, the
swirl in the outboard region of the slipstream (Y /R ≥ 0.9) could not be recovered. In
fact, the swirl velocity was enhanced in this region due to the loading on the SRVs. Up-
stream of the SRVs, a small increase in the tangential velocity occurred. This is due to the
upwash induced by the loaded SRVs. The wakes of the propeller blades can be seen in the
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slipstream as vertical bands of increased tangential velocity (e.g. at X /R = 0.9), which be-
come increasingly crescent when convecting downstream due to the nonuniform axial
and tangential velocity distributions in the slipstream. The tip vortices of the propeller
blades can be recognized by the pronounced velocity perturbations at the edge of the
slipstream (Y /R ≈ 1.0). At a streamwise coordinate of X /R ≈ 2.0, the tip vortex from the
nearest SRV entered the measurement plane at Y /R ≈ 0.9 and started interacting with
the tip vortex of the propeller blade [134]. This affected the trajectory of the tip vortex
from the SRV, which as a result displayed an oscillating behavior.

To provide a quantitative comparison between the cases without and with SRVs, pro-
files of the time-averaged tangential and axial velocity were extracted from the evalua-
tion plane, at X /R = 1.5 downstream of the propeller. The corresponding results are
given in Fig. 9.2, which includes the data for all considered propeller thrust settings.
Markers are plotted at every fifth datapoint for clarity, while the uncertainty of the data
is indicated by the gray shading surrounding the measured average values.

The tangential-velocity profiles (Fig. 9.2a, 9.2c, 9.2e) confirm the conclusions drawn
from Fig. 9.1. The largest reductions in swirl were obtained in the radial part of the
slipstream covered by the SRVs (Y /R < 0.9), while for Y /R ≥ 0.9 no benefits could be
achieved because of the cropping of the SRVs. Near the root of the SRVs, a negative tan-
gential velocity occurred, indicating that the velocity induced by the SRVs overcompen-
sated the original swirl in the propeller slipstream. At the high thrust setting (J = 1.05,
Fig. 9.2a), a tip vortex of one of the SRVs crossed near the considered evaluation loca-
tion (X /R = 1.5). This caused the negative gradient in the tangential velocity around
0.7 < Y /R < 0.8.

From the axial-velocity profiles (Fig. 9.2b, 9.2d, 9.2f) it is concluded that for the high
thrust condition (J = 1.05, Fig. 9.2b), the installation of the SRVs decreased the axial
velocity at the measurement location over most of the considered radial extent. At this
operating point, relatively high tangential velocities occur in the slipstream (Fig. 9.2a),
causing a large inflow angle to the SRVs. CFD simulations showed that this resulted in
leading-edge separation over a large part of the span of the SRVs, reducing the axial ve-
locity in the downstream part of the slipstream [134]. At the intermediate and low thrust
settings, on the other hand, the installation of the SRVs increased the axial velocity in the
part of the slipstream in which the swirl was recovered (Y /R < 0.85).

SWIRL RECOVERY

The results shown in Figs. 9.1 and 9.2 are only representative of a single horizontal plane
in the slipstream of the propeller–SRV configuration. The swirl-recovery performance of
the SRVs was quantified by analyzing the changes in rotational kinetic energy flow∆Ėkrot

and total kinetic energy flow ∆Ėktot caused by the propulsion system over the entire pro-
peller disk:

∆Ėkrot =
Ï

disk

1

2
ρ∞ |Va|V 2

t dA, (9.1)

∆Ėktot =
Ï

disk

1

2
ρ∞

(|Va|V 2 −V 3
∞

)
dA. (9.2)
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Figure 9.2: Effect of SRVs on the time-averaged velocity in the propeller slipstream at X /R = 1.5, Z /R = 0.03.

The required data were extracted from the CFD simulations discussed in Ref. [134]. Inte-
gration was performed up to a radial coordinate of r /R = 1.3, which was sufficiently far
away from the slipstream edge to make sure all tangential velocity components had van-
ished to zero. Table 9.1 reports the ratio of rotational kinetic energy flow to total kinetic
energy flow for the cases with and without the SRVs, at all considered propeller thrust
settings. It can be seen that the relative contribution of the swirl component to the total
kinetic energy flow was decreased by the installation of the SRVs at all thrust settings.
The swirl was reduced most effectively at the intermediate thrust condition (J = 1.40),
with a decrease of 46% compared to the isolated propeller.
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Table 9.1: Change in integral ratio of rotational to total kinetic energy flow due to installation of the SRVs.

J
∆Ėkrot /∆Ėktot

SRVs off SRVs on Change due to SRVs
1.05 8.5% 5.5% −35%
1.40 4.6% 2.5% −46%
1.75 2.0% 1.3% −35%

9.1.2. PROPULSIVE PERFORMANCE
The propulsive efficiency of the propeller–SRV configuration depends on the thrust of
both components, and the propeller torque. The SRVs are designed to generate thrust
by deflecting the flow in the propeller slipstream into the axial direction. In turn, the
presence of the SRVs might affect the propeller performance due to upstream interfer-
ence. Both effects are discussed separately.

PROPELLER PERFORMANCE

With the SRVs installed, the inflow to the propeller is modified when compared to the
isolated propeller case. Similarly as for propeller–wing interactions (see Sections 2.2.1
and 6.2.4), the axial component of the inflow velocity vector decreases due to block-
age, while the local tangential velocity component experienced by the blade sections
decreases due to the upwash caused by the SRVs. Since these two effects oppose each
other, the final modification of the propeller performance depends on the solidity of
the SRVs, their loading, and the propeller–SRV spacing. Table 9.2 displays the measured
time-averaged propeller thrust and torque for the configurations with the SRVs on and
off. The RSB only measured the forces and moments generated by the rotating part of
the setup, so the contribution of the SRVs to the total propulsive performance is not in-
cluded in Table 9.2. A measure of the variability of the experimental data was obtained
by taking the standard deviation of repeated acquisitions for the isolated propeller.

Table 9.2: Effect of SRVs on the time-averaged propeller performance.

J
CT CQ

SRVs off SRVs on SRVs off SRVs on
1.05 0.509±0.001 0.510±0.001 0.152±0.001 0.152±0.001
1.40 0.356±0.003 0.357±0.003 0.107±0.001 0.106±0.001
1.75 0.184±0.008 0.187±0.008 0.058±0.003 0.055±0.003

The performance data provided in Table 9.2 show that the overall upstream effect of
the SRVs on the time-averaged propeller performance was limited. The differences be-
tween the propeller thrust and torque obtained with and without the SRVs were within
the variability of the RSB measurements. The accompanying CFD analyses predicted a
small but systematic increase in propeller thrust and torque of around 1% due to instal-
lation of the SRVs at all operating conditions [134]. This computed increase in loading
with SRVs installed is in disagreement with previous experimental results published by
Gazzaniga and Rose [79] and Dittmar and Hall [86], who showed an unloading of the
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propeller due to the installation of SRVs. This is likely the result of differences in SRV so-
lidity, loading, and propeller–SRV spacing, and not only affects the propulsive efficiency
of the system but also the acoustic performance, as discussed in Section 9.1.3.

Whereas the change in time-averaged propeller performance due to the upstream ef-
fect of the SRVs was only around 1% of the performance of the isolated propeller, the flow
perturbations introduced by the SRVs might still have induced nonnegligible unsteady
loading on the propeller blades. Figure 9.3 presents the unsteady component of the
blade normal-force coefficient as a function of the circumferential position of the lead-
ing edge of the instrumented propeller blade. The circumferential positions of the SRVs
(Fig. 5.8) are indicated by the dotted lines. The unsteady normal force was extracted from
the experimental data by integrating the pressures measured with the miniature pressure
transducers installed in the propeller blades (Section 5.4.2). The influence of the viscous
forces was thus neglected, while the results were nondimensionalized with the local ef-
fective dynamic pressure, including the rotational velocity of the blade. As discussed
in Section 8.2.1, the measured unsteady blade-loading data displayed a dominant one-
per-revolution sinusoidal perturbation due to a small flow angularity induced by the in-
flow measurement infrastructure. Since this effect was not related to the SRVs, it was
removed from the data by subtracting the unsteady normal-force component measured
for the isolated propeller. The error bars shown in Fig. 9.3 represent the standard de-
viation of the measured unsteady normal-force coefficient, as computed from repeated
measurements at constant operating conditions.
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Figure 9.3: Unsteady propeller blade loading at r /R ≈ 0.65 caused by the upstream effect of the SRVs. SRV
locations indicated by the dotted lines.

Figure 9.3 confirms the expected perturbation of the propeller blade loading due to
the installation of the SRVs. A periodic loading cycle can be observed, at a frequency
equal to the number of SRV passages in one revolution. During an SRV passage, the
sectional propeller blade loading increased by a small but systematic amount at all pro-
peller thrust settings. The peak-to-peak amplitude of the sectional normal-force coeffi-
cient equaled at most about 0.8% of the time-averaged result at the high thrust setting
(J = 1.05), increasing up to 2.3% at the lowest thrust setting (J = 1.75). The low-frequency
sinusoidal perturbation on the measured signal at the high-thrust condition (J = 1.05,
Fig. 9.3a) is a remaining artifact related to the small inflow angularity in the experiment
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discussed before. Comparison of the measured results with CFD data showed that the
peak-to-peak amplitude of the unsteady loading may have been underpredicted by the
experiment at the highest thrust setting. For this case, the finite frequency response of
the pressure sensors resulted in a smoothing of the peaks in the pressure response [134].

SWIRL-RECOVERY-VANE PERFORMANCE

Since the SRVs used in the experiment were not instrumented, the CFD simulations dis-
cussed in Ref. [134] were considered to extract the contribution of the SRVs to the system
thrust. Table 9.3 presents the results in terms of the thrust generated by the SRVs and the
associated increase in propulsive efficiency (∆η = ηSRVs-on −ηSRVs-off). Even though the
SRVs are stationary, the thrust coefficient of the SRVs was defined based on the rotational
speed and diameter of the propeller to allow for a direct comparison with the propeller’s
thrust contribution.

Table 9.3: Contribution of the SRVs to the propulsive performance.

J CTSRV ∆η

1.05 0.002 0.002
1.40 0.003 0.007
1.75 −0.002 −0.009

Table 9.3 shows that the SRVs generated a small amount of positive thrust at the high
and intermediate thrust settings (J = 1.05 and J = 1.40), with a maximum associated
efficiency gain of 0.7%. Analysis of the CFD data highlighted that under these condi-
tions, the performance of the SRVs was limited by flow separation on the inboard part
of the vanes, and an inefficient pitch-angle distribution near the tip of the vanes [134].
At the low thrust condition (J = 1.75), the thrust decreased due to the installation of the
vanes. Although the SRVs generated a significant force in this condition, this force was
not aligned with the thrust direction. As a result, despite of the achieved swirl recovery
(Table 9.1), the overall thrust of the propeller–SRV configuration decreased.

Since the flowfield in the propeller slipstream is unsteady (Fig. 9.1), the SRVs expe-
rience an unsteady inflow with dominant perturbations caused by the propeller blade
wakes and tip vortices. This leads to cyclic loading around the time-averaged result.
Analysis of the numerical data [134] showed that especially at the high thrust condi-
tion (J = 1.05), a clear peak in the unsteady loading occurred near the tip of the SRVs,
caused by the interaction with the tip vortices of the propeller blades. Upon decreasing
the thrust setting, the strength of the propeller tip vortices decreases, while the reduced
slipstream contraction leads to a larger separation between the vortices and the SRVs.
As a result, the unsteady loading decreased significantly compared to the case at high
thrust, and the peak caused by the vortex interaction practically disappeared.

Compared to the unsteady loading on the propeller blades (Fig. 9.3), the absolute
amplitude of the load fluctuations on the SRVs was about one order of magnitude larger.
This is in agreement with the results published by Li et al. [83] based on numerical sim-
ulations with a profile-transformation method. The absolute amplitude of the load os-
cillations increased with increasing propeller blade loading (decreasing advance ratio),
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as expected. Relative to the time-averaged loading, on the other hand, the peak-to-peak
amplitude of the unsteady loading amounted to approximately 20% at all thrust condi-
tions considered (averaged over the span of the SRVs). Previous work for contra-rotating
propellers and turbomachinery has suggested that the unsteady loads on the SRVs may
be decreased by increasing the propeller–SRV spacing [84], or using the active technique
of blowing from the propeller [152, 153].

9.1.3. ACOUSTIC PERFORMANCE
Although the installation of the SRVs increased the propulsive efficiency at the interme-
diate and high propeller thrust settings, it also introduced two additional noise sources.
The upstream interaction of the SRVs with the propeller causes unsteady loading on the
propeller blades (Fig. 9.3). Moreover, the time-dependent velocities induced by the pro-
peller blade wakes and tip vortices lead to fluctuating loads on the SRVs [134].

To investigate the noise penalty caused by the installation of the SRVs, both the tonal
and broadband components of the sound emissions were considered. Figure 9.4 dis-
plays waveforms of the (phase-averaged) harmonic content of the noise emissions for
the configurations with and without the SRVs, for all considered thrust settings. In ad-
dition, Fig. 9.5 provides sound spectra obtained at the high thrust setting (J = 1.05),
with the markers indicating the sound pressure levels at frequencies corresponding to
integer multiples of the propeller blade-passage frequency. The spectrum of the back-
ground noise is included for reference. The sound spectra for the intermediate and low
thrust settings are omitted, since for these cases the broadband noise emissions of the
propeller–SRV configuration were mostly below the background noise floor. Moreover,
at J = 1.75 the fundamental tone could only be extracted from the recorded data using
the phase-averaging technique, since its level was below that of the wind-tunnel noise.
The data presented in Figs. 9.4 and 9.5 were acquired using the microphone positioned
at an axial emission angle in the propeller plane (θe = 90 deg) and a circumferential di-
rectivity angle of φ= 90 deg.
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Figure 9.4: Effect of SRVs on the acoustic-pressure waveforms at θe = 90 deg, φ= 90 deg.

Figures 9.4 and 9.5 highlight an increase in amplitude of the tones at the higher har-
monics of the blade-passage frequency with SRVs installed. For the isolated propeller,
the sound emissions are dominated by the fundamental propeller tone at 1 ·BPF . With
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Figure 9.5: Effect of SRVs on the sound spectrum at J = 1.05, θe = 90 deg, φ= 90 deg.

the SRVs present, on the other hand, the noise emissions change significantly: additional
high-frequency pressure oscillations are observed in the waveforms at all thrust settings
(Fig. 9.4). At the high thrust setting (J = 1.05), the amplitude of several of the higher
harmonics increased by up to 16 dB due to installation of the SRVs (Fig. 9.5).

The higher levels of the harmonics with SRVs installed impact the overall tonal noise
levels of the propeller–SRV configuration. This is best illustrated by the development of
the cumulative tonal noise levelΣSPL with increasing number of harmonics included in
the summation. This quantity was defined as:

ΣSPL = 20log10

rms

(
nBPF∑
i=1

pi ·BPF

)
20 ·10−6 , (9.3)

where nBPF is the number of blade-passage-frequency multiples included in the sum-
mation and pi ·BPF is the acoustic pressure associated with the tone at the i th multiple
of the blade-passage frequency. Equation 9.3 was evaluated for the first ten multiples of
the blade-passage frequency, considering the configurations with and without the SRVs
installed. The results are plotted in Fig. 9.6. For the isolated propeller, the level of the
fundamental tone was practically equal to the total tonal noise level based on a sum-
mation of the first 10 tones, for all propeller thrust settings. With the SRVs installed, the
cumulative tonal noise level increased significantly upon including additional harmon-
ics. The importance of the high-frequency content to the tonal sound pressure level was
found to increase with increasing advance ratio due to the associated reduction of the
time-averaged propeller blade loading. Note that at the intermediate and low thrust set-
tings, the cumulative tonal noise level based on the first propeller tones was lower with
SRVs installed than for the isolated propeller. This was due to destructive interference
between the noise sources associated with the isolated propeller and the SRVs. This also
explains the reduction in strength of the tone at 2 ·BPF for the case at J = 1.05 (Fig. 9.5).

The increase in the tonal noise emissions with SRVs installed is in disagreement with
the results published by Dittmar and Hall [86]. However, in their case the measured de-
crease of the noise emissions was attributed to unloading of the propeller with the SRVs
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installed, which did not occur in the current study as discussed in relation to Table 9.2. In
contrast to the tonal noise emissions, the broadband component was not affected by the
installation of the SRVs at the hight thrust setting (Fig. 9.5). Therefore, it is concluded
that for this propeller operating point the broadband noise generated by the isolated
propeller dominated the broadband noise emitted from the SRVs. For the intermediate
and low thrust settings, the broadband emissions from the propeller–SRV configuration
were too low to be distinguished from the background noise, and hence no conclusions
can be drawn regarding the impact of the installation of SRVs on the broadband noise
levels for these propeller settings.

To study the directivity of the noise emissions with SRVs installed, the microphone
measurements were taken over a range of axial directivity angles θ (defined in Fig. 5.12b).
Figure 9.7 presents the resulting summed tonal noise levels (based on the first 10 tones)
as a function of the axial emission angle. The sound pressure levels were scaled to a con-
stant observer distance, equal to the distance between the propeller center and the mi-
crophone corresponding to θe = 90 deg (rmic = 2.84 m). The directivity patterns recorded
for the isolated propeller feature a number of unexpected irregularities due to interfer-
ence between the various noise sources, as discussed before in Section 8.3.1.

Figure 9.7 shows that the impact of the installation of the SRVs on the tonal noise
emissions varies with the propeller thrust setting. Integrated over the considered axial
emission range, noise penalties were measured of 3 dB, 5 dB, and 7 dB for the high, in-
termediate, and low thrust conditions, respectively. At the high thrust setting (J = 1.05,
Fig. 9.7a), the noise sources associated with the isolated propeller were dominant in
the forward direction (θe < 90 deg). Since the steady-loading noise source decreases in
amplitude with decreasing propeller thrust setting, the additional noise caused by the
installation of the SRVs became significant over the entire directivity range at the lowest
thrust setting (J = 1.75, Fig. 9.7c). In this condition, the noise penalty was mainly due to
an increase in the sound pressure levels of the higher harmonics (Fig. 9.6).
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Figure 9.7: Effect of SRVs on the axial directivity of the tonal noise emissions at φ= 90 deg.

9.2. INSTALLED PROPELLER CONFIGURATION
In case of aircraft configurations with co-rotating propellers, asymmetric loading occurs
due to the different interaction effects on the sides of the inboard-up and the outboard-
up rotating propeller. This can be mitigated by reducing the swirl in the propeller slip-
stream before it interacts with the airframe. As shown in Section 9.1, the necessary swirl
reduction can be achieved using swirl-recovery vanes. A preliminary investigation was
performed with a propeller–SRV–pylon configuration to quantify the effects of the SRVs
on the system’s aerodynamic performance. A typical pylon-mounted configuration was
considered, since for the wingtip-mounted configuration the beneficial aerodynamic in-
teraction (Chapter 6) would always favor an aircraft layout with counter-rotating pro-
pellers (inboard-up on both sides). Note that the experimental setup used for this pur-
pose (Section 3.3.3) was different from the one employed to study the effects of SRVs
on the isolated propeller configuration. No detailed aeroacoustic measurements were
performed with this setup. Preliminary investigations with wall-mounted microphones
showed that the installation of the SRVs caused the same phenomena as discussed in
Section 9.1.3: an increase in amplitude of the tonal noise which was especially pro-
nounced for the higher harmonics, and an overall noise penalty which increased with
decreasing propeller thrust setting.

9.2.1. PROPULSIVE PERFORMANCE
The propulsive performance of the propeller–SRV combination (without pylon) was mea-
sured using the sting-mounted variant of the PROWIM-T setup (Section 3.3.1), which
was connected to the external balance. The SRVs were mounted on the nacelle through
integrated 3-mm thick interfaces. To account for the additional drag of these interfaces,
the reference measurements without the SRVs were taken with dummy interfaces in-
stalled on the nacelle at the same axial position as the SRVs. Figure 9.8 displays the
effect of the SRVs on the system thrust coefficient at α = −0.2 deg (due to a small mis-
alignment). The absolute values of the thrust coefficient measured at ReD = 620,000 are
plotted in Fig. 9.8a for the configurations with and without the SRVs, together with cor-
responding third-order curve fits through the individual data points. Figure 9.8b plots
the change in thrust coefficient due to installation of the SRVs, at Reynolds numbers of
ReD = 470,000, 620,000, and 780,000.
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Figure 9.8: Effect of SRVs on the thrust coefficient of the isolated propeller at α=−0.2 deg.

Figure 9.8a shows that the impact of the SRVs on the system thrust was small at the
reference Reynolds number of ReD = 620,000. At the design advance ratio of J = 0.7, the
thrust was increased by 0.7% due to the installation of the SRVs. This decreased upon
decreasing the thrust setting due to the associated reduction of the swirl in the propeller
slipstream. For J > 0.8 (CT < 0.095), the installation of the SRVs decreased the system
thrust because the additional friction drag could no longer be overcome by the positive
thrust contribution due to swirl recovery.

To extend the range of attainable thrust coefficients and assess potential Reynolds-
number effects, measurements were also taken at ReD = 470,000 and ReD = 780,000.
From Fig. 9.8b it can be seen that the performance gain offered by the SRVs increased
with increasing propeller thrust setting, and thus increasing swirl, reaching a level of
1.4% of the thrust of the isolated propeller at the highest thrust setting considered (J =
0.5, CT = 0.168). The small size of the SRVs in the experiment led to low Reynolds num-
bers based on the SRV chord. For the range of Reynolds numbers considered, this made
the SRV thrust relatively sensitive to the freestream conditions. At a given propeller set-
ting, the SRV thrust increased with increasing Reynolds number. At higher Reynolds
numbers, more representative of flight, the performance of the SRVs could therefore be
better than measured in the experiment. The sudden drop in SRV performance around
J = 0.75 at ReD = 780,000 could be an artifact introduced by the curve-fitting process.

9.2.2. PYLON PERFORMANCE
Besides generating thrust, in the installed configuration the SRVs can minimize the asym-
metric loading occurring in case of a co-rotating vehicle configuration. This is especially
relevant for pylon-mounted or horizontal-tailplane-mounted configurations, for which
the drag benefits due to tip-vortex attenuation and swirl recovery (Chapter 6) may not
be sufficient to offset the increased complexity of a counter-rotating propeller layout.
The external balance was used to measure the forces on the propeller–SRV–pylon con-
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figuration depicted in Fig. 3.12 at ReD = 640,000. The forces generated by the pylon
with nacelle were then isolated by subtracting the propeller forces measured with the
sting-mounted configuration, thus neglecting the upstream effect of the pylon on the
propeller. Measurements were taken with the inboard-up configuration at J = 0.7 and
δf = 0 deg only. Considering the symmetry of the model, the results for the outboard-up
rotation case could be obtained by flipping the inboard-up rotation data (Eq. 3.1). The
resulting lift and drag polars are shown in Fig. 9.9.
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Figure 9.9: Effect of SRVs on the pylon lift and drag polars (propeller forces subtracted) at J = 0.7; δf = 0 deg.

For the configuration without SRVs, the lift and drag polars presented in Fig. 9.9 fea-
ture the phenomena discussed in Section 6.2. With the propeller on, the lift increases
with inboard-up rotation and decreases with outboard-up rotation due to the opposite
swirl angle induced by the propeller. This also leads to an asymmetry in the drag po-
lar, due to the combined effects of tip-vortex attenuation and swirl recovery. In gen-
eral, the inboard-up case displays better performance at positive lift coefficients and the
outboard-up rotation case at negative lift coefficients. At a given angle of attack, the re-
sulting asymmetric loading on a vehicle with a co-rotating propeller arrangement would
lead to a combined rolling moment (due to the lift differences) and yawing moment (due
to the drag differences).

By reducing the swirl in the propeller slipstream, the SRVs decrease the asymmetry
in loading between the inboard-up and outboard-up rotation cases. This is confirmed
by Fig. 9.9, which shows that both the lift and drag polars became more symmetric by
installation of the SRVs. The reduction in swirl upstream of the pylon decreases the local
change in angle of attack experienced by the pylon, thereby mitigating the asymmetry
in loading due to the propeller–pylon interaction. This was confirmed by analysis of the
sectional pylon lift at a spanwise location inside the propeller slipstream, as presented
in Fig. 9.10. The reduced swirl in the slipstream directly translates into a shift of the
sectional loading toward the propeller-off result, both with inboard-up and outboard-
up rotation. Still, an offset remains due to the dynamic-pressure rise in the slipstream
and because the SRVs most likely did not eliminate all swirl from the slipstream.
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Figure 9.10: Effect of SRVs on the pylon section lift polars at a spanwise station inside the slipstream
(Y /ss = 0.666) at J = 0.7 (except propeller-off data); δf = 0 deg.

Apart from the modification of the aerodynamic loading, the installation of the SRVs
also increased the maximum lift coefficient (Fig. 9.9). Propeller-off measurements with
the SRVs installed showed that this was not due to the loading on the wing, but instead
due to the forces generated by the SRVs. This is consistent with Fig. 9.10, which indicates
that the maximum local lift coefficient of the pylon did not increase due to the installa-
tion of the SRVs (compared to the propeller-on result without SRVs). This signifies the
potential importance of the circumferential distribution of the SRVs, which could possi-
bly be optimized to maximize the lifting potential of the SRVs.

9.3. KEY FINDINGS
This chapter has discussed the aerodynamic and aeroacoustic performance of a pro-
peller with swirl-recovery vanes, both in isolated and (pylon-)installed configurations.
The SRVs convert part of the swirl in the propeller slipstream into thrust, thereby low-
ering the thrust requirement for the propeller. In this way, the required power input
to the propeller can be reduced and hence the efficiency of the propulsion system in-
creased. Furthermore, the reduction of the swirl in the propeller slipstream can alleviate
asymmetric aerodynamic loading in the case of vehicle configurations with co-rotating
propellers (i.e. inboard-up on one side of the aircraft and outboard-up on the other).

9.3.1. ISOLATED CONFIGURATION
The measurements with the isolated propeller configuration showed that the tested SRVs
decreased the time-averaged tangential velocity in the propeller slipstream, at all thrust
settings considered. Computations showed that the relative rotational kinetic energy
was decreased by approximately 46% due to application of the SRVs at an intermediate
thrust setting. Consequently, the propulsive efficiency increased by 0.7% at this operat-
ing condition. The performance of the SRVs was limited by stall occurring on the inboard
part of the vane, which could have been prevented by a local increase of the pitch angle.

The installation of SRVs introduces two aerodynamic interaction mechanisms. The
upstream perturbation of the flowfield experienced by the propeller leads to fluctuating
propeller loads. The peak-to-peak amplitude of the blade normal force at r /R ≈ 0.65
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was 1−2% of the local time-averaged loading, with the highest relative unsteady loads
occurring at the lowest propeller thrust setting. The integral propeller loading, on the
other hand, remained practically unaffected. In addition to the upstream interaction,
the downstream impingement of the propeller blade wakes and tip vortices on the SRVs
causes unsteady SRV loading. The amplitude of the unsteady loads increases toward the
tip of the SRVs due to the strong interaction with the propeller tip vortices.

The unsteady interactions between the propeller and the SRVs introduce two addi-
tional noise sources. Far-field microphone measurements showed that the installation
of the SRVs increased the tonal noise emissions, while the recorded broadband noise
emissions were not affected. The increase in tonal noise was manifested mostly by a
significant amplification of the levels of the higher harmonics. This especially affected
the system noise emissions at low propeller thrust setting, for which the noise penalty
was up to 7 dB. At higher thrust settings, the tonal noise penalty was lower at 3−5 dB.
Multidisciplinary optimization of the SRV design could be employed to minimize the
interaction-noise penalty while maximizing the aerodynamic benefits.

9.3.2. INSTALLED CONFIGURATION
Based on preliminary investigations with a pylon-mounted tractor propeller, it is con-
cluded that SRVs can successfully be applied to reduce asymmetric loading on vehicles
with a co-rotating propeller arrangement. By decreasing the swirl in the propeller slip-
stream, the interaction effects caused by the propeller slipstream are reduced, thereby
decreasing the difference in aerodynamic response for the cases with inboard-up and
outboard-up propeller rotation. For the case with inboard-up rotation, the installation
of the SRVs increased the maximum lift coefficient due to the forces generated by the
SRVs. This highlights the potential importance of the circumferential distribution of the
SRVs, which could be optimized to maximize the SRVs’ lifting potential.
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FLOW-PERMEABILITY AT THE

PYLON LEADING EDGE

Chapter 7 quantified the unsteady pylon loads caused by propeller-slipstream impinge-
ment for tractor configurations. These unsteady loads are a potential source of structure-
borne noise. Previous work confirmed that a flow-permeable leading edge can allevi-
ate comparable unsteady loads due to rotor–stator and blade–vortex interactions. The
present chapter analyzes the time-averaged and unsteady performance of flow-permeable
leading-edge inserts applied to alleviate unsteady pylon loading for a tip-mounted tractor-
propeller configuration. The geometry of the inserts was not optimized; instead, it was
based on previous work available in the literature. Section 10.1 first analyzes the effect of
the flow-permeable leading edges on the time-averaged pylon performance without pro-
peller. Subsequently, Section 10.2 visualizes the slipstream impingement phenomena at
the flow-permeable leading edges and quantifies the effects on the far-field noise levels. Fi-
nally, Section 10.3 addresses the key findings. The data were obtained with the PROWIM-
US setup described in Chapter 4, operated at J = 0.8 for the propeller-on measurements.

10.1. TIME-AVERAGED PYLON PERFORMANCE WITHOUT

PROPELLER
The effect of the flow-permeable leading edges on the time-averaged aerodynamic per-
formance of the pylon was initially considered without the propeller. The flowfield mea-
surements were taken with the pylon–propeller setup (Fig. 4.3) with the blades removed,
while the performance data were acquired with the extended pylon setup (Fig. 4.6).

10.1.1. FLOWFIELDS AROUND THE LEADING-EDGE INSERTS
The LEFOV PIV setup (Section 4.4.1, Fig. 4.7d) was used to characterize the flowfield
around the leading-edge inserts at angles of attack of 0 and 6 deg. Figure 10.1 presents

The contents of this chapter have been adapted from Ref. [122].
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contours of the velocity magnitude measured around the solid leading edge. These ve-
locity fields served as baseline to which the flowfields measured with the flow-permeable
inserts were compared. Figure 10.2 provides contours of the resulting difference in veloc-
ity magnitude with respect to the solid pylon for the four flow-permeable configurations.
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Figure 10.1: Velocity magnitude around the solid leading-edge insert; propeller-off.
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The velocity fields shown in Fig. 10.1 for the solid pylon display the expected features
for a symmetric airfoil. At an angle of attack of 0 deg (Fig. 10.1a), the flowfield is sym-
metric, with a stagnation point at the leading edge of the profile. Increasing the angle
of attack to 6 deg (Fig. 10.1b) causes the velocity to rise on the suction side of the pylon
(Y /c > 0), while the stagnation point moves toward the pressure side of the profile.

The velocity-difference fields provided in Fig. 10.2 highlight the significant impact
of the flow-permeable inserts on the flowfield, especially at nonzero angle of attack. At
an angle of attack of 0 deg (Fig. 10.2a), the velocity near the flow-permeable inserts in-
creased around the stagnation point due to the local permeability of the pylon. More-
over, compared to the solid pylon, the boundary-layer thickness increased on both sides
of the pylon. This is attributed to a combination of increased surface roughness, viscous
losses in the holes and cavity of the flow-permeable inserts, and the change in effective
outer shape due to flow passing through the flow-permeable inserts. Comparing the re-
sults for the different inserts, it can be concluded that the changes to the boundary-layer
behavior become larger with increasing hole diameter and cavity depth.

When increasing the angle of attack to 6 deg (Fig. 10.2b), the pressure difference
across the inserts increases. The effect of the P05C1 insert on the flowfield surrounding
the pylon leading edge was relatively small. In contrast, a strong impact on the flowfield
can be observed for the inserts with cavity depths of 3 and 5 mm. The thick boundary
layer developing on the suction side of these inserts changed the effective thickness dis-
tribution of the airfoil, moving the suction peak downstream and decreasing its ampli-
tude. The strong modification of the flowfield on the suction side of the pylon suggests
that flow passed through the flow-permeable inserts from the pressure side to the suc-
tion side. To assess whether this throughflow was present, the lateral velocity component
(in the Y -direction) was analyzed near the suction side of the P10C3 insert. Figure 10.3
displays contours of the time-averaged results and the root mean square of the instan-
taneous flowfields. The lateral velocity is defined positive in the positive Y -direction,
hence outflow on this side of the insert would correspond to a positive lateral velocity.

The time-averaged data (Fig. 10.3a) show a pattern of narrow regions near the surface
in which the amplitude of the lateral velocity was increased. The chordwise locations at
which this occurred correspond to the locations of the holes in the P10C3 insert. This
suggests that flow indeed passed through the holes of the insert, which then caused the
changes to the flowfield displayed in Fig. 10.2. At the same locations, the fluctuations of
the lateral velocity component (Fig. 10.3b) also peaked, with a root-mean-square level
comparable to that of the time-averaged result. This could hint at a pulsating outflow
from the flow-permeable inserts, as discussed previously by Tinetti et al. [87, 88] Follow-
ing the experimental work detailed in the present thesis, also a computational study was
performed with a similar geometry at the same operating conditions [154]. The numeri-
cal results obtained in that study support the outflow mechanism described above.

10.1.2. PYLON BOUNDARY LAYER
To quantify the changes to the boundary layer caused by the flow-permeable inserts,
velocity profiles were extracted from the measured flowfields. Figure 10.4 presents the
resulting velocity profiles on the suction side of the pylon as a function of the nondimen-
sional wall-normal coordinate Yn/c. The corresponding boundary-layer profiles on the
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Figure 10.3: Lateral velocity component (Y -direction) on the suction side of the P10C3 insert at α= 6 deg;
propeller-off.

pressure side are shown in Fig. 10.5. Note that different ranges are used for the horizon-
tal axis of both figures. Three chordwise positions are considered, corresponding to loca-
tions on top (Xpyl/c = 0.08), at the end (Xpyl/c = 0.10), and downstream (Xpyl/c = 0.12) of
the flow-permeable part of the leading-edge inserts. Because of reflections, the bound-
ary layers could not be resolved up to the surface of the pylon. Instead, the first data
point is positioned at approximately 0.003c above the surface. The local boundary-layer
thickness was approximated from the velocity profiles as the wall-normal coordinate of
maximum velocity. Table 10.1 summarizes the data for both the suction side and the
pressure side at Xpyl/c = 0.12, just downstream of the flow-permeable part of the inserts.
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Figure 10.4: Boundary-layer profiles on the suction side of the pylon at α= 6 deg; propeller-off.
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Figure 10.5: Boundary-layer profiles on the pressure side of the pylon at α= 6 deg; propeller-off.

Table 10.1: Effect of flow-permeable leading edges on the normalized boundary-layer thickness at
Xpyl/c = 0.12; α= 6 deg, propeller-off.

Configuration (δ/c)suc (δ/c)pres

Solid 0.006 0.005
P05C1 0.012 0.007
P05C3 0.022 < 0.003
P05C5 0.025 0.004
P10C3 0.023 < 0.003

The boundary-layer profiles plotted in Figs. 10.4 and 10.5 confirm the conclusions
drawn from the flowfields shown in Figs. 10.1 and 10.2. Compared to the solid pylon
configuration, the cases with flow-permeable leading-edge insert show a thickening of
the boundary layer on the suction side. Moreover, the flow-permeable insert amplifies
the growth of the boundary-layer thickness in the chordwise direction, as can be seen by
comparison of Fig. 10.4a, 10.4b, and 10.4c. Both effects become stronger with increas-
ing cavity depth, while the hole diameter has a smaller effect. On the pressure side, on
the other hand, the boundary-layer thickness decreased compared to the solid baseline
for the P05C3, P05C5, and P10C3 configurations. This is also shown by the data in Table
10.1, and confirms that flow passed through the flow-permeable inserts from the pres-
sure side to the suction side of the pylon. This is further supported by the departure in
shape from a regular turbulent boundary layer that can be seen in Fig. 10.4 for the flow-
permeable configurations. For the P10C3 insert, a change in slope of the velocity profile
occurred at a wall-normal coordinate of around Yn/c = 0.008 at Xpyl/c = 0.10 (Fig. 10.4b)
and Xpyl/c = 0.12 (Fig. 10.4c). A local increase in velocity can be seen, which is attributed
to the additional momentum coming through the distinct holes in the leading-edge in-
sert. The local velocity maxima could not be identified in the boundary-layer profiles
for the configurations with the smaller hole diameter (Dhole = 0.5 mm). For these in-
serts, the throughflow is divided over a larger number of holes, hence the viscous losses
are higher and the local velocity perturbation through each hole is smaller than for the
P10C3 insert.
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10.1.3. LIFT AND DRAG PERFORMANCE
The changes to the flowfield resulting from the installation of the flow-permeable in-
serts affect the aerodynamic performance of the pylon. The lift and drag of the flow-
permeable inserts was determined using the test setup with the extended pylon config-
uration (Fig. 4.6). The average sectional lift at the spanwise position of the leading-edge
inserts was determined from the wall-pressure-tap data following Eq. 4.1, as discussed
in Section 4.4.2. The sectional drag was obtained from the wake-rake measurements, as
also explained in Section 4.4.2. Figure 10.6 presents the resulting sectional lift and drag
as a function of angle of attack for the five pylon configurations. The lift data were ob-
tained over an angle-of-attack range spanning from −6 up to +12 deg, while the drag
measurements were taken at six angles of attack in the range of −6 up to +9 deg.
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Figure 10.6: Aerodynamic performance of the leading-edge inserts.

The lift polars depicted in Fig. 10.6a highlight the strong dependence of the lift per-
formance at higher angle of attack on the design of the flow-permeable insert. For angles
of attack between approximately −6 and +6 deg, the lift increased linearly with angle of
attack for all inserts, with a lift gradient lower than the theoretical value of 2π expected
from thin-airfoil theory. This was due to nonnegligible induced effects caused by the 2-
mm gaps on both ends of the pylon (Fig. 4.6), which were implemented in the setup to
allow for external balance measurements. Compared to the solid pylon, the configura-
tions with flow-permeable insert displayed a reduction of the lift slope. The performance
decreased nonlinearly with increasing hole diameter and increasing cavity depth. Con-
sidering that the results for the P05C3 and P05C5 inserts were equivalent, it is concluded
that increasing the cavity depth beyond a limit value no longer has a significant effect on
the generated lift. The reduced performance of the flow-permeable inserts was due to
the flow through the permeable surface, mitigating the pressure difference at the leading
edge of the pylon. As shown in Figs. 10.1 and 10.2, the inflow and outflow mechanism
changed the effective outer shape of the insert. This resulted in a decrease in amplitude
of the suction peak, hence a reduction of the lift. Note that the PIV evaluations were
performed on the propeller–pylon setup (Fig. 4.3), and thus the effective angle of attack
at the measurement plane might have been different from the one experienced in the
performance measurements taken with the extended pylon setup.
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At higher angle of attack, the lift decreased significantly compared to the solid base-
line for the P05C3, P05C5, and P10C3 inserts. The strongest effect was observed for the
insert with the largest hole diameter, for which the throughflow will have been the most
severe. The insert with the smallest cavity depth (P05C1), on the other hand, displayed
better performance. For this insert, the significant drop in lift at higher angle of attack
only occurred at α = 12 deg, while at lower angle of attack the reduction in section lift
coefficient was within ±0.05 compared to the solid pylon.

Figure 10.6b displays increased drag due to installation of the flow-permeable in-
serts. This was as expected considering the associated increase in boundary-layer thick-
ness shown in the previous sections. The insert with smallest hole diameter and cavity
depth (P05C1) displayed the smallest drag penalty. Compared to the solid insert, the de-
velopment of drag coefficient with angle of attack was similar for this configuration, al-
beit at levels up to approximately two times higher. For the flow-permeable inserts with
larger cavity depth, on the other hand, the drag coefficient started to increase rapidly at
angles of attack of 6 deg and above. This matches with the flowfields presented in Figs.
10.1 and 10.2, and the lift response observed in Fig. 10.6a.

The results provided in Fig. 10.6 show reduced lift and significantly increased drag for
the flow-permeable inserts. However, the largest unsteady loading due to the interaction
with the slipstream occurs at the spanwise location of tip-vortex impingement (Chapter
7). Therefore, in a realistic application possibly only a small spanwise part of the pylon
needs to be covered with porosity to achieve reductions of the unsteady loads. Conse-
quently, the absolute lift and drag penalties for a pylon treated with a flow-permeable
insert would be smaller than the change measured over the spanwise extent of the in-
sert. Therefore, a projection was made of the aerodynamic performance of a realistic
pylon with flow-permeable treatment along 10% of the span, hence only covering the
spanwise part around the tip-vortex impingement location. The corresponding effec-
tive aerodynamic span of the flow-permeable inserts was scaled based on the approach
described in the discussion of Eq. 4.1. Figure 10.7a presents the resulting pylon lift as a
function of angle of attack. In terms of the pylon drag, a drag penalty was computed rel-
ative to the results obtained for the solid baseline configuration, as shown in Fig. 10.7b.
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Figure 10.7: Projected aerodynamic performance for a pylon with 10% of the span treated with a
flow-permeable leading edge.
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Figure 10.7a highlights that application of a 10%-span flow-permeable insert hardly
affects the lift performance of the pylon. This is particularly relevant for wing-mounted
or tailplane-mounted configurations, for which the lifting performance of the aerody-
namic surface is more important than for the pylon-mounted case. For the P05C1 con-
figuration, only a slight reduction in lift can be observed at the highest angle of attack
considered (α = 12 deg). The other flow-permeable configurations would decrease the
lift performance for angles of attack beyond 6 deg. The maximum drop in lift coefficient
was approximately 15% at the highest angle of attack considered.

From Fig. 10.7b it can be seen that the projected drag increase for the complete pylon
would be 5−100%, depending on the configuration and angle of attack. For the P05C1
configuration, the drag penalty remained within 10% at all studied angles of attack. The
reduced drag penalty observed for this configuration at higher angle of attack is due to
transition on the solid baseline configuration. At low angle of attack, the natural transi-
tion point on the solid pylon will have been more downstream than for the P05C1 con-
figuration because of the lower surface roughness of the solid model. This corresponds
to lower skin-friction drag for the solid pylon, hence a drag penalty for the P05C1 con-
figuration. At higher angle of attack, on the other hand, the natural transition point on
the solid pylon will have also moved toward the leading edge. As a result, the relative
drag penalty of the P05C1 insert decreased at higher angle of attack. The P05C3, P05C5,
and P10C3 inserts displayed larger drag penalties, especially at high angle of attack. This
is as expected considering the sectional drag performance of these inserts displayed in
Fig. 10.6b. The largest increase in drag occurred for the P10C3 configuration, with a
projected drag penalty of approximately 35% at an angle of attack of 6 deg.

At higher Reynolds numbers, more representative of flight, the extent of laminar flow
on the solid pylon would decrease when compared to the situation in the experiment.
The associated increased drag on the solid pylon would lead to a reduction of the relative
drag penalty caused by the flow-permeable inserts, analogously to the above discussion
of the impact of transition on the drag penalty of the P05C1 insert.

10.2. PROPELLER-SLIPSTREAM IMPINGEMENT AT THE PYLON

LEADING EDGE
The interaction between the propeller slipstream and the pylon leading edge was visual-
ized using the LEFOV PIV setup (Section 4.4.1, Fig. 4.7d). Phase-uncorrelated and phase-
locked measurements were taken to assess the effects of the flow-permeable inserts on
the time-averaged and unsteady flowfields around the pylon leading edge. Moreover,
stereoscopic PIV measurements with the CWFOV setup (Section 4.4.1, Fig. 4.7c) were
used to compare velocity fluctuations near the leading edge of the pylon. These data
were complemented by far-field acoustic data obtained with a microphone array, which
are related to the pressure fluctuations on the pylon surface.

10.2.1. TIME-AVERAGED PYLON RESPONSE
The phase-uncorrelated velocity fields measured with the propeller on were used to
compute the time-averaged pressure field around the pylon leading edge. Pressure dis-
tributions were then extracted as close as possible to the pylon, which corresponded to
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an offset of 0.0075c from the surface. Figure 10.8 presents the pressure distributions at
vertical locations in the wake impingement region (Z /R = 0.74, Fig. 10.8a) and tip-vortex
impingement region (Z /R = 0.97, Fig. 10.8b), for an angle of attack of α= 0 deg. The er-
ror bars shown in the top left of both subplots indicate the 95% confidence interval of
the pressure data. Markers are displayed for clarity at chordwise intervals of 0.03c; the
actual spatial resolution of the data was about 20 times higher (see Table 4.3).
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Figure 10.8: Pressure distributions around the leading-edge inserts at 0.0075c from the surface; α= 0 deg.

Compared to the solid pylon, the effect of the flow-permeable inserts on the pres-
sure distribution was comparable in the wake impingement region (Fig. 10.8a) and the
tip-vortex impingement region (Fig. 10.8b). For the flow-permeable configurations, the
suction peak displaced downstream toward the end of the flow-permeable part of the
inserts, and increased in magnitude compared to the solid pylon. Similar modifications
to the pressure distribution occur for a clean airfoil by increasing the profile thickness
and/or moving the location of maximum thickness aft [155]. This matches with the
change in effective aerodynamic shape of the pylon observed before in Figs. 10.1 and
10.2 for the case without the propeller, which was attributed to crossflow through the
flow-permeable inserts. Similar conclusions were drawn by Tinetti et al. [87–89] and Mi-
neck and Hartwich [156]. The downstream displacement of the suction peak was also
found in the numerical research of Lee [90], although in that case the amplitude of the
suction peak decreased due to the application of porosity. This was also observed in the
present study (Fig. 10.2), but only at a higher effective angle of attack than for the data
shown in Fig. 10.8.

For a given configuration, significant differences can be observed between the pres-
sure distributions measured in the wake impingement region (Z /R = 0.74, Fig. 10.8a)
and the tip-vortex impingement region (Z /R = 0.97, Fig. 10.8b). This is due to the radial
gradients of axial and tangential velocity in the propeller slipstream. At Z /R = 0.74, the
effect of the propeller is to increase the axial velocity. As a result, the local dynamic pres-
sure was higher than the freestream dynamic pressure, hence the pressure coefficient
at the stagnation point increased beyond unity. Near the edge of the slipstream, on the
other hand, the axial velocity increment is approximately zero, hence the dynamic pres-
sure was about equal to the freestream value. The distribution of the tangential velocity
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in the propeller slipstream causes an increased effective angle of attack at Z /R = 0.74.
This leads to a stronger suction peak and larger pressure differential across the suction
and pressure sides of the pylon than at the edge of the slipstream.

10.2.2. FLOWFIELDS AROUND THE LEADING-EDGE INSERTS
The time-dependent interaction between the propeller slipstream and the pylon leading
edge was visualized using the phase-locked measurements taken with the LEFOV PIV
setup. Figure 10.9 presents the corresponding velocity fields at time instants before, dur-
ing, and after impingement of the tip vortex on the pylon leading edge. These time in-
stants correspond to relative propeller blade phase angles of φ′ =−17.5 deg, φ′ = 0 deg,
andφ′ =+27.5 deg, respectively, withφ′ = 0 deg taken as the phase angle corresponding
to the blade location at the approximate time of tip-vortex impingement. The measure-
ments were taken at the tip-vortex impingement location (Z /R = 0.97). An in-depth
analysis of the tip-vortex impingement process for the solid pylon configuration was
presented in Chapter 7. The below discussion focuses on the changes to the flowfield
induced by the flow-permeable leading edges.
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Figure 10.9: Velocity fields before, during, and after impingement of the tip vortex on the pylon leading edge
at Z /R = 0.97; α= 0 deg.
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Before impingement of the vortex on the pylon leading edge (Fig. 10.9a), the dom-
inant effect of the flow-permeable inserts is to increase the boundary-layer thickness
on the pylon, consistent with the propeller-off data presented in Section 10.1. A small
angle of attack is induced by the slipstream, changing the flowfields compared to the
propeller-off case shown in Figs. 10.1 and 10.2.

When the tip vortex impinges (Fig. 10.9b), it has already started bending around the
pylon leading edge. Initially, the flowfield remains practically unaffected by the leading-
edge configuration. However, once the vortex has traveled downstream (Fig. 10.9c), the
effect of the flow-permeable insert becomes more pronounced. The viscous interaction
of the vortex with the pylon boundary layer leads to dissipation, reducing the strength of
the vortex near the pylon surface [45]. This process is amplified when the boundary-layer
thickness is increased. Moreover, the increased boundary-layer thickness also causes
the vortex core to move away from the pylon surface, which is further enhanced by the
outflow from the flow-permeable surface on the suction side of the model (Fig. 10.3).

Both the reduction in strength of the vortex and the displacement of the core away
from the surface should reduce the pressure fluctuations on the pylon surface. In prin-
ciple, these two effects could also be achieved using a rough surface, assuming the same
boundary-layer growth could be achieved as displayed here for the cases with flow-per-
meable insert. However, a flow-permeable insert enables two additional mechanisms:
the flow through the holes and cavity leads to additional dissipation, while the com-
munication between regions of high and low pressure alleviates local pressure gradients
and thus unsteady loading. These effects are smallest for the insert with the smallest
cavity depth (P05C1), which is as expected considering the flowfields measured for the
propeller-off case (Figs. 10.1 and 10.2).

10.2.3. FLOWFIELDS AROUND THE ENTIRE PYLON
In addition to the local measurements near the leading edge provided by the LEFOV
setup, the CWFOV PIV setup was used to obtain phase-locked velocity fields around the
pylon at the vertical position of tip-vortex impingement (Z /R = 0.97). For this setup,
data are only available for the solid and P10C3 configurations. To illustrate the results
obtained with the CWFOV setup, Fig. 10.10 presents an example phase-locked flowfield
for the solid pylon configuration, displaying contours of the axial velocity. In addition
to the velocity field, isolines of normalized vorticity ω∗

Z =ωZ D/Vdisk are superimposed,
with Vdisk the effective velocity at the propeller disk estimated from actuator-disk theory
[36]. The two crosses indicate the positions at which velocity fluctuations were extracted,
as presented in Fig. 10.11.

Figure 10.10 shows the tip vortices being convected downstream along the pylon
chord. The spanwise shearing of the propeller slipstream (discussed in Chapters 6 and
7) caused the vortex cores to gradually move away from the measurement plane on both
sides of the pylon. On the advancing side, the slipstream displaces in the direction away
from the propeller axis. As a result, the vortices crossed the measurement plane, as can
be seen from the vorticity contours. This led to strong induced velocities in the field of
view. On the retreating side, the slipstream displaces toward the propeller axis. There-
fore, the vortices were above the measurement plane and thus their effect on the mea-
sured velocity field was smaller.
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Figure 10.10: Flowfield around the solid pylon at Z /R = 0.97 and φ= 0 deg; α= 0 deg.

To analyze the local unsteadiness near the pylon, time histories of the fluctuating
velocity magnitude were extracted at 0.0375c from the surface at Xpyl/c = 0.08. Figure
10.11 presents the results for the solid and P10C3 configurations. The measurement data
were acquired for a single blade passage only; these data were repeated for the remaining
three blade passages to describe the response over a complete revolution. The error
bar plotted in the top left of the subplots represents the 95% confidence interval of the
respective velocity component from PIV.
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Figure 10.11: Velocity fluctuations at 0.0375c from the pylon surface at Xpyl/c = 0.08 (i.e. at the markers
indicated in Fig. 10.10) at Z /R = 0.97; α= 0 deg. Error bar shown in top left of subplots.
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The waveforms displayed in Fig. 10.11 highlight the strong effect of the tip-vortex
passage on the velocity field around the pylon. Since locally the axis of the vortex was
mostly aligned with the X ,Y -plane, the tangential velocities induced by the vortex led to
strong fluctuations of the vertical velocity component (in the Z -direction). The rotation
direction of the vortex was such that the vertical velocity increased, i.e. a velocity com-
ponent away from the propeller axis, when the vortex approached the sampling location
(see Fig. 7.5). The measured velocity fluctuations were largest on the advancing blade
side, as expected from Fig. 10.10. This is due to the spanwise shearing of the slipstream,
as discussed above. Because of the tilting of the vortex path relative to the measurement
plane, the velocities induced by the vortices also modified the other components of the
velocity vector at the sampling location. The spanwise shearing in the direction away
from the propeller axis on the advancing side led to an increase in axial velocity there,
while the opposite occurred on the retreating side.

The flow through the holes and cavity of the flow-permeable insert at least partially
mitigated the local velocity fluctuations caused by the periodic impingement of the tip
vortices on the pylon. On the retreating side, the thicker boundary layer (Fig. 10.9)
caused increased dissipation of the vortex compared to the solid configuration, which
is reflected by the reduced velocity fluctuations in the Z -direction. Compared to the
solid baseline, the root mean square of the fluctuations decreased by about 35% by ap-
plication of the flow-permeable insert. The throughflow mechanism increased the fluc-
tuations in the Y -direction, albeit with small amplitude compared to the other velocity
components. On the advancing side, on the other hand, the velocity fluctuations in the
Y -direction decreased by the flow through the flow-permeable insert. This also seems to
apply to the Z -component, although in that case the peak amplitudes could be affected
by the relatively coarse sampling. The reduced velocity fluctuations near the surface are
promising in view of the desired reduction of the unsteady pylon loads.

10.2.4. FAR-FIELD ACOUSTIC DATA
The flowfield information provided by the PIV measurements was complemented by far-
field acoustic data acquired with the microphone array discussed in Section 4.4.4. The
impingement of the propeller slipstream on the pylon causes periodic velocity and pres-
sure fluctuations on the pylon surface, as discussed in the previous sections. The pres-
sure fluctuations lead to tonal noise radiated from the pylon. Although it will be shown
that the sound pressure level of these tones is negligible compared to the noise emitted
by the propeller, the levels can still serve as an indirect measure of the unsteady pressure
fluctuations on the pylon. Therefore, the far-field acoustic data measured with the mi-
crophone array can be used to assess the potential mitigation of structure-borne noise
offered by the flow-permeable inserts.

Figure 10.12 presents example sound-source maps for the solid pylon at frequencies
of 2 and 5 times the blade-passage frequency. The source maps confirm that the airborne
noise associated with the pressure fluctuations on the pylon is negligible compared to
the steady-loading noise emitted by the propeller. However, the nonzero pressure fluc-
tuations on the pylon can still be experienced as an additional noise source inside the
cabin via the structure-borne noise path. Therefore, a reduction of these pressure fluc-
tuations can increase passenger comfort.
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Figure 10.12: Sound-source maps for the solid pylon configuration.

To separate the sound emitted from the propeller and the pylon, source power inte-
gration was performed over the two sectors defined in Fig. 4.10. Figure 10.13 compares
the resulting sound pressure levels for the different pylon configurations over a range of
1/3-octave bands. It can be seen that the propeller noise was hardly affected by the pylon
configuration, while the pylon noise decreased compared to the solid baseline for two of
the flow-permeable inserts (P05C3 and P10C3). Furthermore, a noise increase from the
pylon can be observed at high frequency for the P10C3 insert, albeit at levels significantly
below the dominant noise at low frequency. These results are discussed in detail in the
paragraphs below.

Note that at low frequency, the resolution of the microphone-array data was insuffi-
cient to distinguish the propeller and pylon noise sources (Eq. 4.2). As a result, the levels
obtained in sector II (Fig. 10.13b) also contained a contribution due to the propeller. Al-
though this effect gradually decreased with increasing frequency, it means that the data
from sector II could only be used to study relative differences in sound emissions from
the pylon with respect to the solid baseline configuration.

Propeller Noise The upstream effect of the different leading-edge inserts on the pro-
peller was investigated in more detail by analysis of narrowband spectra of the propeller
noise emissions, as determined by integration of the sound sources in the area surround-
ing the propeller (sector I in Fig. 4.10). Figure 10.14 presents the resulting spectra for a
frequency range including the first 4 propeller tones. To illustrate the difference in up-
stream effect for the various pylon configurations, the standard deviation was computed
from the tonal levels measured at each multiple of the blade-passage frequency. Small
values of the resulting standard deviations indicate a limited upstream effect of the dif-
ferent inserts on the propeller noise.

Figure 10.14 shows that the propeller noise emissions were practically independent
of the installed leading-edge insert. Tones were recorded at the first 4 multiples of the
blade-passage frequency, while broadband noise was dominant at higher frequency. The
variation in tonal levels for the different pylon configurations was lowest at the funda-
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Figure 10.14: Narrowband propeller noise spectra for the different leading-edge configurations, obtained
from source power integration in sector I of Fig. 4.10.

mental frequency (1 ·BPF ), for which the standard deviation of the sound pressure level
was 0.3 dB. The tonal amplitudes at the higher blade-passage-frequency multiples were
lower, leading to an increased variation of at most ±1 dB. For the 1/3-octave-band levels
(Fig. 10.13a), the standard deviation of the measurements for the different leading-edge
inserts decreased to a maximum of 0.3 dB over the entire frequency range.

Pylon Noise The small difference between the propeller noise spectra shown in Fig.
10.14 confirms that the upstream effect of the pylon on the propeller did not depend on
the installed leading-edge insert. Therefore, any difference between the measured noise
signatures in the pylon integration area (sector II in Fig. 4.10) should have been due to a
change in response at the pylon itself. The far-field tonal noise extracted from the pylon
sector could therefore be used as an indirect measure of the pressure fluctuations on the
leading-edge inserts.

The results presented in Fig. 10.13b already indicated a change in noise emissions
from the pylon for the different leading-edge configurations. Figure 10.15 presents the
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data as difference in sound pressure level with respect to the results recorded for the
solid baseline configuration (∆SPL). Positive values of ∆SPL indicate reductions of the
measured sound pressure level by application of the flow-permeable inserts. Both the
1/3-octave-band levels (Fig. 10.15a) and the tonal levels (Fig. 10.15b) are considered.
The data uncertainty is indicated by the dashed lines in Fig. 10.15a and by the error
bars in Fig. 10.15b. The associated values correspond to the standard deviation of the
repeated propeller noise measurements, evaluated as the maximum over each of the
1/3-octave bands in Fig. 10.15a and separately at each multiple of the blade-passage
frequency in Fig. 10.15b.
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Figure 10.15: Reduction in far-field acoustic pressure emitted by the flow-permeable inserts with respect to
the solid pylon, obtained from source power integration in sector II of Fig. 4.10.

The 1/3-octave-band data presented in Fig. 10.15a indicate that the P05C1 insert did
not have a significant effect on the noise emissions from the pylon for frequencies up to
about 8 times the blade-passage frequency. The P05C3 and P10C3 inserts, on the other
hand, provided a far-field noise reduction of 2 to 3 dB in this frequency range. This indi-
cates that the pressure fluctuations at the surface were reduced by application of these
flow-permeable inserts, hence the interaction mechanism caused by the impingement
of the propeller slipstream was at least partially mitigated. The observed differences
between the P05C3 and P10C3 inserts were approximately within the measurement un-
certainty for frequencies up to 6 times the blade-passage frequency.

At high frequency ( f /BPF > 7), the P10C3 configuration displayed a strong noise in-
crease compared to the solid pylon. As shown in Fig. 10.16, the associated broadband
noise source was found near the leading edge of the pylon and did not occur with the
solid leading edge. The mechanism causing the noise penalty at high frequency for the
P10C3 insert is as of yet unknown. However, it was also observed in numerical simula-
tions of a similar geometry at the same operating conditions [154]. A previous study [96]
focusing on porous treatments applied at the trailing edge of airfoils showed similar re-
sults, which were attributed to increased surface roughness due to the flow-permeable
material. It should be noted that the absolute sound pressure level in this frequency
range was well below that at low frequency, and thus the additional noise-generating
mechanism did not noticeably affect the overall sound pressure level.
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Figure 10.16: High-frequency broadband noise generation at the leading edge of the P10C3 insert;
6.7 ≤ f /BPF ≤ 13.4 (resolution < 0.6R).

The tonal levels shown in Fig. 10.15b confirm the observations made based on the
1/3-octave-band levels. At the dominant fundamental frequency (1 ·BPF ), the P05C1
configuration returned a decrease in sound pressure level of only 0.8 dB, whereas the
P05C3 and P10C3 configurations displayed reductions of 1.9 dB and 2.8 dB, respectively.
For these two inserts, significant reductions of the far-field sound emissions also oc-
curred at the higher harmonics. Therefore, it is concluded that the P05C3 and P10C3
inserts offered more effective unsteady-load alleviation than the P05C1 insert. This high-
lights the sensitivity of the unsteady-load alleviation to the cavity depth. Comparing the
trends in unsteady-load alleviation with the time-averaged aerodynamic-performance
data (Fig. 10.6), which indicated increased throughflow for the P05C3 and P10C3 inserts,
it is concluded that the throughflow mechanism has a key impact on the unsteady-load
alleviation obtained by installation of the flow-permeable inserts. However, the through-
flow also reduces the time-averaged performance of the inserts at nonzero angle of at-
tack. Therefore, when designing flow-permeable inserts a careful trade-off is required
between time-averaged aerodynamic performance and unsteady-load alleviation.

10.3. KEY FINDINGS
This chapter has focused on quantifying the potential of a flow-permeable leading edge
to alleviate the unsteady loading caused by propeller-slipstream impingement. A pro-
peller was positioned upstream of a pylon featuring replaceable leading-edge inserts. A
solid insert was used as baseline to which the results obtained with four different flow-
permeable inserts were compared.

From the velocity fields acquired with particle-image velocimetry, it is concluded
that the application of a flow-permeable leading edge strongly modifies the flowfield
around the pylon, especially at nonzero angle of attack. The flow through the holes
and cavity of the flow-permeable insert causes an increase in boundary-layer thickness,
thereby modifying the effective outer shape of the pylon. This was particularly pro-
nounced for the inserts with larger cavity depths. The resulting lift performance was
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shown to be reduced, especially at angles of attack above 6 deg. Also, the drag increased,
which was concluded to be the result of viscous dissipation and increased surface rough-
ness compared to the solid pylon model.

The increase in boundary-layer thickness resulted in a local reduction in strength
of the propeller blades’ tip vortices due to increased viscous interaction, while the vor-
tices also displaced away from the surface. Furthermore, the flow through the holes
and cavity caused additional dissipation. Consequently, the velocity fluctuations in-
duced by the blade tip vortices decreased by up to 35% near the pylon surface in the
tip-vortex impingement region. Microphone-array measurements showed that this led
to reduced far-field noise, suggesting a reduction in pressure fluctuations at the pylon
surface. Larger reductions in far-field noise and thus pressure fluctuations were ob-
tained from the inserts with larger cavity depth. Therefore, it is concluded that a careful
trade-off is required between time-averaged aerodynamic performance and unsteady-
load alleviation when designing the flow-permeable inserts.
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PYLON TRAILING-EDGE BLOWING

The wake-encounter phenomenon for pusher propellers discussed in Chapter 8 causes a
significant noise penalty. Pylon blowing can eliminate the momentum deficit in the wake,
thereby removing the physical mechanism driving the adverse interaction. This chapter
assesses the working principles of pylon trailing-edge blowing by quantifying the reduc-
tion in installation penalty at the source: the fluctuating propeller blade loads. The re-
sulting benefits to the far-field noise levels, confirmed previously in the literature, are also
discussed. The presented comprehensive study provides unique evidence of the efficacy of
trailing-edge blowing for the suppression of interaction noise due to the wake encounter, a
potentially significant noise source for pusher propellers. Following a characterization of
the pylon-wake flowfields with and without blowing in Section 11.1, the suppression of the
unsteady propeller blade loads is first discussed in Section 11.2. Subsequently, Section 11.3
evaluates the corresponding changes in propeller noise emissions, and relates these to the
changes in the flowfield due to pylon blowing. Finally, the key findings are summarized in
Section 11.4. The results were measured with the APIAN-INF setup described in Chapter 5.
The chapter focuses on propeller operating conditions for which the additional noise due
to the pylon-installation effects was relevant and identifiable. Therefore, the data were
obtained at an intermediate thrust setting (J =1.4, CT = 0.36), unless otherwise stated.

11.1. PYLON-WAKE FLOWFIELD
The goal of the trailing-edge blowing system is to cancel the momentum deficit in the
pylon wake, thereby alleviating the unsteady propeller blade loads and eliminating the
associated noise penalty caused by the wake encounter. To assess whether the wake was
indeed filled successfully, PIV measurements of the pylon-wake flowfield (Section 5.4.1)
were performed for the cases with and without blowing. Similarly to the results pre-
sented in Section 8.1, all measurements were taken with the thrusting propeller present.
For reference, the inflow to the isolated propeller (pylon-off) was also evaluated.

Parts of this chapter have been adapted from Refs. [133] and [157].
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Figure 11.1 provides an overview of the measurement results, displaying contours of
the axial velocity for the cases with and without blowing under symmetric inflow con-
ditions. The blowing coefficient cṁ was defined as cṁ = ṁ/ρ∞V∞Aout (Eq. 5.1). The
results obtained in the PIV plane located at 69% of the propeller radius below the pro-
peller axis (Z /R = 0.69) are discussed in detail in Sections 11.1.1 and 11.1.2 for symmet-
ric and asymmetric inflow conditions, respectively. This measurement plane was chosen
because it was closest to the position of the pressure sensors on the instrumented pro-
peller blade when it passed through the center of the pylon wake. The outflow from the
blowing system was reasonably constant upstream of the outboard part of the propeller
blades (0.6 ≤ Z /R ≤ 1.0, see Fig. 5.7). Therefore, similar results were obtained from the
lowest 4 measurement planes, except for the one at Z /R = 0.79 since this plane was lo-
cated downstream of one of the struts in the blowing system (Fig. 5.7).
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Figure 11.1: Effect of trailing-edge blowing on the velocity deficit in the pylon wake in symmetric inflow.

11.1.1. SYMMETRIC INFLOW
Figure 11.2 presents the mean velocity fields for the pylon-off and pylon-on (unblown
and blown) configurations, in terms of the magnitude of the total velocity vector at Z /R =
0.69. Additionally, contours of the total turbulence intensity are depicted in Fig. 11.3 to
quantify the unsteadiness of the flow in the wake region. The mean velocity field governs
the harmonic features of the wake encounter, while the turbulence intensity affects the
broadband response (Chapter 8). The blown results shown in Figs. 11.2 and 11.3 were
obtained at a blowing coefficient of cṁ = 1.6.
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Figure 11.2: Effect of pylon installation with and without blowing on the time-averaged velocity magnitude
upstream of the propeller; Z /R = 0.69.
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0.100.140.180.22

0.14 0.18 0.22 0.26
/ Dl

D

Tu
rb

ul
en

ce
 in

te
ns

ity
 T

u
 

0.00
0.01
0.02
0.03
0.04
0.05
0.06
0.07

c) Pylon-on, cṁ = 1.6

Figure 11.3: Effect of pylon installation with and without blowing on the turbulence intensity upstream of the
propeller; Z /R = 0.69.

Figure 11.2 confirms that the blowing system reduced the velocity deficit in the pylon
wake. Outside of the wake region, the velocity was lower for all pylon-on configurations
than for the pylon-off case. This was caused by the local deceleration of the flow due
to the presence of the pylon, as discussed before in Section 8.1. For all cases, the suc-
tion of the propeller induced a positive velocity gradient toward the propeller. From Fig.
11.3 it can be seen that the turbulence intensity was small for the pylon-off configura-
tion. The velocity fluctuations increased toward the propeller, because the turbulence
intensity was computed using the complete data set, involving all phase angles. Since
the dependency of the flowfield on the blade position becomes stronger toward the pro-
peller, an increase in turbulence intensity is observed in this direction. When consider-
ing the velocity fields per individual phase angle, the turbulence intensity was constant
in the entire field of view. For the pylon-on configurations, the increased turbulence in
the pylon-wake region is readily apparent. The application of blowing initially intensi-
fied the turbulence level near the wake centerline. Because of an increased decay rate,
however, the maximum turbulence intensity for the blown configuration decreased be-
low that of the unblown case for ∆Xpyl/c > 0.19. Integrated in the lateral direction, the
turbulence intensity was reduced by blowing at all axial positions considered.
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To analyze the flowfield in the blown pylon wake in more detail, velocity data were
extracted from the measurement planes at 0.075D upstream of the leading edge of the
propeller blade. The same interpolation procedure was performed as explained in Sec-
tion 8.1.1, resulting in the velocity components at the lateral and vertical coordinates
traced by a blade section at a radial coordinate of r /R = 0.65. The results are presented
in Fig. 8.1 as the ratio of the velocity data obtained for the pylon-on and pylon-off con-
figurations. A radial coordinate of r /R = 0.65 is considered, because the blade pressure
distribution was measured at this position. Figure 11.4 provides the distributions of the
mean axial velocity component in the pylon-wake region for the different configurations
considered, while Fig. 11.5 presents profiles of the three components of the turbulence-
intensity vector. Markers are indicated at 2-deg intervals for clarity; the actual resolution
of the data was higher. The data for the averaged lateral and vertical velocity components
are omitted, since these only amounted to less than 2% of the axial velocity component
at the selected evaluation location. The key numerical values corresponding to the data
presented in Figs. 11.4 and 11.5 are provided in Table 11.1, in which the quantities related
to the mean axial velocity are nondimensionalized with the axial velocity at the edge of
the wake (V e

X ).
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Figure 11.4: Effect of blowing coefficient on the axial velocity deficit experienced by a blade section at
r /R = 0.65, 0.075D upstream of the propeller; α= 0 deg.

Table 11.1: Pylon-wake characteristics experienced by a blade section at r /R = 0.65, 0.075D upstream of the
propeller; α= 0 deg. CL = wake centerline, L = left wake edge (φL = 170 deg), R = right wake edge

(φR = 190 deg).

Configuration
(
1− VX

V e
X

)
CL

1
φR−φL

φR∫
φL

∣∣∣1− VX
V e

X

∣∣∣dφ (Tu)max
1

φR−φL

φR∫
φL

(Tu)dφ

Pylon-off +0.00 7.0 ·10−4 1.7 ·10−2 1.6 ·10−2

cṁ = 0.0 +0.22 5.8 ·10−2 7.0 ·10−2 4.3 ·10−2

cṁ = 1.4 +0.02 1.8 ·10−2 5.4 ·10−2 3.3 ·10−2

cṁ = 1.6 −0.06 1.4 ·10−2 7.2 ·10−2 3.6 ·10−2

cṁ = 1.8 −0.12 2.1 ·10−2 8.6 ·10−2 4.0 ·10−2
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Figure 11.5: Effect of blowing coefficient on the turbulence intensity experienced by a blade section at
r /R = 0.65, 0.075D upstream of the propeller; α= 0 deg.

Figure 11.4 displays the expected velocity deficit in the wake of the unblown pylon.
For this configuration, a maximum velocity deficit of 22% was measured relative to the
velocity outside of the wake region. The lateral position of maximum velocity deficit in
the wake was slightly offset from the centerline. This was due to an inflow angularity
of approximately 0.2 deg, induced by the in-flow measurement equipment. The wake
profiles for the blown configurations confirm the efficacy of the blowing system in re-
ducing the nonuniformity of the propeller inflow. At a blowing rate of cṁ = 1.6, the
integral velocity deficit in the pylon wake was decreased by 76% compared to the un-
blown pylon-on configuration. The blown velocity profiles did not become completely
uniform because of the small width of the blowing slit and the limited length from the
pylon trailing edge to the measurement location available for mixing of the blown jet
with the external flow. Instead, a velocity overshoot can be noted on the wake centerline
that rises with increasing blowing coefficient. This overshoot can be reduced by integrat-
ing a blowing outlet along the chord on each side of the pylon, instead of using a single
blowing slit in the trailing edge of the pylon. This is discussed in Appendix A. Outside of
the wake region, the average velocity for the pylon-on configurations was about 1% of
the freestream velocity lower than without pylon. This is due to the deceleration of the
flowfield in the vicinity of the pylon trailing edge.

The unsteadiness of the pylon wake is highlighted in Fig. 11.5. With pylon present,
the maximum turbulence intensity increased to almost four times the value measured
for the pylon-off configuration. The introduction of the blown jet reduced the shear
forces in the wake region, thereby decreasing the fluctuations of all three velocity com-
ponents. At cṁ = 1.4, the integral total turbulence level was 24% lower than for the un-
blown pylon-on configuration. At the higher blowing rates, the increased strength of the
jet intensified the unsteadiness around the wake centerline. For these cases, the reduc-
tion in turbulence level compared to the case without blowing was decreased to 16% at
cṁ = 1.6 and 8% at cṁ = 1.8. To fully describe the temporal character of the fluctuations,
a more advanced analysis would be needed with a time-resolved system.
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11.1.2. ASYMMETRIC INFLOW
As shown in Section 8.1.2, operation of the pylon at nonzero angle of attack results in an
asymmetric wake. To investigate the effects of trailing-edge blowing under asymmetric
inflow conditions, Fig. 11.6 provides the velocity profiles in the wake as measured at an
incidence angle of α = −6 deg, at the low thrust setting (J = 1.75). The results for the
unblown configuration were shown before in Fig. 8.2.
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Figure 11.6: Effect of blowing coefficient on the axial velocity deficit experienced by a blade section at
r /R = 0.65, 0.075D upstream of the propeller; α=−6 deg, J = 1.75.

Figure 11.6 shows that the wake filling was worse under asymmetric inflow condi-
tions than for the case with symmetric inflow (Fig. 11.4). Due to the asymmetry in the
boundary layers on both sides of the pylon, a velocity overshoot occurred in one half of
the wake, while in the other half a velocity deficit remained. Nonetheless, application
of the blowing system still reduced the integral magnitude of the velocity deficit in the
wake region by around 70% at the optimal blowing rate (cṁ = 1.6). To achieve better
performance in angular inflow conditions, a blowing system would be required with an
outlet integrated along the chord on each side of the pylon. This approach is discussed
in Appendix A.

11.2. PROPELLER LOADING

11.2.1. SYMMETRIC INFLOW

BLADE LOADING

The local impact of the pylon-wake encounter on the propeller blade loads was quan-
tified using the miniature surface-pressure transducers integrated into the blades (Sec-
tion 5.4.2). Figure 11.7 compares the pressure distributions measured at r /R ≈ 0.65 for
the pylon-off and pylon-on configurations. Five circumferential blade positions are con-
sidered, corresponding to time instances before, during, and after the wake encounter.
The circumferential angle is defined with respect to the leading edge of the blade at
r /R ≈ 0.65, while the pressure coefficient is referenced to the effective dynamic pressure
in the rotational frame. The 95% confidence interval of the measurement data is indi-
cated in Fig. 11.7 by the error bar plotted in the top left of each subplot. The standard
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deviation was determined from the time-averaged pressure coefficients acquired at con-
stant operating conditions for the unblown pylon-on configuration. The procedure was
performed per individual phase angle, after which the maximum of the resulting values
was taken as a conservative measure of the repeatability of the pressure measurements.
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Figure 11.7: Effect of pylon installation on the phase-locked blade-pressure distributions at r /R ≈ 0.65.

Figure 11.7 demonstrates the strong local impact of the wake encounter on the pro-
peller blade loads. Opposite to the pylon (Fig. 11.7a), the pressure distributions for all
five cases were comparable. A shift in the zero-loading outputs of the pressure transduc-
ers caused a slight offset between the results obtained with and without the pylon. This
offset was approximately constant in the chordwise direction and was observed at all
circumferential blade positions. Closer to the pylon wake region (Fig. 11.7b), the change
in blade response due to the pylon was still negligible. During the wake encounter, the
locally reduced inflow velocity causes a rapid increase in angle of attack experienced by
the blade. This resulted in increased suction on the leading-edge region of the blade.
For the unblown pylon-on configuration, this can be seen at φ= 183 deg (Fig. 11.7c). A
slight lag occurred between the circumferential position of maximum velocity deficit in
the wake and that of the unsteady suction peak, as discussed in Section 8.2.1. Following
the interaction with the pylon wake, the pressure distribution slowly recovered toward
that characteristic of the undisturbed situation (Fig. 11.7d and 11.7e).

The application of pylon blowing reduced the nonuniformity of the propeller inflow
(Fig. 11.4). Consequently, the wake encounter was less severe with blowing enabled,
and the resulting pressure distributions more similar to those measured for the isolated
propeller. At a blowing rate of cṁ = 1.6, the surge in the suction peak at φ= 183 deg was
practically eliminated, leading to a pressure distribution comparable to that acquired for
the pylon-off configuration. At the other blowing settings, fluctuations of the pressure
coefficient remained. An increase in magnitude of the suction peak was still obtained at
cṁ = 1.4, albeit at a lower level than measured for the unblown case. This is due to the
remaining velocity deficit in the pylon wake at this blowing setting, as shown in Fig. 11.4.
At the highest blowing coefficient of cṁ = 1.8, on the other hand, the velocity overshoot
in the pylon wake led to a decrease in magnitude of the suction peak during the wake
interaction. This is a direct result of the reduced effective angle of attack of the propeller
blade sections in the wake region at this blowing setting.
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At φ = 210 deg (Fig. 11.7d), the suction-peak pressures for the pylon-on configura-
tions were comparable, but significantly offset from the value measured for the pylon-
off case. For this part of the rotation, it can therefore be concluded that the change
in loading due to pylon installation was not the result of the momentum deficit in the
pylon wake. Instead, it was due to the deceleration of the flow near the pylon trailing
edge. Even if optimal wake filling had been achieved, the blade response would still
have changed at these circumferential angles compared to the pylon-off case.

The changes in the pressure distributions due to the installation of the pylon directly
translate into fluctuating blade loads. Figure 11.8 presents the development of the blade
normal-force coefficient over the rotation, as computed by integration of the recorded
pressure distributions at each of the phase angles considered. Table 11.2 provides the
corresponding numerical values characterizing the blade response. For clarity, markers
are displayed in Fig. 11.8 at fifteen-degree intervals, while the 95% confidence interval
is indicated by the error bar in the top left. The standard deviation of the normal-force-
coefficient values was obtained from repeated unblown pylon-installed measurements.
The blade response for the pylon-off configuration displayed a sinusoidal pattern due to
the inflow angularity discussed before.
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Figure 11.8: Effect of pylon installation on the phase-locked blade normal-force coefficient at r /R ≈ 0.65.

Table 11.2: Effect of pylon installation on the unsteady blade-loading characteristics at r /R ≈ 0.65.

Configuration cn c∂cn /∂φ=0
nwake

(
cn − cn

)
rms

1
360

360∫
0

∣∣∣ cn
cn

−1
∣∣∣dφ

Pylon-off 0.318 0.312 5.1 ·10−3 1.4 ·10−2

cṁ = 0.0 0.331 0.420 1.6 ·10−2 3.3 ·10−2

cṁ = 1.4 0.329 0.353 8.9 ·10−3 2.2 ·10−2

cṁ = 1.6 0.324 0.313 6.6 ·10−3 1.8 ·10−2

cṁ = 1.8 0.323 0.294 7.5 ·10−3 1.9 ·10−2

Concurrent inspection of Figs. 11.4 and 11.8 reveals a direct link between the un-
steady blade loads and the nonuniformity of the propeller inflow. The installation of the
unblown pylon caused a sudden rise in normal-force coefficient during the wake en-
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counter. As shown in Table 11.2, a peak increase of around 34% was observed compared
to the pylon-off configuration. Averaged over the entire rotation, the section normal-
force coefficient was increased by about 4% due to the installation of the pylon. This
corresponds to an increase of the local thrust contribution by 4% as well.

The application of blowing reduced the unsteady loading peak, leading to a response
closer to that measured for the isolated propeller. The smallest fluctuations were ob-
tained at the blowing rate resulting in the most uniform propeller inflow (cṁ = 1.6). At
this blowing setting, the normal force was reduced compared to the pylon-off configura-
tion by a small but systematic amount around the center of the blown jet, where the com-
pensating momentum overshoot occurred. Compared to the unblown pylon-on config-
uration, the reduction in integral normal-force variations equaled approximately 50%.
At the same time, the root mean square of the normal-force fluctuations was decreased
by about 60%. The time histories of the normal-force coefficient matched the expected
trends at the other two blowing rates. At cṁ = 1.4, the injected mass flow was insufficient
to fill the momentum deficit in the pylon wake, hence a normal-force increase remained
during the wake encounter. At this blowing setting, the root-mean-square variation in
normal force was the highest of the three blown cases, although still a 45% reduction
was achieved compared to the unblown case. At the highest blowing coefficient consid-
ered, cṁ = 1.8, the opposite situation occurred. For this configuration, the strong velocity
overshoot on the wake centerline introduced a reduction in blade normal force during
the wake passage.

Away from the wake encounter, a series of wiggles can be observed in Fig. 11.8 for the
unblown pylon-on configuration. At a blowing coefficient of cṁ = 1.4 these normal-force
fluctuations were decreased, while at the two highest blowing rates they were eliminated
completely. This indicates that the measured normal-force oscillations in this part of the
rotation were indeed related to the pylon-wake interaction. The wake encounter caused
a periodic forcing function, leading to variations of the blade normal force. It is unknown
whether these fluctuations resulted from aerodynamic or structural effects.

Apart from the impact of the pylon-wake encounter on the blade loading, the re-
sponse for the pylon-on configurations was also affected by the change of the potential
flowfield induced by the pylon. Consequently, the results for the pylon-on configura-
tions differed from those recorded for the pylon-off case throughout the entire rotation.
This change in loading was unaffected by the blowing setting, since it was not related to
the momentum deficit in the pylon wake.

The sensitivity of the unsteady-load reduction by blowing to the propeller operating
point was studied by also taking measurements at high and low thrust settings, corre-
sponding to J = 1.05 and J = 1.75. The associated thrust coefficients equaled CT = 0.51
and CT = 0.18, respectively. Figure 11.9 plots the root-mean-square amplitude of the
normal-force fluctuations over a full rotation as a function of blowing rate and propeller
thrust setting. The data were normalized by the mean normal-force coefficients ob-
tained at the respective operating conditions.

Figure 11.9 confirms the impact of the propeller thrust setting on the relative im-
portance of the normal-force fluctuations due to the pylon-wake encounter. Compared
to the steady blade loads, the relative amplitude of the normal-force fluctuations in-
creased with decreasing thrust setting. Moreover, it can be seen that the application
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Figure 11.9: Effect of propeller thrust setting and blowing coefficient on unsteady blade loading at r /R ≈ 0.65.

of pylon trailing-edge blowing effectively decreased the root-mean-square amplitude of
the normal-force oscillations at all thrust settings. The load fluctuations were not fully
eliminated because of the remaining unsteady loading caused by the non-ideal wake
filling, and the angle-of-incidence effect discussed previously. The blowing coefficient
leading to the smallest unsteady loads was the same regardless of the propeller operat-
ing point, and equal to cṁ = 1.6. This was also the blowing rate leading to the smallest
integral velocity deficit in the pylon wake.

INTEGRATED LOADING

The fluctuating blade loads resulting from the installation of the pylon induce a time-
dependent thrust coefficient on each of the blades. To quantify the magnitude of the
variations in total blade thrust, measurements of the integrated propeller performance
were taken using a rotating shaft balance (Section 5.4.2). It was known that such balances
have a limited capability to capture high-frequency unsteady loads. As a result, the re-
sponse time of the balance will most likely have been insufficient to follow the rapid load
oscillations introduced by the wake encounter, resulting in a smoothing of the recorded
signals. Furthermore, the time-dependent signals can be masked by vibrations intro-
duced into the measurement signal due to eigenmodes of the balance. However, at the
selected operating point the rotating shaft balance could be used to assess the change in
response between the cases with and without blowing. Figure 11.10 displays the devel-
opment of the phase-locked thrust coefficient over one revolution, as acquired for the
pylon-off and pylon-on configurations. Two blowing coefficients are considered, cor-
responding to the unblown case (cṁ = 0.0) and the optimal blowing setting (cṁ = 1.6).
Markers are depicted at 15-deg intervals for clarity. The 95% confidence interval is indi-
cated by the error bar plotted in the top left of Fig. 11.10. The standard deviation was
computed from the mean installed thrust coefficients obtained from all available data
points at the considered propeller operating point.

Considering the symmetric inflow, a constant thrust coefficient would be expected
throughout the rotation for the pylon-off case. In contrast, significant fluctuations can
be seen for this configuration in the time history of the thrust shown in Fig. 11.10. These
were due to shaft vibrations and the small inflow angularity mentioned earlier.
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Figure 11.10: Effect of pylon installation on the phase-locked propeller thrust coefficient.

Focusing on the pylon-on configuration without blowing (cṁ = 0.0), a six-per-revo-
lution loading cycle can be seen in Fig. 11.10. The rotation frequency of the propeller
equaled 84.7 Hz at the considered operating point, hence the frequency of the observed
phenomenon amounted to 508 Hz. This periodicity at the blade-passage frequency
matches the frequency of the wake encounters experienced by the blades. These wake
encounters introduced a forcing function acting periodically on the propeller–balance
combination, resulting in blade-loading oscillations. However, the gradual nature of
these oscillations does not match the expected impulsive increase in thrust during the
wake passages. This can partially be attributed to phase-lag effects introduced by the
swept blade planform. As a result, the different blade sections experienced the wake en-
counter at different times, smoothing the measured load fluctuations. Additionally, a lag
in the blade response is observed in Fig. 11.10. Whereas the center of the first blade en-
countered the maximum velocity deficit in the pylon wake at a phase angle of φ≈ 0 deg,
the corresponding maximum load fluctuation only occurred around φ= 15 deg. At this
position, the trailing edge of the blade had just passed the wake region, hence the shift
cannot be explained by effects due to sweep only. Also, the delay is significantly larger
than the 3-deg phase lag observed in the sectional blade-loading data (Fig. 11.8). There-
fore, it is concluded that the response time of the balance was insufficient to follow the
rapid load oscillations, as expected.

The responses measured for the pylon-off and blown pylon-on configurations were
approximately equal. Both did not display the strong cyclic behavior characteristic of the
case with the unblown pylon. Therefore, it is concluded that the wake filling achieved by
blowing reduced the magnitude of the forcing function experienced by the blades when
passing behind the pylon. This confirms the observation that the unsteadiness of the
propeller response was indeed reduced by the application of blowing, as deduced earlier
from the surface-pressure data. Considering the good agreement between the signals
recorded for the pylon-off and blown pylon-on configurations, the remaining fluctua-
tions observed for the blown case were not related to a pylon-installation effect.
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11.2.2. ASYMMETRIC INFLOW
Section 8.2.2 showed that the wake encounter also strongly affects the propeller blade
loading at nonzero angle of attack. The unsteady blade-loading data were analyzed to
verify the efficacy of trailing-edge blowing under asymmetric inflow conditions. Data
were only available at α = −6 deg and the low thrust setting (J = 1.75, CT = 0.18). Fig-
ure 11.11 plots the circumferential variation of the section normal-force coefficient at
r /R ≈ 0.65 for the different blowing coefficients, with the isolated-propeller (pylon-off)
data included as reference. The error bar indicates the 95% confidence level, which was
estimated in the same way as discussed above Fig. 11.8.
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Figure 11.11: Effect of pylon installation on the phase-locked blade normal-force coefficient at r /R ≈ 0.65;
α=−6 deg, J = 1.75.

For the case at negative incidence angle, the installation of the unblown pylon causes
a combination of two interaction effects. The mean blade loading is decreased due to
the interaction with the tip vortex (which rotates in the same direction as the propeller),
while the wake encounter causes a sudden loading peak. Both effects were discussed in
Section 8.2.2. The effect of blowing is to decrease the amplitude of the loading peak, sim-
ilarly as for the case in symmetric inflow (Fig. 11.8). Again, the intermediate blowing rate
of cṁ = 1.6 provided the largest reduction in load fluctuations, as expected considering
the velocity profiles in the wake (Fig. 11.6).

11.3. PROPELLER NOISE EMISSIONS
The analyses provided in Section 8.3 showed that the unsteady loading caused by the
wake encounter leads to a strong noise penalty, especially at a low propeller thrust set-
ting. The unsteady-load reductions achieved with the trailing-edge blowing system should
suppress at least part of this noise penalty.

11.3.1. SYMMETRIC INFLOW
Figure 11.12 displays the sound spectra measured with and without the pylon installed.
All data were obtained for an axial emission angle in the propeller plane (θe = 90 deg)
and a circumferential angle perpendicular to the pylon (φ= 90 deg). The results for the
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blown case were acquired at the blowing rate leading to the largest reduction of the un-
steady blade loads (cṁ = 1.6). To allow for a comparison of the tonal levels, markers are
displayed at the sound pressure levels measured at frequencies corresponding to inte-
ger multiples of the blade-passage frequency. To quantify the difference between the
recorded noise levels and the background noise in the test section, measurements were
also taken using a dummy spinner, without the pneumatic motor running. The corre-
sponding levels are indicated by the unmarked light gray line in Fig. 11.12. The initial
parts of the spectra are omitted because they were dominated by background noise. The
tonal noise component observed at a frequency between three and four times the blade-
passage frequency was due to vortex shedding from the pylon trailing edge, as discussed
in Section 8.3.1.
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Figure 11.12: Effect of trailing-edge blowing on the propeller sound spectrum at θe = 90 deg, φ= 90 deg.

The spectra plotted in Fig. 11.12 highlight the significant noise penalty associated
with the installation of the unblown pylon. Compared to the isolated propeller, the
sound pressure level of the fundamental tone (1 ·BPF ) increased by around 4 dB due
to the presence of the pylon. The noise penalty for the harmonics was up to 14 dB, albeit
at levels at least 7 dB below that of the fundamental. The recorded broadband levels were
dominated by background noise up to a frequency of about five times the blade-passage
frequency, corresponding to approximately 2,500 Hz. At higher frequency, no significant
change was observed between the broadband emissions obtained for the pylon-off and
the pylon-on configurations.

The reduction of the unsteady blade loads achieved by blowing (Fig. 11.8) directly led
to a reduction of the noise penalty due to the installation of the pylon. For the first two
propeller tones, the application of blowing resulted in a full recovery of the noise levels
to the values measured for the isolated propeller. Moreover, at three times the blade-
passage frequency the tonal amplitude was brought back to the background noise level,
similarly as for the isolated propeller. At the higher harmonics, part of the noise penalty
remained. This is attributed to the residual blade-loading fluctuations for the blown
configuration observed in Fig. 11.8, that can be traced back to the remaining nonuni-
formities in the blown pylon wake shown in Fig. 11.4. The same trends are observed in
the waveforms of the acoustic pressure, plotted in Fig. 11.13 for the same microphone
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location as considered for the spectra in Fig. 11.12 (θe = 90 deg, φ= 90 deg). The reduc-
tion of the velocity perturbations in the propeller inflow by blowing is directly reflected
in the acoustic response of the propeller. The amplitude of the acoustic-pressure per-
turbations decreases with decreasing inflow perturbations, as expected. At the lowest
thrust condition considered (Fig. 11.13c), the performance of the blowing system was
insufficient to fully eliminate the noise penalty caused by the installation of the pylon.
At this thrust setting, the amplitude of the steady-loading noise was lower, and thus the
relative contribution of the remaining unsteady-loading noise was larger.

The influence of the pylon-wake encounter on the directivity of the propeller’s tonal
noise emissions was assessed by performing the in-flow acoustic measurements at thir-
teen distinct axial positions. To extract the harmonic components from the recorded
signals, the microphone data were first phase-averaged. Subsequently, bandpass filter-
ing was performed around the frequencies corresponding to the first ten multiples of
the blade-passage frequency. A total tonal noise level was then computed from the root
mean square of the resulting pressure signatures. The levels recorded at the different
axial positions were scaled toward a constant observer range using the inverse-distance
law (p2/p1 = r1/r2). The selected distance equaled that from the propeller to the mi-
crophone position corresponding to an emission angle of 90 deg (rmic = 2.84 m). The
resulting directivity patterns are plotted in Fig. 11.14. As discussed in Section 8.3.1, the
noise levels obtained for the isolated propeller featured an unexpected trough around
an emission angle of θe = 80 deg due to interference between the various noise sources.

Figure 11.14 shows that the installation of the unblown pylon increased the propeller
noise emissions over the entire directivity range considered. Compared to the pylon-off
configuration, a tonal-noise increase of up to 15 dB was measured. The noise penalty
was especially large in the upstream direction, as discussed before in Section 8.3.1. The
application of pylon trailing-edge blowing decreased the noise emissions to approxi-
mately the levels recorded for the isolated propeller at all emission angles. This once
more confirms the direct relation between the unsteady propeller blade loads and the
propeller noise emissions. The reduction of the unsteady blade loads obtained by blow-
ing effectively eliminated the noise-generating mechanism related to the installation of
the pylon.

To compare the performance of the trailing-edge blowing system at the three op-
erating conditions considered, an integral noise penalty was defined as the difference
between the sound pressure levels for the pylon-on and pylon-off configurations:

∆SPL = SPLPylon-on −SPLPylon-off = 20log10

(
pPylon-on

rms

pPylon-off
rms

)
. (11.1)

The sound pressure levels were integrated over the full range of considered axial emis-
sion angles to obtain a single value representative of the sound emissions of each con-
figuration. Figure 11.15 displays the results as a function of propeller thrust setting and
pylon-blowing coefficient.

The data presented in Fig. 11.15 emphasize the sensitivity of the pylon-installation
effects to the propeller operating point. With increasing thrust setting, the steady blade
loading became more dominant (Fig. 11.9), hence the noise penalty due to the installa-
tion of the pylon decreased. At the highest thrust setting considered, J = 1.05, the integral
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a) High thrust, J = 1.05 (CT = 0.51)
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b) Intermediate thrust, J = 1.40 (CT = 0.36)
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c) Low thrust, J = 1.75 (CT = 0.18)

Figure 11.13: Effect of trailing-edge blowing on the waveforms of the acoustic pressure
at θe = 90 deg, φ= 90 deg.
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Figure 11.14: Effect of trailing-edge blowing on the directivity of the tonal noise emissions of the propeller at
φ= 90 deg, J = 1.40.
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Figure 11.15: Effect of propeller thrust setting and blowing coefficient on the noise penalty due to pylon
installation, integrated over the axial emission angle range at φ= 90 deg.

sound pressure level only increased by 2 dB, while at the low thrust condition (J = 1.75)
the installation of the pylon amplified the propeller noise emissions by 15 dB. The ap-
plication of pylon blowing decreased the pylon-installation noise penalty at all operat-
ing conditions considered. At the high and intermediate thrust settings, the tonal noise
levels were practically recovered toward those observed for the pylon-off configuration.
Under these conditions, the remaining unsteady-loading noise caused by the non-ideal
filling of the pylon wake was irrelevant compared to the noise sources corresponding to
the isolated propeller. At the low thrust setting, on the other hand, the relative contribu-
tion of the unsteady-loading noise was larger, and a noise penalty of 6 dB remained even
with blowing enabled. It is anticipated that the noise penalty at the low thrust setting
could be further reduced by optimizing the uniformity of the blown pylon wake.
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11.3.2. ASYMMETRIC INFLOW
When operating under asymmetric inflow conditions, the propeller noise is modified
due to the sinusoidal loading fluctuations experienced by the blades, and due to convec-
tive-amplification effects. As shown in Section 8.3.2, this can either increase or decrease
the noise emissions, depending on the observer location and propeller thrust condition.
Compared to the isolated configuration, the installation of the pylon still introduces a
noise penalty when the setup is set to nonzero angle of incidence, thus leaving room for
potential noise reductions by blowing. However, Section 11.1.2 showed that the unifor-
mity of the blown wake was worse at nonzero incidence angle when compared to the
symmetric case. Therefore, measurements were taken to investigate the potential of the
trailing-edge blowing system for noise reductions at nonzero incidence angle. The mea-
surements were taken at incidence angles of ±6 deg, while only the low thrust setting
of J = 1.75 (CT = 0.18) was considered. Figure 11.16 presents the noise penalty due to
the installation of the pylon as a function of the blowing coefficient and incidence angle.
The noise penalty was again obtained by integration over the considered axial directivity
range, in the same way as done for Fig. 11.15.
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Figure 11.16: Effect of trailing-edge blowing on the installation noise penalty under asymmetric inflow
conditions; J = 1.75, θe = 90 deg, φ= 90 deg.

Figure 11.16 shows that the noise penalty for the unblown configuration was the
largest at α= 0 deg, as discussed before in Section 8.3.2. At nonzero incidence angle,
the noise emissions of the isolated propeller were higher than for the symmetric case.
As a result, the relative impact of the noise source caused by the wake encounter was
smaller for the cases at nonzero incidence than at zero incidence.

Application of the blowing system reduced the noise penalty due to the installation
of the pylon at all inflow angles. The symmetric case displayed best performance at cṁ =
1.6, as already shown in Fig. 11.15. For the cases at nonzero angle of incidence, the
remaining noise penalties with blowing enabled were smaller than atα= 0 deg. This was
as expected considering the higher noise level associated with the isolated propeller at
nonzero incidence angle (Fig. 8.13b), which partially masked the noise due to the pylon-
installation effects. At α = +6 deg, the angular-inflow effects were relatively strong for
the isolated propeller, as discussed before. Consequently, the reduction of the unsteady

193



11

11. PYLON TRAILING-EDGE BLOWING

blade loads by blowing was sufficient to reduce the noise penalty due to the installation
of the pylon to about 2 dB. The negative-incidence case featured a larger remaining noise
penalty. For this case, the smallest noise penalty was observed at the blowing rate which
introduced a clear velocity overshoot near the wake centerline (cṁ = 1.8), leading to local
unloading of the blades.

11.4. KEY FINDINGS
This chapter has provided an overview of the physical working principles of pylon trail-
ing-edge blowing for the mitigation of pusher-propeller installation effects. Based on the
measurements of the pylon-wake flowfields, it is concluded that the application of pylon
trailing-edge blowing successfully decreases the velocity deficit in the pylon wake. For a
typical pylon–propeller spacing, however, the wake profiles do not become completely
uniform. A velocity overshoot remains on the wake centerline due to the small thickness
of the blowing slit and the limited length from the pylon trailing edge to the propeller
plane available for mixing of the blown jet with the external flow. At nonzero incidence
angle, an asymmetric velocity distribution was obtained in the pylon wake due to the
different boundary-layer development on both sides of the pylon.

The reduction of the velocity deficit in the pylon wake by blowing resulted in the
practical elimination of the unsteady lift peak during the wake encounter. Compared
to the unblown case, the root mean square of the blade normal-force fluctuations was
decreased by up to 60% at an intermediate thrust setting. The corresponding propeller
noise levels with blowing enabled were found comparable to those emitted by the iso-
lated propeller, at all axial directivity angles. Consequently, it is concluded that the elimi-
nation of the unsteady blade loads by blowing is responsible for the successful mitigation
of the noise penalty due to the installation of the pylon.

The noise penalty due to pylon installation was not fully eliminated by blowing at the
lowest thrust condition considered. At this operating point, the unsteady-loading noise
which remained because of the non-ideal pylon-wake filling was still relevant compared
to the low levels of the steady-loading noise. Further improvements could be obtained
by optimizing the uniformity of the blown pylon wake, for example by using a chordwise-
blowing system with a blowing outlet integrated along the chord on each side of the py-
lon, as discussed in Appendix A. This could also enhance the performance of the blowing
system under asymmetric inflow conditions.
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12
CONCLUSIONS AND

RECOMMENDATIONS

This thesis has discussed an experimental study of the key aerodynamic and aeroacous-
tic interaction effects for tip-mounted propellers, including consideration of three perfor-
mance-enhancement strategies aimed at mitigating the adverse interactions and exploit-
ing the beneficial interactions. Throughout the thesis, the discussion was centered around
the research question:

What are the key aerodynamic and aeroacoustic interaction effects for tip-
mounted propeller configurations, and how can the performance of such con-
figurations be enhanced?

Section 12.1 first discusses the conclusions drawn from the analyses presented in the pre-
vious chapters. Then, Section 12.2 provides recommendations for future work.

12.1. CONCLUSIONS
Parts III and IV of this thesis have provided the results of comprehensive wind-tunnel
experiments that investigated the physical mechanisms of the aerodynamic and aeroa-
coustic interaction effects for tip-mounted propellers. Furthermore, potential perfor-
mance-enhancement strategies were assessed which could be valuable in optimizing the
performance of such propellers. In this way, crucial information on propeller–wing in-
teractions for tip-mounted configurations has been contributed to the literature, while
the detailed experimental data can be used for validation of both low-order and high-
order computational tools. Although the experiments were performed at low Mach and
Reynolds numbers, the results are representative of interactions at full scale. In most
cases, the change in propeller or airframe response due to the interactions can be con-
sidered primarily as a potential-flow effect, induced by the changes in velocity and pres-
sure in the vortical regions which cause the interaction effects. Therefore, the dominant
physical phenomena caused by the interactions will be present also at the lower Mach
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and Reynolds numbers typical of the experiments. The vortical regions themselves natu-
rally are the result of viscous processes and, therefore, subject to the Reynolds and Mach
number scaling.

The conclusions drawn from the results described in Parts III and IV of this thesis
are summarized below, separately for each of the subquestions defined in Section 1.1.
The discussion mostly echoes the key findings sections provided at the end of Chapters
6 through 11.

12.1.1. INTERACTION-EFFECTS ANALYSIS
Three key aerodynamic and aeroacoustic interaction effects for tip-mounted propellers
were studied:

1. Wingtip-vortex attenuation and swirl recovery
2. Propeller-slipstream impingement (on a pylon)
3. Pylon-wake encounter (by a propeller)

In order to answer the first part of the research question, the physical mechanisms of the
interaction effects were investigated based on three subquestions, discussed separately
below.

1. What is the physical mechanism driving the efficiency increase observed for wingtip-
mounted propellers in tractor configuration, and how does it relate to the propeller
and wing operating conditions?

Chapter 6 assessed the key aerodynamic interaction effects for wingtip-mounted pro-
pellers installed in a tractor configuration. For such a layout, the propeller slipstream
interacts with the flow around the wingtip, thus affecting the roll-up and downstream
behavior of the wingtip vortex. This modifies the aerodynamic performance of the wing.
Measurements with the propeller installed on a symmetric wing model with flap led to
the following conclusions:

• The rotational velocity in the wake of a wingtip-mounted propeller decreases when
the swirl in the slipstream is opposite to that associated with the wingtip vortex.
Assuming positive wing lift, this occurs with inboard-up rotation, and improves
system performance due to a reduction of the wing induced drag.

• The increased dynamic pressure in the propeller slipstream increases the lift on
the part of the wing washed by the slipstream. This is amplified by the induced
swirl for the case with inboard-up rotation. As a result, a strong spanwise variation
occurs in the wing lift.

• The vorticity introduced into the flowfield by the spanwise lift gradient at the slip-
stream edge causes a spanwise shearing of the slipstream. The slipstream edge
moves away from the propeller axis on the advancing blade side, and toward the
propeller axis on the retreating blade side. With inboard-up rotation, the cross-
flow component over the nacelle induced by the wingtip vortex decreases the slip-
stream distortion at positive angle of attack and increases the distortion at nega-
tive angle of attack.
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• The interaction amplifies with increasing thrust setting, owing to the accompa-
nied increase in dynamic pressure and swirl in the slipstream. With outboard-up
rotation, the interaction effects due to swirl are opposite to those observed with
inboard-up rotation, while the dynamic-pressure effect is the same.

To quantify the potential aerodynamic benefits of the wingtip-mounted tractor-propeller
configuration, a direct comparison was made with a conventional configuration, with
the propeller mounted on the inboard part of the wing (at 44% of the span from the
root). This comparison led to the following conclusions:

• The increase in wing lift due to the interaction with the slipstream was smaller for
the wingtip-mounted configuration than for the conventional configuration. This
is due to the smaller spanwise extent of the wing washed by the slipstream for the
wingtip-mounted configuration, and the relatively low loading near the wingtip.

• The interaction between the propeller slipstream and the wingtip vortex leads to
a clear drag reduction for the wingtip-mounted configuration. This is mostly due
to a reduction of the wing induced drag. At a wing lift coefficient of CL = 0.5 and
a thrust coefficient of CT = 0.12, the drag reduction amounted to about 15% when
compared to the conventional configuration with the propeller mounted on the
inboard part of the wing.

• The exact drag benefit of the wingtip-mounted configuration is specific to vehicle
design and operating conditions. Compared to the propeller-off case, the benefit
increases with increasing wing lift coefficient and propeller thrust coefficient, until
a maximum is reached. After that point, the interaction with the slipstream leads
to such a strong distortion of the wing lift distribution that the associated increase
in induced drag is no longer offset by the wingtip-vortex-attenuation and swirl-
recovery mechanisms.

The analyses have shown that the efficiency increase offered by wingtip-mounted pro-
pellers is due to wingtip-vortex attenuation and swirl recovery, and thus depends on the
wing loading and the swirl in the propeller slipstream. Besides this time-averaged ef-
fect, the interaction between the propeller slipstream and the wing also causes unsteady
effects. These are addressed by the next subquestion.

2. What is the physical mechanism driving the unsteady loading on a surface im-
mersed in the slipstream of a tractor propeller, and how does it relate to the propeller
operating conditions and the spacing between propeller and downstream surface?

Chapter 7 quantified the unsteady loading caused by the impingement of a propeller
slipstream on a downstream pylon. Such unsteady loading may lead to vibrations re-
sponsible for structure-borne noise, thereby potentially reducing passenger comfort.
The same effects would occur for a wing-mounted propeller configuration. Microphone
measurements on the surface of the pylon model led to the following conclusions:

• The pressure fluctuations caused by the impingement of a propeller slipstream on
a downstream wing or pylon are dominated by the passages of the blades’ tip vor-
tices. The unsteady pressure is periodic with a rich spectral content, and persists
up to the trailing edge of the wing or pylon.
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• The pressure fluctuations decrease with decreasing blade loading due to the asso-
ciated reduction in strength of the blade wakes and tip vortices. At conditions with
very low blade loading, the strength of the tip vortices tends to zero while the blade
wakes remain, making the blade wakes the dominant source of unsteady loading
in such case.

• Increasing the spacing between the propeller and the wing or pylon reduces the
pressure fluctuations due to diffusion of the blade wakes and tip vortices before
their interaction with the wing or pylon.

The measured pressure data were integrated to obtain the unsteady loading on the pylon
caused by the interaction with the incoming propeller slipstream. From these data, the
following conclusion was drawn:

• The unsteady pylon lift displays a nonmonotonic dependency on the propeller
advance ratio. The unsteady loading was smallest for cases for which the ratio
between the wavelength of the pressure perturbation and the pylon chord length
was closest to an integer value. In an idealized case, for integer ratios the inte-
grated pressure differential across the pylon is zero. Structure-borne noise reduc-
tions might thus be obtained by proper tailoring of the pylon chord length.

The results have identified the tip vortex as the main source of unsteady loading on a
surface immersed in the slipstream of a tractor propeller. For pusher propellers, a differ-
ent interaction phenomenon occurs. This was addressed by the last subquestion used
to answer the first part of the research question.

3. What is the physical mechanism driving the noise penalty for propellers in pusher
configuration, and how does it relate to the propeller operating conditions?

Chapter 8 presented a comprehensive analysis of the aerodynamic and aeroacoustic in-
teraction effects for pylon-mounted pusher propellers. Such a configuration is especially
interesting to minimize interior noise, by placing the propellers as far away as possible
from the cabin. From the unique evaluation of the flowfields between the pylon and the
running propeller, it was concluded that:

• The suction of the propeller reduces the severity of the pylon-wake encounter. The
wake width and velocity deficit decrease with increasing thrust setting due to the
favorable pressure gradient imposed by the propeller.

Measurements of the propeller performance confirmed previously published results by
showing that:

• The passage of the blades through the pylon wake has a negligible effect on the
time-averaged propeller thrust and torque.

• The impact on the unsteady blade loads, on the other hand, is significant, with a
rapid increase in normal force during the wake encounter. The relative amplitude
of the unsteady loads increases with decreasing thrust setting because of the asso-
ciated increase in absolute and relative angle-of-attack variation and the decrease
in reduced frequency of the perturbation.
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In terms of acoustic performance, the following conclusions were drawn:

• The fluctuating blade pressures modify the amplitude, spectral content, and di-
rectivity of the propeller noise emissions. At the lowest thrust setting considered
(CT = 0.18), a maximum tonal noise penalty of 24 dB was measured.

• The impulsive nature of the pylon-wake encounter enriches the spectral content of
the noise emissions. As such, the harmonics significantly contribute to the overall
noise levels for the pylon-installed configuration.

• The additional noise due to the unsteady blade loads peaks in the upstream direc-
tion, independent of the propeller thrust setting.

• The installation of the pylon reduces the sensitivity of the propeller noise emis-
sions to the thrust setting. This is because the interaction noise is less sensitive to
the propeller operating point than the noise sources associated with the isolated
propeller.

• Only the tonal noise was affected by the pylon-installation effects, while the broad-
band levels remained unchanged.

When operating in asymmetric inflow, the wing or pylon tip vortex interacts with the
propeller to result in significant modifications of the propeller performance and noise
emissions:

• The rotational velocity components induced by the tip vortex affect the effective
advance ratio sensed by the propeller, thereby changing the propeller rotational
speed required to achieve a given thrust. The propeller performance is enhanced
when the direction of rotation of the tip vortex is opposite to that of the propeller.

• The noise penalty due to the pylon-installation effect can significantly decrease in
this condition if the wake encounter occurs in the part of the rotation where the
effective rotational velocity is reduced by the angular inflow.

These conclusions emphasize the importance of the consideration of the propeller rota-
tion direction for optimal integration of tip-mounted propellers with the airframe.

12.1.2. PERFORMANCE-ENHANCEMENT STRATEGIES
For each of the interaction effects discussed in Part III of this thesis, a suitable perfor-
mance-enhancement strategy was investigated through the application of:

1. Swirl-recovery vanes
2. Flow-permeability at the pylon leading edge
3. Pylon trailing-edge blowing

The potential of these performance-enhancement strategies was examined by address-
ing three subquestions, treated separately below.
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4. To what extent can swirl-recovery vanes increase the efficiency of an isolated pro-
peller without prohibitive noise penalty, and can these vanes be used to eliminate
the asymmetry in aerodynamic loading for a vehicle configuration with co-rotating
propellers in tractor configuration?

Chapter 9 discussed the aerodynamic and aeroacoustic performance of a propeller with
swirl-recovery vanes, both in isolated and pylon-installed configurations. The vanes
convert part of the swirl in the propeller slipstream into thrust, thereby lowering the
thrust requirement for the propeller. In this way, the required power input to the pro-
peller can be reduced and hence the efficiency of the propulsion system increased. Fur-
thermore, the reduction in swirl can alleviate asymmetric aerodynamic loading in the
case of vehicle configurations with co-rotating propellers (i.e. inboard-up on one side of
the aircraft and outboard-up on the other).

Measurements of the aerodynamic performance of an isolated propeller with SRVs
highlighted that:

• The SRVs can decrease the time-averaged rotational velocity in the propeller slip-
stream over a wide range of thrust settings. Computations performed to com-
plement the experiments showed that application of the SRVs at an intermediate
thrust setting (CT = 0.36) decreased the relative rotational kinetic energy in the
slipstream by approximately 46%.

• The propulsive efficiency increased by 0.7% at CT = 0.36 due to the swirl recovery.
The performance of the tested SRVs was limited by stall occurring on the inboard
part of the vane, which could have been prevented by a local increase of the pitch
angle.

• The upstream perturbation of the flowfield experienced by the propeller due to
the presence of the SRVs leads to fluctuating propeller loading. The peak-to-peak
amplitude of the blade normal-force at r /R ≈ 0.65 was 1− 2% of the local time-
averaged loading, with the highest relative unsteady loads occurring at the lowest
propeller thrust setting considered (CT = 0.18).

• The integrated propeller loading remained practically unaffected by the installa-
tion of the SRVs.

• In addition to the upstream interaction, the downstream impingement of the pro-
peller blade wakes and tip vortices on the SRVs causes unsteady SRV loading. Com-
putations complementary to the experimental assessment showed that the ampli-
tude of the unsteady loads increases toward the tip of the SRV due to the strong
interaction with the propeller tip vortices.

Far-field microphone measurements were used to assess the aeroacoustic effects of SRV
installation:

• The unsteady interactions between the propeller and the SRVs introduce two ad-
ditional noise sources: unsteady loading on the propeller blades and on the SRVs.
The installation of the SRVs increased the tonal noise, while the recorded broad-
band noise emissions were not affected.
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• The increase in tonal noise was manifested mostly by a significant amplification
of the levels of the higher harmonics. This especially affected the system noise
emissions at a low propeller thrust setting (CT = 0.18), for which the noise penalty
was up to 7 dB. At higher thrust settings, the tonal noise penalty was lower at
3−5 dB.

Preliminary investigations with a pylon-mounted tractor propeller confirmed that SRVs
can successfully reduce asymmetric loading on vehicles with a co-rotating propeller ar-
rangement:

• By minimizing the swirl in the propeller slipstream, the interaction effects on the
downstream pylon were reduced, thereby decreasing the difference in aerodynamic
response for the cases with inboard-up and outboard-up propeller rotation.

• For the case with inboard-up rotation, the installation of the SRVs increased the
maximum lift coefficient due to the forces generated by the SRVs. This highlights
the potential importance of the circumferential distribution of the SRVs, which
could be optimized to maximize the SRVs’ lifting potential.

The results have confirmed the aerodynamic benefits of SRVs. Multidisciplinary opti-
mization of the SRV design could be employed to minimize the interaction-noise penalty
while maximizing the aerodynamic benefits.

5. To what extent can a flow-permeable leading edge alleviate the unsteady loading
caused by slipstream impingement for propellers in tractor configuration, and what
is the associated impact on the lift and drag performance?

Chapter 10 quantified the potential of a flow-permeable leading edge to alleviate the un-
steady loading caused by propeller-slipstream impingement. The possible interior noise
penalty caused by this unsteady loading, through the structure-borne noise path, can be
mitigated in two different ways: by modifying the transmission path of the vibrations
through the aircraft structure or by decreasing the amplitude of the unsteady aerody-
namic loads. The application of a flow-permeable leading edge falls into the latter cate-
gory. The geometry of the considered flow-permeable leading edges was not optimized;
instead, it was based on previous work available in the literature.

From velocity fields acquired with particle-image velocimetry, it is concluded that
the application of a flow-permeable insert introduces the following effects:

• The flow through the holes and cavity of the flow-permeable insert causes an in-
crease in boundary-layer thickness, thereby modifying the effective outer shape
of the pylon. This was especially pronounced for the inserts with relatively large
cavity depth.

• The lift performance was reduced by application of the flow-permeable insert, es-
pecially at angles of attack above 6 deg.

• The drag was increased due to viscous dissipation and increased surface rough-
ness compared to the solid pylon model.
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The modifications to the flowfield affect the generation of pressure fluctuations on the
surface:

• The increase in boundary-layer thickness and flow through the holes and cavity
of the flow-permeable insert amplifies the viscous dissipation of the blade tip vor-
tices. Consequently, the velocity fluctuations near the pylon surface induced by
the blade tip vortices decreased by up to 35% in the tip-vortex impingement re-
gion.

• Microphone-array measurements showed that this led to reduced far-field noise,
suggesting a reduction in pressure fluctuations on the pylon surface. Larger re-
ductions in far-field noise and thus pressure fluctuations were obtained from the
inserts with larger cavity depth.

The results highlight that the application of a flow-permeable leading edge can reduce
the pressure fluctuations due to the impingement of a propeller slipstream, but also de-
creases the time-averaged performance of the pylon or wing. Therefore, it is concluded
that a careful trade-off is required between time-averaged aerodynamic performance
and unsteady-load alleviation when designing a flow-permeable insert.

6. To what extent can pylon trailing-edge blowing alleviate the noise penalty due to
the wake encounter for propellers in pusher configuration?

Chapter 11 provided an overview of the physical working principles of pylon trailing-
edge blowing for the mitigation of pusher-propeller installation effects. By reducing the
velocity deficit in the wake, the perturbation of the propeller inflow can be decreased,
thereby alleviating the unsteady blade loading and associated noise penalty.

From measurements of the pylon-wake flowfields, it is concluded that:

• The application of pylon trailing-edge blowing successfully decreases the velocity
deficit in the pylon wake.

• For a typical pylon–propeller spacing, the wake profiles do not become completely
uniform at the location of the propeller plane. A velocity overshoot remains on
the wake centerline due to the small thickness of the blowing slit and the limited
length available for mixing between the pylon trailing edge and the propeller.

The increased wake uniformity achieved by blowing alleviates the unsteady effects due
to the pylon-wake encounter:

• The reduction of the velocity deficit in the pylon wake practically eliminates the
unsteady lift peak during the wake encounter. Compared to the unblown case,
reductions of up to 60% were measured in root mean square of the blade normal-
force fluctuations at an intermediate thrust setting of CT = 0.36.

• The elimination of the unsteady blade loads by blowing successfully mitigates the
noise penalty due to the installation of the pylon. At an intermediate thrust setting
(CT = 0.36), the pylon-installed propeller noise levels with blowing enabled were
comparable to those emitted by the isolated propeller, at all axial directivity angles.
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• The noise penalty due to pylon installation was not fully eliminated by blowing at
the lowest thrust condition considered (CT = 0.18). At this operating point, the
unsteady-loading noise which remained because of the non-ideal pylon-wake fill-
ing was still relevant compared to the low levels of the steady-loading noise.

The analyses have shown that pylon blowing is an effective strategy to alleviate the noise
penalty due to the pylon-wake encounter. Further improvements could be obtained by
optimizing the uniformity of the blown pylon wake, for example by using a chordwise-
blowing strategy with a blowing outlet integrated along the chord on each side of the
pylon. This is confirmed by the numerical analyses provided in Appendix A, which ad-
ditionally show that with a chordwise blowing approach the wake can also be made uni-
form at nonzero angle of attack.

12.2. RECOMMENDATIONS
The thorough analyses of interaction effects and performance-enhancement strategies
for tip-mounted propellers discussed in this thesis could be further expanded by per-
forming additional research. This section provides various suggestions for future work,
which could be useful to further enhance understanding of the interaction effects for
tip-mounted propellers, and aid in the analysis and design of future vehicles with tip-
mounted propellers. Recommendations are provided separately for the assessment of
interaction effects and performance-enhancement strategies.

12.2.1. INTERACTION-EFFECTS ANALYSIS
The key interaction effects for tip-mounted propellers were studied in Part III of this
thesis, based on experimental work at model scale in low-speed wind tunnels. Despite
the inherent advantages of this approach, it also leaves room for additional work using
alternative means:

• The effects of the low Mach and Reynolds numbers characteristic of model-scale
experiments in low-speed wind tunnels were discussed at various points in this
thesis. A trivial suggestion for future work is to also perform experiments at higher
Mach and Reynolds numbers. Although this most likely will not lead to new in-
sights in terms of the physical background of the interaction effects, the relative
amplitude of various sources of the interaction may still be different. Also, rele-
vant compressibility effects may be encountered at higher Mach numbers.

• Numerical simulations with CFD tools (RANS, URANS, LBM) could provide ad-
ditional insight into the interaction effects studied experimentally in this thesis.
Whereas the experimental approach is particularly suited to study the sensitivity
of the interaction effects to various quantities (propeller loading, wing loading,
angle of attack, etc.), the computational approach will always lead to a more com-
plete data set. If the numerical result can be sufficiently validated, then it may be
useful in explaining additional aspects of the interactions, mostly by overcoming
the limitations of experimental setups in terms of the amount of instrumentation.
This applies especially to the propeller. Numerical simulations could also identify
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unexpected aspects of the interaction, which could be overlooked in an experi-
ment, since the experimental setup is typically optimized to measure the antici-
pated effects. Other potential advantages of the numerical approach include the
avoidance of wall effects and scaling effects, and more straightforward bookkeep-
ing of the various contributions to the lift and drag forces.

The use of experimental models is often constrained by either financial or planning as-
pects. Although the experimental setups employed in this thesis (see Part II) were se-
lected such that they allowed for an adequate study of the parameters of interest, im-
provements could be made for future work:

• The results for the tractor-propeller configuration (PROWIM-T and PROWIM-US
setups) were obtained with an old-fashioned propeller design, with an inefficient
blade geometry at the inboard radial stations (see Section 3.3.1). The resulting
flow separation at the root of the blade may complicate potential comparisons
with numerical tools. This is further amplified by the discontinuity in geometry at
the interface between the nacelle and the propeller hub. These concerns could be
addressed by modifying the propeller, hub, and spinner geometry for future exper-
iments. The blade cross-sections should feature airfoil shapes up to the root of the
blade, while the outer shape of the hub and nacelle should be such that there is no
discontinuity in the geometry. Furthermore, the thrust coefficients reached with
this propeller setup were relatively low. Investigations of the interaction effects for
the tractor configuration should also be performed at higher thrust coefficients to
study the resulting impact on aerodynamics and aeroacoustics.

• To quantify the aerodynamic benefits of the wingtip-mounted propeller, a book-
keeping procedure is required to separate the forces generated by the wing and the
propeller. To properly isolate the contributions by both components, the propeller
forces should be measured separately. This could be achieved by either using a ro-
tating shaft balance or an internal balance which isolates the motor and propeller
from the rest of the nacelle. This approach would avoid the assumption made in
Chapter 6 that the propeller performance is unaffected by the installation effects,
and thus the isolated propeller data can be used for the drag bookkeeping proce-
dure. For the tractor configuration, this assumption is reasonably valid, consider-
ing that the upstream effect of the wing on the propeller loading is typically small
(see Section 6.2.4). For a pusher configuration, on the other hand, this approach
would not suffice since the propeller loading will be affected significantly by the
interaction with the wingtip vortex (see Section 8.2.2).

Besides potential improvements in terms of approach and tools, also additional areas of
research remain which were not addressed in this thesis, or in previous literature:

• The experiments discussed in this thesis have focused on configurations with a
propeller and a nearby wing or pylon. On a real airplane, additional interaction ef-
fects will occur due to the presence of the rest of the airframe. Analyses at airplane
level would be important to quantify these additional interaction effects, and also
to provide insight into the impact of the interaction effects on the overall airplane
performance.
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• This thesis has assessed the aerodynamic and aeroacoustic interactions separately
for tractor propellers and pusher propellers. This approach was chosen to avoid
the need for dedicated optimizations of both configurations. However, despite the
challenges involved in a direct comparison between tractor and pusher propellers,
it could be valuable to provide the aircraft designer with additional insight into the
advantages and disadvantages of both configurations.

• The wingtip-mounted propeller seems particularly attractive for a vehicle with dis-
tributed propulsion. Therefore, it is recommended to also investigate the interac-
tion effects for tip-mounted propellers in such a configuration. The combination
of several slipstreams will modify the interaction with the wing, thus changing the
wing loading. In order to arrive at an optimal configuration, all propellers should
be considered simultaneously.

• The comprehensive experimental analysis of the wingtip-mounted propeller in
tractor configuration discussed in Chapter 6 highlighted potential aerodynamic
benefits for this configuration. A similarly detailed study of the pusher configura-
tion would be interesting in light of the potential efficiency benefits that could be
obtained in such case. Obviously, the acoustic performance should then also be
considered, since the wake-encounter phenomenon would be even stronger than
for the pylon-mounted case discussed in Chapter 8.

• The assessment of structure-borne noise provided in this thesis focused on the
forcing function of the potential noise generation: the unsteady loads generated
on the pylon or wing by the interaction with the blade wakes and tip vortices. In-
sufficient evidence is available in the literature of the importance of the structure-
borne noise generated by these unsteady loads compared to the airborne noise
from the propeller. The relative contribution of the structure-borne noise source
can most conveniently be studied by numerical tools. This would most likely re-
quire a high-fidelity model capable of simultaneously considering the aerodynamic,
aeroacoustic, and structural response of the system.

By addressing the recommendations given above, additional understanding will be ob-
tained of the interaction effects, which may be useful in the definition of more effective
performance-enhancement strategies.

12.2.2. PERFORMANCE-ENHANCEMENT STRATEGIES
Following the discussion of the interaction effects, Part IV of this thesis evaluated the
potential of three performance-enhancement strategies to optimize the aerodynamic
and aeroacoustic performance of the installed tip-mounted propeller. Increased un-
derstanding of the potential of these performance-enhancement strategies could be ob-
tained by performing additional in-depth studies:

• As shown in Chapter 9, swirl-recovery vanes can be used for multiple purposes.
The vanes are mostly interesting to improve propulsive performance for propellers
with a high disk loading, while for installed configurations asymmetric loading on
downstream surfaces can be minimized. However, the swirl-recovery vanes used
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during the experiments discussed in this thesis were not fully optimized. Simul-
taneous optimization for aerodynamic and aeroacoustic performance would be
required to exploit the full potential of swirl-recovery vanes.

• The unsteady loading on a surface immersed in a propeller slipstream can be de-
creased using a flow-permeable leading edge, as shown in Chapter 10. However,
the design of the flow-permeable leading edge considered for that research was
taken from the literature, without further optimization. The benefits of the flow-
permeable insert could be maximized by optimizing it for maximum unsteady-
load alleviation while minimizing the loss in time-averaged aerodynamic perfor-
mance. Furthermore, additional instrumentation could be used to quantify the
reduction of the unsteady surface pressures, while CFD evaluations might be valu-
able to study the flow in the cavity in more detail.

• The efficacy of pylon trailing-edge blowing for the minimization of interaction
noise due to the wake encounter for pusher propellers was confirmed by Chap-
ter 11, agreeing with and complementing the results published in the literature.
However, application of an active control technique such as blowing requires en-
ergy, with a consequent impact on vehicle efficiency. More detailed analyses of the
blowing system design combined with an analysis of energy use at airplane level
would be needed to trade off the potential aeroacoustic benefits against the inher-
ent efficiency loss. Furthermore, a study of the sensitivity of the propeller noise to
the remaining nonuniformity in the blown wake would be helpful in assessing the
quality of wake filling required to achieve acceptable acoustic performance.

Chapter 2 identified additional performance-enhancement strategies which could not
be studied within the time frame of the research project discussed in this thesis. There-
fore, unexplored areas of research remain:

• This thesis has not investigated the potential of propeller and wing design modi-
fications to enhance aerodynamic and aeroacoustic performance. For the tractor
configuration, the swirl-recovery mechanism can be maximized by simultaneous
optimization of the propeller and wing designs. For the pusher configuration, pro-
peller design optimization could be performed to maximize tip-vortex recovery
and minimize unsteady loading due to nonuniform inflow caused by the wing or
pylon wake. The latter approach could potentially provide an alternative to pylon
blowing for alleviating the noise penalty due to the wake encounter, eliminating
the need for an active control system and its associated efficiency penalty.

• An alternative means of reducing the unsteady loading due to slipstream impinge-
ment is to modify the strength of the tip vortices shed by the blades. This could be
achieved by propeller tip blowing; the potential of such an approach for unsteady-
load alleviation needs to be verified by dedicated experiments.

This thesis has provided detailed studies of the aerodynamic and aeroacoustic interac-
tion effects and performance-enhancement strategies for tip-mounted propellers. Anal-
yses of the effects at airplane level are indispensable to advance the technology readiness
level of the tip-mounted configuration, and prepare for the successful application of tip-
mounted propellers on future aircraft.
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A
PYLON CHORDWISE BLOWING

The trailing-edge blowing technique discussed in Chapter 11 proved successful in allevi-
ating the noise penalty due to the wake encounter that occurs for pusher propellers. How-
ever, the chapter also showed that a further improvement of the wake uniformity is needed
to eliminate the noise penalty at low propeller thrust setting and at nonzero angle of at-
tack. Both these issues can be solved by using a chordwise blowing system, which features
a blowing slot positioned along the chord on both the upper and lower side of the pylon.
This chapter discusses the sensitivity of the wake uniformity obtained with such a chord-
wise blowing system to the slot position, the slot height, and the blowing coefficient, and
compares the resulting wake characteristics to those obtained with trailing-edge blowing.
Also, the performance at nonzero angle of attack is evaluated. In contrast to the work pre-
sented in the body of this thesis, a numerical approach was taken, since this allowed for
a faster parameter study in which the geometry of the blowing system was varied system-
atically. The propeller response was not considered in the analyses. The results provide
novel insight into the working principles of chordwise blowing, complementing previ-
ous work which confirmed that chordwise blowing leads to a more uniform wake than
trailing-edge blowing. The setup of the CFD simulations is introduced in Section A.1. By
comparing the downstream wake uniformity for a range of blowing slot parameters, Sec-
tion A.2 then illustrates the sensitivity of the wake flowfield to the layout of the blowing
system. Thereafter, Section A.3 discusses the robustness of the chordwise blowing system
under asymmetric inflow conditions. Finally, the key findings are stated in Section A.4.

A.1. COMPUTATIONAL SETUP
The flow around a two-dimensional pylon profile with a chordwise blowing system was
investigated numerically, with the goal of finding the optimal design for mitigating the
velocity deficit in the downstream wake. In this case, the choice was made for computa-
tions instead of experiments since this allowed for various geometry modifications (slot
location, slot height) without the need for a large number of wind-tunnel models.

The contents of this chapter have been adapted from Ref. [104].
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A.1.1. GEOMETRY
A symmetric NACA 0010 airfoil was modified to incorporate chordwise blowing slots on
both upper and lower surfaces, as shown in Fig. A.1. The blowing slots were introduced
by an inward displacement of the profile downstream of the blowing slot. The magnitude
of the vertical shift was based on the selected blowing-slot height. The combination of
chord length and operating conditions was chosen such that the chordwise Reynolds
number was Rec = 1.9 ·106. The numerical results were validated using different geome-
tries and operating conditions, imposed by those considered in the experiments from
which data were available. The details are discussed in Ref. [104] for the chordwise and
trailing-edge blowing configurations separately.

X      / cslot

h      / cslot

c

Figure A.1: Considered layout of airfoil with chordwise blowing system.

A.1.2. MODELING
The flowfield around the pylon was simulated by solving the Reynolds-averaged Navier–
Stokes equations using ANSYS® Fluent release 15.0 [158]. Steady-state simulations were
performed, in which the pylon boundary layer was considered as fully turbulent. A num-
ber of turbulence models were tested for their predictive capability of the pylon-wake
flow, using experimental data measured by Nakayama [159]. The numerical data com-
puted using the different turbulence models were compared to the experimental results
in terms of the wake width, wake area, and maximum deficit in the wake at X /c = 1.01.
The Spalart–Allmaras turbulence model resulted in the smallest offset from the experi-
mental data by Nakayama, and was therefore selected for all subsequent computations.

The solutions were obtained using a pressure-based solver with a segregated algo-
rithm. The interpolation procedures for momentum and eddy viscosity were carried
out with a second-order upwind scheme, while a least-squares cell-based approach was
used to calculate the gradients of scalar variables. The coupling of pressure and veloc-
ity was done with the SIMPLEC (Semi-Implicit Method for Pressure-Linked Equations-
Consistent) algorithm, while the pressure interpolation was performed with a second-
order scheme. The solution was initialized from the inlet boundary condition to start
the iterative process used to reach a converged solution. Convergence of the numerical
solution was monitored using the integral of the velocity magnitude in the pylon wake.

The flow domain and the respective boundary conditions used for the simulations
are shown in Fig. A.2. Velocity inlet and pressure outlet (p = patm) boundary conditions
were prescribed on the inlet and outlet boundaries. For symmetric inflow conditions
(α = 0 deg), the upper and lower walls were treated as slip walls. As discussed below, it
was verified that the walls were sufficiently far away from the airfoil to model the velocity
perturbations on them as zero. In case of asymmetric inflow (α 6= 0 deg), the upper
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Aand lower boundaries were treated as velocity inlets. The airfoil model was defined as
solid wall, while the outflow from the blowing slots was specified using velocity-inlet
boundary conditions, defined in the direction normal to the slot outlet. This means that
the flow from the slots was uniform, whereas in practice the boundary layer inside the
blowing system will play a role with respect to the occurrence of vorticity and the mixing
process. Such effects are ignored in the present study.

2L

L

R

c

Airfoil

Pressure
outlet

Slip wall 

Slip wall 

Velocity
inlet

Figure A.2: Flow domain and boundary conditions for the simulations with symmetric inflow conditions.

Five domains of increasing size (R/c = L/c = 20,40,100,200,500) were tested on a
baseline airfoil case without blowing to select the smallest domain for which the solution
was found to be independent of the domain size. This was assessed by extracting velocity
profiles in the pylon wake at X /c = 1.01, and investigating the wake width, area, and
maximum deficit for the five domain sizes. The corresponding results are depicted in Fig.
A.3, in which the data are normalized with the values obtained for the largest domain. It
can be seen that from a domain size of R/c = L/c = 40 onward, the results were within
approximately 1% of the data computed with the largest domain. Therefore, this domain
size was considered adequate and was selected for all subsequent simulations.
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Figure A.3: Domain dependence of the maximum velocity deficit, wake width, and integral deficit in the wake.
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A structured multiblock C-mesh was generated for the domain around the airfoil.
Refinements were applied to capture the flow physics downstream of the blowing slots
and in the wake region. The normal spacing at the first cell adjacent to the airfoil sur-
face was chosen to lie at y+ ≤ 1, inside the viscous sublayer of the developed bound-
ary layer. Appropriate regions of refinement were determined from the results of the
mesh-convergence study described in Ref. [104]. The final mesh used for the chordwise
blowing layout featured a y+ value of 0.25 and consisted of about 3.5 ·105 quadrilateral
elements. It is shown in Fig. A.4.

Figure A.4: Visualization of the final mesh used for the simulations of the chordwise blowing layout.

A.1.3. TEST CASES
The objective of the blowing-system design was to minimize the nonuniformity of the
pylon wake. The optimization was performed following an exhaustive-search approach,
involving three design variables:

1. Chordwise location of blowing slots: the chordwise location of the slots Xslot/c
drives the uniformity of the blown wake. By moving the slots upstream, the dis-
tance available for the blown jets to mix with the external flow can be increased, at
the cost of additional momentum deficit generated downstream of the slots.

2. Slot height: the slot height hslot/c was considered as the most important geomet-
rical characteristic of the blowing slot itself. For a given outflow momentum, the
slot height affects the velocity of the blown jet.

3. Slot blowing coefficient: the slot blowing coefficient Cµ is a measure of the mo-
mentum of the air blown into the pylon wake. For an incompressible flow with
equal densities of the freestream and blown air, Cµ is defined as:

Cµ = 2
hslot

c

V 2
j

V 2∞
. (A.1)

Note that the blowing coefficient defined by Eq. A.1 is different from the one used
in the study of trailing-edge blowing discussed in Chapter 11 (see Eq. 5.1). In that
case, the jet velocity at the slot outlet was unknown, and thus an alternative defi-
nition was used.
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AThe distinct levels considered for the design variables are listed in Table A.1. A relatively
large number of different blowing coefficients was analyzed to account for the sensitiv-
ity of the blown wake profiles to the blowing rate. Note that the values of the blowing
coefficient are defined per slot. The wake uniformity was evaluated along lines at three
different axial positions in the pylon wake, as illustrated in Fig. A.5. These positions
were selected to span the typical range of pylon–propeller spacings observed for pusher-
propeller configurations. Table A.2 provides a complete overview of the flow conditions
considered in the design study. The optimization was performed for symmetric inflow
only. The optimized configuration was then used to perform analyses with asymmetric
inflow conditions, as discussed in Section A.3.

Table A.1: Considered values of the design variables.

Xslot/c hslot/c Cµ

0.6 5.0 ·10−4 0.0000 0.0087 0.0128
0.7 7.5 ·10−4 0.0009 0.0094 0.0130
0.8 1.0 ·10−3 0.0020 0.0102 0.0132
0.9 0.0036 0.0109 0.0134

0.0056 0.0117 0.0138
0.0068 0.0121 0.0142
0.0080 0.0126

h / c = 0.05

X / c = 1.05,1.15,1.25 

Y
X

Figure A.5: Locations of the wake survey planes used in the design study.

Table A.2: Flow conditions considered in the optimization study.

Parameter Symbol Value
Angle of attack α 0 deg

Freestream velocity V∞ 30 m/s
Atmospheric pressure patm 101,325 Pa

Density ρ∞ 1.1835 kg/m3

Dynamic viscosity µ∞ 1.848 ·10−5 kg/(m · s)
Reynolds number Rec 1.9 ·106
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A.1.4. QUANTIFICATION OF WAKE UNIFORMITY
The response of the propeller with the pylon installed is a function of both the integral
velocity deficit and the maximum velocity perturbation in the wake. To quantify the uni-
formity of the blown pylon wake, an integral criterion was therefore defined that includes
both the total area of the velocity deficit as well as the maximum relative velocity deficit
or overshoot in the wake. The resulting parameter is referred to as the W-criterion, and
was defined as:

W = A ·max

∣∣∣∣1− V

Ve

∣∣∣∣ , (A.2)

with an integral wake velocity deficit A defined as:

A =
+bw/c∫

−bw/c

∣∣∣∣1− V

Ve

∣∣∣∣d Y

c
. (A.3)

The semiwidth of the wake bw/c was taken as the distance between the wake center and
the vertical position Y /c at which the nondimensional velocity gradient was larger than
0.1 for the first time, starting from outside of the wake. This is illustrated in Fig. A.6.

0.96

0.97

0.98

0.99

1.00

1.01

−0.04 −0.02 0.00 0.02 0.04
0

1

2

3

4

5

Vertical coordinate Y / c 

V
el

oc
ity

 g
ra

di
en

t  
|  

   
   

   
| |V| / V ∞

dV dY
c V ∞

|            | d|V|
dY

c
V∞

b   / cw

|          | = 0.1dV
dY

c
V∞

V
el

oc
ity

 m
ag

ni
tu

de
 |V

| /
 V ∞

Figure A.6: Determination of the wake semiwidth for an example blown wake profile.

A.2. WAKE UNIFORMITY IN SYMMETRIC INFLOW

A.2.1. EFFECT OF CHORDWISE SLOT LOCATION
Simulations were performed for each combination of the values of the design variables
given in Table A.1. Initially, the effect of the chordwise slot location and blowing coeffi-
cient were determined with the slot height fixed at hslot/c = 1.0 ·10−3. Figure A.7 shows
the response surface of the W-criterion (Eq. A.2) as extracted from the wake plane at
X /c = 1.25 as a function of chordwise slot location and blowing momentum coefficient.

It can be seen in Fig. A.7 that optimal wake filling (minimum value of W ) occurred
for a slot located at Xslot/c = 0.7 and a blowing momentum coefficient of around Cµ =
0.0130. At lower blowing coefficients (Cµ ≤ 0.010), the blown jets were not sufficiently
strong to overcome the momentum deficit of the boundary layer upstream and down-
stream of the slots, resulting in a type-A velocity profile (Fig. 2.18). For these cases, the
wake uniformity improved by moving the slot toward the pylon trailing edge. At higher
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Figure A.7: Wake uniformity versus chordwise slot location and blowing coefficient; X /c = 1.25,
hslot/c = 1.0 ·10−3.

blowing settings, on the other hand, a downstream slot location provided insufficient
distance for the blown jets to mix with the external flow and the wake profile to be-
come uniform, leading to a type-C velocity profile (Fig. 2.18). Therefore, the most fa-
vorable chordwise slot location was shifted upstream, until the optimum was reached at
Xslot/c = 0.7 with a blowing momentum coefficient of Cµ = 0.0130.

The development of the pylon wake in the streamwise direction is important for the
selection of the optimal pylon–propeller spacing for pusher-propeller configurations.
Therefore, the wake characteristics were also extracted at X /c = 1.05 and X /c = 1.15.
Figure A.8 presents the sensitivity of the wake uniformity to the axial position in the py-
lon wake. The best performing slot parameters and the resulting minimum value of the
W-criterion at the three axial positions are summarized in Table A.3. Further optimiza-
tion work with more sophisticated methods could refine the optima obtained with the
exhaustive-search approach taken in this chapter.

Table A.3: Maximum wake uniformity versus axial distance from the pylon trailing edge; hslot/c = 1.0 ·10−3.

X /c X ∗
slot/c C∗

µ log10 (W ∗)
W ∗−WCµ=0

WCµ=0

1.05 0.8 0.0121 −4.12 −97.7%
1.15 0.7 0.0130 −5.04 −99.5%
1.25 0.7 0.0130 −5.57 −99.8%

Figure A.8 and Table A.3 show that the wake uniformity improves with increasing dis-
tance from the trailing edge of the pylon. This is as expected considering the associated
increase in length available for the blowing jets to mix with the freestream flow. Close to
the pylon trailing edge, the sensitivity of the wake uniformity to the axial position X /c is
stronger than further downstream. This can be seen in Fig. A.8 and Table A.3 by noting
that the decrease of the value of the W-criterion upon moving from location X /c = 1.05
to X /c = 1.15 is larger than when going from X /c = 1.15 to X /c = 1.25. At the most
downstream wake plane considered (X /c = 1.25), a maximum improvement of the wake
uniformity of 99.8% was achieved compared to the unblown result.
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Figure A.8: Sensitivity of wake uniformity to axial position in the pylon wake; hslot/c = 1.0 ·10−3.

From Fig. A.8 it can be concluded that the optimal blowing coefficient decreases
upon moving the slot closer to the trailing edge of the pylon, at all axial evaluation planes
considered. For slots located close to the trailing edge, the distance available for the
blown jets to mix with the external flow is relatively short, resulting in a type-C veloc-
ity profile (Fig. 2.18) with a pronounced overshoot in the velocity profile caused by
the blowing jets. By reducing the blowing coefficient, this overshoot is minimized and
thereby the wake uniformity improved. However, because of the reduced blowing rate
the momentum deficit associated with the boundary layer upstream of the blowing slots
is compensated less effectively. Therefore, the resulting wake is less uniform than for a
configuration with the blowing slots positioned more upstream.

The sensitivity of the wake uniformity to the blowing coefficient, shown in Fig. A.8,
confirms the previous conclusions drawn based on Fig. A.7. The wake uniformity ini-
tially improves with increasing blowing coefficient, until an optimum is reached after
which the uniformity decreases again upon further increasing the blowing rate. This is
clearly visible in the velocity distributions in the pylon wake, which are plotted in Fig.
A.9 for a blowing slot location of Xslot/c = 0.7. At the best of the considered blowing
coefficients (Cµ = 0.0130), the velocity throughout the entire pylon wake is within 1%
of the local velocity outside of the wake. For this case, the shape of the velocity profile
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Acorresponds to the type-B profile shown in Fig. 2.18. The change in wake uniformity
around the optimum value of the blowing coefficient is relatively steep, highlighting the
sensitivity of the wake uniformity to the blowing coefficient.
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Figure A.9: Velocity profiles in the pylon wake; X /c = 1.25, Xslot/c = 0.7, hslot/c = 1.0 ·10−3.

To investigate the relation between the velocity distribution in the wake and the
boundary layer of the pylon, the velocity profiles along vertical lines normal to the airfoil
are plotted in Fig. A.10. Three different chordwise positions are considered, all on the aft
part of the pylon. For comparison reasons, the results obtained at blowing coefficients
below (Cµ = 0.0109) and above (Cµ = 0.0142) the optimal value are also included.
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Figure A.10: Velocity profiles in the blown pylon boundary layer; Xslot/c = 0.7, hslot/c = 1.0 ·10−3.

The boundary-layer profiles given in Fig. A.10 show that the blowing jet accelerates
the flow near the wall, leading to a local velocity overshoot. Away from the surface, the
momentum deficit of the boundary layer formed upstream of the blowing slot is visible,
causing a velocity deficit. The velocity deficit and overshoot should mix to end up with a
uniform wake profile. This is illustrated in Fig. A.11, which displays the boundary-layer
profiles and resulting wake-velocity distribution at the lowest and highest blowing coef-
ficients considered in Fig. A.10. The unblown case is also included. It can be seen that
the central minimum in the wake profile is the result of the velocity deficit caused by the
development of the boundary layers downstream of the blowing slot. The two maxima,
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on the other hand, are the result of the extra momentum blown from the slots on both
surfaces of the pylon. Finally, the two velocity minima near the wake edges are due to
the remainder of the thick boundary layer that develops on the pylon surface upstream
of the blowing slots. This part of the boundary layer is accelerated by the blown jets, re-
sulting in an almost uniform wake profile at the considered axial location downstream
of the pylon trailing edge.

X

Y

X / c = 0.70 X / c = 0.80 X / c = 0.90
X / c = 0.99

X / c = 0.70 X / c = 0.80
X / c = 0.90 X / c = 0.99 C   = 0.0109 μ

C   = 0.0142 μ

Unblown

X / c = 1.25

Figure A.11: Typical boundary-layer development and wake velocity profiles for different blowing coefficients.

Comparing the boundary-layer profiles and the resulting velocity distributions in the
wake, it is clear that the uniformity of the pylon wake depends on the magnitude of the
velocity overshoot in the boundary layer. A certain overshoot is required to compensate
for the momentum loss downstream of the blowing slot. However, if the overshoot is too
large then the wake profile will be characterized by a velocity overshoot, reducing the
uniformity of the propeller inflow. This confirms the conclusion that a trade-off needs
to be made between the chordwise position of the slot and the blowing momentum co-
efficient to achieve the most uniform velocity distribution in the pylon wake.

A.2.2. EFFECT OF SLOT HEIGHT
So far, the slot height was ignored in the process of determining the optimal blowing
configuration. To illustrate its effect on the wake uniformity, Fig. A.12 plots the trend of
the W-criterion versus blowing coefficient for the three different slot heights considered
in the design study. The chordwise slot location was set to the optimal value identified
before (Xslot/c = 0.7), while additional blowing rates were considered to increase the res-
olution around the blowing coefficients leading to optimal wake uniformity. It can be
seen that the slot height has a small impact on the uniformity of the pylon wake. The
blowing coefficient required to achieve optimum wake filling decreases slightly with de-
creasing slot height. This is due to the different shapes of the velocity profile exiting
from the blowing slots. By decreasing the slot height, the velocity profile of the blown
jet becomes more parabolic. Moreover, at a given blowing coefficient the velocity of the
blowing jet is increased. This affects the mixing with the external flow, thereby modifying
the velocity profile in the downstream wake. This implies that considering the blowing
coefficient alone is not sufficient to accurately compare the wake filling potential of con-
figurations with different slot heights.
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Figure A.12: Effect of slot height on the wake uniformity; Xslot/c = 0.7.

For the considered chordwise slot location and blowing coefficients, the slot height
of hslot/c = 7.5 ·10−4 provided the most uniform wake. For this case, the higher velocity
of the blowing jets resulted in a better filling of the velocity deficit near the edges of the
wake than for the configuration with hslot/c = 1.0 ·10−3. The velocity overshoots around
the centerline of the wake, on the other hand, were hardly affected. For the configuration
with the smallest slot height (hslot/c = 5.0 ·10−4), the higher velocity of the blowing jets
caused this velocity overshoot to increase, leading to a reduced optimal wake uniformity.

Even though optimal wake uniformity was achieved for a slot height of hslot/c =
7.5 · 10−4, the results discussed in the remainder of this chapter were obtained using a
slot height of hslot/c = 1.0 ·10−3. This allows for a better comparison with the results pre-
sented so far. Also, it prevents issues for the cases at nonzero angle of attack, for which
the velocity of the blowing jets would have become too high for the cases with smaller
slot heights for the incompressible-flow assumption to hold.

A.2.3. EFFECT OF REYNOLDS NUMBER
To assess the sensitivity of the performance of the blowing system to the Reynolds num-
ber, simulations were also performed at a Reynolds number representative of a full-scale
pylon design. This was achieved by decreasing the viscosity by a factor of ten, while keep-
ing the velocity constant. As a result, the Reynolds number was ten times higher than the
default Reynolds number (see Table A.2). Figure A.13 shows the resulting contours of the
W-criterion as a function of chordwise slot location and blowing coefficient.

Compared to the results obtained at the reference Reynolds number (Fig. A.7), Fig.
A.13 shows that an increase in Reynolds number leads to an increase of the maximum
wake uniformity, which is reached at a lower blowing coefficient. This is as expected,
considering that the boundary-layer thickness decreases with increasing Reynolds num-
ber. As a result, less momentum deficit needs to be compensated for by the blowing sys-
tem, and hence a lower value of the blowing coefficient is required to optimize the wake
uniformity. The optimal chordwise slot location remained unchanged compared to the
results obtained at the reference Reynolds number. Apparently, the trade-off between
boundary-layer thickness upstream of the slot and boundary-layer growth downstream
of the slot remained unchanged despite the increase of the Reynolds number. This was
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Figure A.13: Wake uniformity versus chordwise slot location and blowing coefficient; X /c = 1.25,
hslot/c = 1.0 ·10−3, Rec = 1.9 ·107.

confirmed by analysis of the development of the wake uniformity with blowing coeffi-
cient at each of the slot locations considered, which was similar to that shown in Fig. A.8
for the reference Reynolds number.

A.2.4. COMPARISON WITH TRAILING-EDGE BLOWING
The goal of positioning the blowing slots along the pylon chord is to increase the uni-
formity of the blown wake with respect to a trailing-edge blowing layout. Figure A.14
compares the best available velocity profiles at X /c = 1.25 obtained using the two types
of blowing system. The geometry used for the trailing-edge blowing case was the same
as for the validation study discussed in Ref. [104]. Therefore, the slot height was larger
than for the chordwise blowing system.
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Figure A.14: Best available velocity profiles with chordwise (CW) and trailing-edge (TE) blowing; X /c = 1.25.

Figure A.14 illustrates the superior performance of the chordwise blowing layout,
which provides a much higher wake uniformity than achieved with the trailing-edge
blowing system, at a lower mass flow. The boundary layer at the pylon trailing edge is
thicker than upstream of the chordwise blowing slot. Therefore, the wake thickness is
larger with trailing-edge blowing than for the chordwise blowing case. Moreover, with
trailing-edge blowing the available distance for mixing of the blown jets with the external
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Aflow is reduced when compared to chordwise blowing. Consequently, the velocity over-
shoot in the wake due to the high-momentum blowing jets is much more pronounced
with trailing-edge blowing. Also, the deficit due to the pylon boundary layer is filled less
effectively, leading to a type-C velocity profile (Fig. 2.18) with relatively strong remaining
velocity fluctuations. The experimental analysis of Chapter 11 identified a wake profile
with similar characteristics to result in the lowest unsteady propeller blade loading and
associated noise penalty for a semi-installed pusher propeller. This confirms that the
W-criterion (Eq. A.2) is a relevant measure for the uniformity of the blown pylon wake.

A.3. WAKE UNIFORMITY IN ASYMMETRIC INFLOW
In case of operation in asymmetric inflow, the wake filling is more challenging. Since the
boundary-layer characteristics are now different on both sides of the pylon, the resulting
wake will be asymmetric. As a result, the efficacy of the symmetric trailing-edge blow-
ing approach is reduced significantly. This was discussed in Chapter 11. With chordwise
blowing, on the other hand, the blowing coefficient can be optimized on each surface
individually. Moreover, since the mixing between the high- and low-momentum flows
already starts at the pylon surface, the asymmetry of the wake presents a smaller chal-
lenge for optimal wake filling.

It was shown before in Fig. A.11 that the wake uniformity depends on the veloc-
ity overshoot and deficit in the boundary-layer profile leaving the pylon surface. The
boundary-layer characteristics in turn are a function of the combination of slot loca-
tion and blowing coefficient. Therefore, for a fixed slot location, the blowing coefficient
can be controlled to arrive at an optimally filled wake. To find the blowing coefficients
required when operating at nonzero angle of attack, it is assumed here that a linear rela-
tion exists between the optimal blowing coefficient and the boundary-layer thickness at
the slot location δXslot /c:

C∗
µ =λδXslot

c
, (A.4)

with λ a sensitivity parameter. Based on the simulations performed for the symmetric
case, the value of λ was found to equal 0.99 for the configuration studied in this chapter.
To successfully apply Eq. A.4, first the boundary-layer thickness at the location of the
blowing slots needed to be found for each of the considered angles of attack. This was
done by performing a simulation for the unblown configuration at each of the desired
angles of attack. Subsequently, Eq. A.4 was applied to determine the required blowing
rates on both sides of the pylon. The corresponding results are given in Table A.4 for
angles of attack of 3, 6, 9, and 12 degrees. For reference, the data for the symmetric
inflow case are also included.

The blowing coefficients provided in Table A.4 were used to simulate the flowfield
around the blown pylon at nonzero angle of attack. For each angle of attack, also a simu-
lation was performed using the optimal blowing coefficient obtained for the symmetric
case. In this way, the improvement in wake uniformity achieved by applying the asym-
metric blowing approach could be quantified. Figure A.15 compares the computed wake
uniformity as a function of angle of attack for the symmetric and asymmetric blowing
approaches. For reference, the unblown results are also included.
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Table A.4: Boundary-layer thickness and required blowing rate versus angle of attack for upper (u) and lower
(l) sides of the pylon.

α [deg] δu/c δl/c
(
C u
µ

)∗ (
C l
µ

)∗
0 0.0131 0.0131 0.0130 0.0130
3 0.0155 0.0114 0.0153 0.0112
6 0.0189 0.0099 0.0187 0.0098
9 0.0240 0.0088 0.0237 0.0087

12 0.0317 0.0078 0.0313 0.0077
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Figure A.15: Effect of angle of attack on the wake uniformity; X /c = 1.25.

Figure A.15 confirms that, even under asymmetric flow conditions, chordwise blow-
ing still leads to significant filling of the downstream wake. The asymmetric blowing ap-
proach, following Eq. A.4, leads to better results than blowing at the optimal coefficient
determined for the symmetric inflow case. This confirms that the blowing rate needs
to be matched with the local boundary-layer characteristics. Compared to the unblown
case at the same angle of attack, a reduction in W-criterion of 98.4% was achieved at
α= 9 deg. The corresponding velocity profile is depicted in Fig. A.16. When operated at
a nonzero angle of attack, the distance required for the blown jet to mix with the external
flow is longer on the upper surface of the pylon on which the boundary layer is thicker
than on the lower surface. In fact, the thickness of the boundary layer on the suction
side was too large to be filled completely, causing a remaining velocity deficit around
Y /c = 0.035 in the velocity profile obtained using asymmetric blowing. As a result, the
uniformity of the blown wakes decreased slowly with increasing angle of attack.

The successful wake filling illustrated in Fig. A.16 confirms the applicability of Eq.
A.4. Despite the complex flow physics involved, the use of a linear relation between
required blowing coefficient and boundary-layer height resulted in effective wake filling
at nonzero angle of attack. Further improvements of the wake uniformity in asymmetric
inflow could be achieved by taking the values obtained from the simplified relation of
Eq. A.4 as the starting point of a more in-depth optimization study.
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Figure A.16: Wake velocity profiles at α= 9 deg; X /c = 1.25.

A.4. KEY FINDINGS
This chapter has discussed a numerical analysis of a chordwise blowing system, targeted
at minimizing the nonuniformity of a pylon wake. Such a blowing system is relevant
for pusher-propeller configurations, for which the propellers operate in the wake of the
upstream support pylon. It was concluded that the optimal chordwise location of the
blowing slot is determined by a compromise between the boundary-layer thickness at
the blowing slot, the boundary-layer development downstream of the blowing slot, and
the distance available for the blown jets to mix with the external flow. For the considered
configuration and design options, a chordwise slot location around X /c = 0.7 was found
to provide the best performance. The blowing coefficient should be selected such that a
velocity overshoot occurs in the boundary layer directly downstream of the blowing slot.
In this way, the low-momentum flow associated with the boundary layer downstream
of the blowing slot can be compensated by mixing, resulting in the most uniform wake
possible. With the optimal slot location and momentum coefficient defined, the impact
of the slot height was found to be comparatively small.

Using the optimal slot parameters, the chordwise blowing system provided almost
full elimination of the wake under symmetric inflow conditions, with a reduction in
nonuniformity of 99.8% compared to the unblown case. Increasing the Reynolds num-
ber to values representative of a full-scale design further improved the wake uniformity,
while lowering the required blowing coefficient. For comparison reasons, a trailing-edge
blowing case was also evaluated. The optimal wake uniformity achieved with trailing-
edge blowing was significantly less than that obtained using chordwise blowing, and re-
quired a higher blowing rate. This was the result of both the thicker boundary layer at
the location of the blowing slot at the trailing edge and the reduced distance from the
blowing slot to the evaluation plane in the downstream wake.

At nonzero angle of attack, the boundary layer develops differently on the pylon’s
upper and lower sides. As a result, different blowing rates are required from the two
slots to achieve a uniform wake. An empirical relation was defined between the blow-
ing coefficient required for optimal wake filling and the boundary-layer thickness at the
blowing slot, based on the data obtained for the case with symmetric inflow. The re-
lation was successfully applied to find the required asymmetric blowing rates for cases
with nonzero angle of attack. This confirms the potential of chordwise blowing in real-
istic flight scenarios, in which the pylon–propeller combination can operate at an angle
of incidence to the incoming flow.
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